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Subscripts

[ ] 30 -parameter corresponding to 30% 𝑓 𝑐 stress.

[ ] 60 -parameter corresponding to 60% 𝑓 𝑐 stress.

[ ] 𝑑 -deviatoric component.

[ ] 𝑠 -spherical component.

[ ] + -positive part of tensor.

[ ] --negative part of tensor.

[ ] 11 -axial parameter.

[ ] 22 -transverse parameter.

[ ] 𝑎𝑔 , [ ] 𝑎𝑔 -parameter corresponding to aggregates.

[ ] 𝑑 -parameter corresponding to damaged elements.

[ ] 𝑖𝑟 -irreversible creep strain.

[ ] 𝑖 , [ ] 𝑖 -parameter corresponding to interfaces.

[ ] 𝑚 , [ ] 𝑚 -parameter corresponding to matrix.

[ ] 𝑟 -reversible creep strain.

Chapter 1 Introduction

Industrial background: nuclear civil engineering structures

Delayed long-term strains of concrete caused by creep are a known problem leading to the loss of pre-stress in reinforced concrete structures [START_REF] Charpin | A 12year EDF study of concrete creep under uniaxial and biaxial loading[END_REF]. Excessive deflections in bridges and columns followed by excessive stresses, cracking and exhaustion of serviceability lead to the ultimate limit state (ULS) or service limit state (SLS). This topic is of particular interest for the French nuclear power industry [START_REF] Asn | Rapport sur l'état de la sûreté nucléaire et de la radioprotection en France en[END_REF]. The major part of electric power in France is derived from nuclear energy (≈ 86% in 2018 ). Electricité De France (EDF) has a nuclear fleet that covers 19 sites called CNPEs (Centres Nucléaires de Production d'Electricité) with 58 nuclear reactors.

The containment building is the final barrier implemented to protect the biosphere from the release of radioactive species in case of a severe accident. Sometimes called third containment barrier for French reactors, it must confine radioactive substances in the event of failure of the fuel rod cladding (first barrier) and reactor primary cooling circuit (second barrier). The best possible leak tightness for the containment building must therefore be sought from design on and throughout the service life of the facility [START_REF] Bentaïb | Nuclear power reactor core melt accidents : current state of knowledge[END_REF]. The containment performance of these buildings is evaluated periodically and must satisfy safety criteria in order to continue operating the reactor.

Three designs of concrete containments (Figure 1.1) were built throughout the history of the current French nuclear fleet:

• the containment of 900 MWe reactors that consist of a single pre-stressed concrete wall (concrete with steel cables stretched to compress the structure). The seal is provided by a steel liner covering the entire inner face of the concrete wall;

• the 1,300 and 1,450 MWe reactors have two walls, namely, the pre-stressed concrete inner wall and the reinforced concrete outer wall, and no steel liner to ensure leak tightness. The air tightness is ensured by the internal wall and by a ventilation system, which ensures the collection and filtration before rejection of residual leaks of the internal wall. The resistance to external aggression is mainly ensured by the outer wall.

• the 1,650 MWe reactor (European Pressurized Reactor or EPR) consists of two walls and a metallic liner that covers the entire inner face of the inner wall. www.edf.fr/groupe-edf/information-sur-l-origine-de-l-electricite-fournie-par-edf 1 Chapter 1. Introduction The EDF fleet is made up of 34 "single wall" containment buildings called "ESPs" (enceintes à simple paroi) and 24 "double wall" containment buildings called "EDP" (enceinte à double paroi). In the cylindrical part of the inner wall of the concrete containment building (CCB) of EDPs, the horizontal and vertical pre-stressed cables induce in concrete an average state of stress of 12 MPa horizontally and 8.5 MPa vertically [START_REF] Charpin | A 12year EDF study of concrete creep under uniaxial and biaxial loading[END_REF]. The main risk faced by EDPs is the consequence of excessive unloading of concrete due to delayed strains of the internal wall. Beyond the purely elastic contraction of concrete, the high pre-stresses result in delayed contraction : creep coupled with drying shrinkage.

EDPs are subject to faster creep kinetics than ESPs because, on the one hand, the inner surface of the inner wall is in contact with the air around the reactor, which is generally lukewarm. On the other hand, the outer surface is in the space between walls and not subjected to cycles of partial rehydration due to rainfalls [START_REF] Gallitre | Durée de vie des enceintes de confinement[END_REF]. Such environment accelerates drying of concrete, which increases the rate of creep and shrinkage. The consequence of creep and shrinkage is that under the high internal pressure, for example in a testing situation, the structure may develop local tensile stresses due to the relaxation of pre-stresses.

The cracks formed at a very young age of concrete that had been closed due to pre-stressing may then re-open. It is also possible to reach local tensile stress states in concrete to initiate new cracks. In the latter case, these phenomena are "isolated" cracks in singular areas but their opening may lead to significant local leakage [START_REF] Gallitre | Durée de vie des enceintes de confinement[END_REF]. Besides, the overall leak rate increases due to diffuse damage, which grows over time under normal operating conditions due to drying shrinkage and loss of pre-stress. Therefore, the safety of the double wall CCBs primarily depends on the integrity of concrete. The air tightness of the post-tensioned CCB wall is largely dependent on the compressive stress level induced by pre-stressing, which decreases over the years as a result of concrete shrinkage and creep. To prevent potential corrosion-induced brittle failure of tendons, their ducts are cement-grouted, which precludes possible lift-off tests or subsequent re-tensioning procedures. The compressive state has thus to remain high enough so that in case of an accident, and during control tests, the CCBs remain in compression, including singular areas of the structure [START_REF] Charpin | A 12year EDF study of concrete creep under uniaxial and biaxial loading[END_REF].

As reported by [START_REF] Gallitre | Durée de vie des enceintes de confinement[END_REF], delayed strains in CCBs may reach levels of 3 -5 × 10 -4 during the operation time (Figure 1.2), which is reflected as a loss of pre-stress in steel cables equal to ≈ 60 -100 MPa. 

Motivation of the study

All time-dependent phenomena that may potentially induce a decrease of pre-stressing have to be studied and quantified in order to predict the change of pre-stress and hence the air leak rate, which is useful to optimize maintenance and repair

operations. An allowed maximum leakage criterion was defined at 1.5% of the air mass per day. According to the French nuclear regulations, this criterion is checked each decade during a CCB pressurization test, which is designated as Integrated Leak Rate Test (ILRT).

The need to predict long-term creep strains of CCBs led EDF to launch a comprehensive research program in order to develop new constitutive models that take into account, among other phenomena, the effects of aging [START_REF] Granger | Comportement différé du béton dans les enceintes de centrales nucléaires : analyse et modélisation[END_REF][START_REF] Benboudjema | Modelisation des deformations differees du beton sous sollicitations biaxiales. Application aux enceintes de confinement de batiments reacteurs des centrales nucleaires[END_REF][START_REF] Reviron | Etude du fluage des bétons en traction. Application aux enceintes de confinement des centrales nucléaires à eau sous pression[END_REF]Hilaire, 2014;[START_REF] Asali | Modelisation et prévision du comportement thermo-hydro-mécanique d'une paroi en béton[END_REF][START_REF] Aili | Shrinkage and creep of cement-based materials under multiaxial load: poromechanical modeling for application in nuclear industry[END_REF][START_REF] Huang | Comportement vieillissant du béton en fluage : application au béton VeRCoRs[END_REF][START_REF] Kinda | Impact of drying rate on delayed strain behavior of cement-based materials -experimental and numerical study[END_REF]. In 2013, EDF launched a large experimental program called VeRCoRs (for VErification Réaliste du Confinement des Réacteurs), designed to improve the macroscopic models and better understand CCB aging [START_REF] Charpin | Ageing and air leakage assessment of a nuclear reactor containment mock-up: VERCORS 2nd benchmark[END_REF]. The VeRCoRs mock-up is a 1/3 scale copy of an EDP of a 1,300 MWe nuclear reactor. Reducing the scale of the CCB by 3 times allowed ×9 faster drying and aging processes to be obtained. The mock-up was thoroughly instrumented with sensors, providing data on strains, pre-stress loss, temperature and hydric profiles of concrete of CCB internal wall [START_REF] Mathieu | Temperature and humidity-driven ageing of the vercors mock-up[END_REF]. The acquired data were used to build a digital twin of the CCB used for model calibration and leak rate predictions.

Creep of concrete has been the subject of extensive research for several decades, with some studies dating back to the 1900s (Hatt, 1907). At present, it may be argued that concrete creep is a multicoupled phenomenon that depends on material age and composition, stress state, moisture exchange with the environment, temperature and hydric state. Therefore, numerical models coupling mechanical, thermal, chemical and hydric properties are necessary for reliable predictions [START_REF] Pignatelli | A coupled mechanical and chemical damage model for concrete affected by alkali-silica reaction[END_REF][START_REF] Xotta | Thermo-hygro-mechanical meso-scale analysis of concrete as a viscoelasticdamaged material[END_REF][START_REF] Xiong | A 3D multi-phase meso-scale model for modelling coupling of damage and transport properties in concrete[END_REF][START_REF] Pham | Mesoscale approach to numerical modelling of thermo-mechanical behaviour of concrete at high temperature[END_REF]. The development and calibration of such models is challenging because, despite the existence of commonly used theories and models, the elementary physical mechanisms behind creep flow in concrete and their interaction with phenomena such as drying and microcracking are still open questions.

The creep rate amplifies under loadings outside the linear elastic range of materials. It was linked to microcrack growth, occurring at medium and high stresses [START_REF] Ruiz | Relationship between Nonlinear Creep and Cracking of Concrete under Uniaxial Compression[END_REF]. Additional creep strains, arising under simultaneous loading and drying, which is referred to as drying creep [START_REF] Pickett | The effect of change in moisture content on the creep of concrete under a sustained load[END_REF], are assumed to be partially caused by microcracking too (i.e., structural effect). The viscous behavior of concrete originates at the microscale from the hardened cement paste. Concretes with similar compositions may exhibit very different shrinkage and creep responses [START_REF] Granger | Comportement différé du béton dans les enceintes de centrales nucléaires : analyse et modélisation[END_REF], which indicates the influence of microand mesoscopic properties and processes on delayed strains. Therefore, macroscopic material parameters may not be sufficient for an accurate model description.

Objectives and methodology of the study

This dissertation focuses on creep/microcracking interactions in heterogeneous and homogeneous cementitious materials.

The main objectives of this study are:

• to gain a better understanding on the mechanisms of creep/microcracking coupling with changes in water content;

• to develop a numerical creep/damage model at the mesoscale for the prediction of (long-term) delayed strains.

The first objective calls for an experimental approach that addresses the questions: "how does microcracking influence creep and shrinkage?" and "how does creep affect the material mechanical state?". The second goal implies the need for reliable numerical tools for damage modeling. Therefore, the project involves the study of crack propagation in heterogeneous materials and its modeling. The modeling approach is based on the following hypotheses:

The interactions of creep/damage/drying can be correctly represented at the mesoscale. Two configurations are used in this work: two-phase (inclusions embedded in the matrix) and three-phase (matrix, inclusions and matrix-aggregate interfaces).

Aggregates in mortar are inert and not subjected to delayed deformations such as creep and shrinkage.

The elastic properties, creep and drying shrinkage of the cementitious matrix in mortar are identical to the properties of the pure cement paste.

The drying rate has no intrinsic effect on the magnitude of drying shrinkage and creep strains in the matrix.

The work is divided into several experimental and numerical studies: Chapter 2

Experimental study of delayed strains in cement paste and mortar at the macroscale

Introduction

The first chapter is dedicated to the experimental study of creep/microcracking interaction using macroscopic creep tests and non-destructive or destructive mechanical state evaluation after creep. The proposed approach aims to investigate and decouple the influence on the creep behavior of different Hygro-Mechanical (HM) loading components. The chapter begins with a bibliographic review on creep mechanisms in cementitious materials. The experimental campaign consisted of uniaxial compressive creep tests under different HM loadings on cement paste and mortar. After the creep tests, the same specimens were used for non-destructive Impulse Excitation Technique (IET) measurements of the elastic properties and destructive compression tests.

Bibliographic review

Morphology of hardened cement paste

Concrete is a composite cementitious material that consists of a hardened cement paste (HCP) matrix, embedding coarse (> 4.75 mm) and fine aggregates (< 4.75 mm). The HCP is a product of chemical reactions between anhydrous portland-cement powder, water and additives (i.e., silica fume, fly ash, granulated blast-furnace slag, volcanic glass (ground pumice), calcined clay etc.). The portland cement powder is produced by pulverizing a clinker with ≈ 5% of gypsum (CaSO 4 • 2H 2 O) or calcium sulfate (CaSO 4 ) to control the early setting time [START_REF] Mehta | Concrete: Microstructure, Properties, and Materials[END_REF]. The clinker is a mixture of several compounds produced by high-temperature reactions between calcium oxide (CaO) and silica, alumina, and iron oxides (SiO 2 ,Al 2 O 3 , Fe 2 O 3 ).

The chemical composition of the principal clinker compounds corresponds to C 3 S, C 2 S,C 3 A and C 4 AF . In the ordinary portland cement CEM I (95 -100% pure clinker (AFNOR, 2012b)), their respective amounts can range in 45 -60% , 15 -30%, 6 -12%, 6 -8% [START_REF] Mehta | Concrete: Microstructure, Properties, and Materials[END_REF]. Chapter 2. Experimental study of delayed strains in cement paste and mortar at the macroscale When Portland cement is dispersed in water, the hydration reaction takes place. At early stages, anhydrous compounds are dissolved into their ionic constituents. Interaction between different ions in a solution is followed by formation of hydrates and their eventual precipitation from the saturated solution. At the late hydration stages, the reactions can occur directly at the surface of anhydrous compounds without compound ions going into the solution [START_REF] Mehta | Concrete: Microstructure, Properties, and Materials[END_REF]. First, the needle-shaped crystals of calcium trisulfoaluminate hydrate (ettringite) begin to appear within few minutes. The precipitation of prismatic crystals of calcium hydroxide (portlandite) and fibrous crystals of Calcium Silicate Hydrates (C-S-H ) follows few hours later. After some days, depending on the alumina-to-sulfate ratio of the portland cement, ettringite may become unstable and decompose to form monosulfoaluminate hydrate, which has a hexagonal-plate morphology. Some unhydrated clinker grains may be found in the hardened cement paste even long after hydration was initiated (Figure 2.1). C-S-H deposes mainly around the cement grains, creating a shell that may prevent complete hydration of larger clinker grains [START_REF] Scrivener | Backscattered electron imaging of cementitious microstructures: understanding and quantification[END_REF]. In a completely hydrated cement paste, the C-S-H makes 50 -60% of a solid volume, portlandite 20 -25% and calcium sulfoaluminates (ettringite and monosulfoaluminate) 15 -20%.

In addition to solid, the porous network is formed during hydration process, as the spaces filled by water and dissolving clinker are replaced with hydrate clusters. After the hydration reaction has ceased, the residual water is present in the porous network and hydrates, which makes HCP a partially saturated porous medium. In heterogeneous cementitious materials, the creep is attributed to HCP, since the aggregates are non-viscous. However, the nanoindentation studies showed that only C-S-H exhibits a non-negligible viscous response in a hydrated cement paste [START_REF] Acker | Creep and shrinkage of concrete: physical origins and practical measurements[END_REF]. Moreover, the water content of cementitious materials directly influences the creep rate [START_REF] Acker | Creep and shrinkage of concrete: physical origins and practical measurements[END_REF]. Several proposed creep mechanisms are based on moisture diffusion in cement paste pores and capillary effects. It is important to distinguish porosity and water types in the cementitious matrix.

chemical composition of calcium silicate hydrate varies depending on different factors, C-S-H abbreviation is used as it does not imply a fixed chemical composition Chapter 2. Experimental study of delayed strains in cement paste and mortar at the macroscale

Morphology of C-S-H

C-S-H is a dominant hydrate in HCP microstructure, which consequently largely defines its mechanical properties. But its structure is still the subject of debates. The model proposed by Feldman andSereda (1968, 1970) was considered as satisfactory for the current research evidence (Figure 2.2(a)). In the proposed model, C-S-H is composed of structural blocks similar to tobermorite crystals. The structural blocks consist of fiber/needle structures formed by layered foils. Each foil is made of 2-4 layers of crystalline sheets. An interlayer space may contain water physically adsorbed on the sheet surfaces (Figure 2.2(b)). At relative humidity ℎ = 100%, the thickness of a physically adsorbed water layer is greater than one half of the average interlayer distance. In this case, if the distance between hydrate sheets is not sufficient to fit in between two layers of absorbed water, free physical adsorption is hindered. The hindered water is subjected to a disjoining pressure of water, which is opposed to the attractive van der Waals forces between crystalline sheets. An estimate of the disjoining pressure 𝑝 showed that it can reach very high values (e.g., 𝑝 = 173 MPa at ℎ = 100% and 𝑇 = 25°C in 2 molecule-thick pore [START_REF] Bažant | Thermodynamics of interacting continua with surfaces and creep analysis of concrete structures[END_REF]). Hindered water may locally transfer mechanical loadings and acts as a structural element [START_REF] Benboudjema | Modelisation des deformations differees du beton sous sollicitations biaxiales. Application aux enceintes de confinement de batiments reacteurs des centrales nucleaires[END_REF]. [START_REF] Feldman | A model for hydrated Portland cement paste as deduced from sorption-length change and mechanical properties[END_REF]) and of (b) hindered water site with a connection to capillary pore (reproduced from [START_REF] Bažant | Thermodynamics of interacting continua with surfaces and creep analysis of concrete structures[END_REF]).

In more recent years, colloid models (CM1, CM2) [START_REF] Jennings | A model for the microstructure of calcium silicate hydrate in cement paste[END_REF][START_REF] Jennings | Refinements to colloid model of C-S-H in cement: CM-II[END_REF] were proposed where C-S-H is described as tightly packed basic units referred to as "globules". One unit is a layered brick of C-S-H sheets and water molecule layers with ≈ 4 nm thickness (CM2) [START_REF] Jennings | Refinements to colloid model of C-S-H in cement: CM-II[END_REF]. The porosity is divided in intraglobule pores (IGP, ≤ 1 nm), small gel pores (SGP,(1)(2)(3) between globules, and larger gel pores (LGP,(3)(4)(5)[START_REF] Sayari | 2 Experimental set-up Flexion tests were carried out till the rupture on an Instron ® machine with 250 kN capacity with a closed-loop control on a Crack Mouth Opening Displacement[END_REF](7)(8)(9)(10)(11)(12) between clusters of globules. The colloid models suggest that the behavior of C-S-H can be approached with granular mechanics (Figure 2.3). Figure 2.3: CM2 model. As aging process goes (from left to right), the globules arrangement is changing due to drying, temperature and possible applied stress. In the final state (on the right), the packing is tighter since the globules are aligned and the large porosity is reduced (reproduced from [START_REF] Jennings | Refinements to colloid model of C-S-H in cement: CM-II[END_REF])

Porosity of the cement paste

HCP contains a porous network that has an important influence on its mechanical and transport properties. The porosity size varies in the 10 -3 -10 1 µm range. Pores of a larger diameter facilitate water movement, while pores with smaller diameters hinder water migration. In the case of self-desiccation, capillary tension in smaller pores rises to more elevated pressure values that favor autogenous shrinkage [START_REF] Pons | Retrait et fluage[END_REF]. An example of pore-size distribution for CEM I obtained with mercury intrusion porosimetry (MIP) is presented in Figure 2.4. Three peaks indicate three main classes of pore access diameters. The pore accesses located in the vicinity of 0.1 µm are associated to capillary porosity (macroporosity). A second and a third class of pore access are generally detected in the regions located around ≈ 0.02 -0.03 µm (microporosity) and a few nanometers (nanoporosity) [START_REF] Gallé | Effect of drying on cement-based materials pore structure as identified by mercury intrusion porosimetry: A comparative study between oven-, vacuum-, and freeze-drying[END_REF].

Figure 2.4: Pore-size distribution in HCP (CEM I, W/C = 0.4) obtained with MIP using samples dried at 20°C using silica gel and then freeze-drying (reproduced from [START_REF] Drouet | Temperature influence on water transport in hardened cement pastes[END_REF]. Remark : MIP measurements are limited to 3-nm pore-size.
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The classification of pores (air voids are not included) is:

• Capillary pores -intergranular spaces created as free water get bonded in hydrates during curing. The pore size varies from 10 -2 -10 1 µm [START_REF] Benboudjema | Modelisation des deformations differees du beton sous sollicitations biaxiales. Application aux enceintes de confinement de batiments reacteurs des centrales nucleaires[END_REF].

• Gel pores -porosity between the clusters of hydrates, the pore size is in the nanometer range (1 -12-nm according to [START_REF] Jennings | Refinements to colloid model of C-S-H in cement: CM-II[END_REF]).

• Interlayer pores -space between the layers of the C-S-H particle (<1nm) [START_REF] Jennings | Refinements to colloid model of C-S-H in cement: CM-II[END_REF])

Classification of water

The cement paste is a highly hydrophilic material with a high specific surface of pores (80 -280 m 2 /g) [START_REF] Thomas | The Surface Area of Hardened Cement Paste as Measured by Various Techniques[END_REF].

Several types of water are distinguished in the HCP (Figure 2.5):

• Free or capillary water -water in capillary pores, not subjected to attractive solid surface forces. Therefore, it is capable of migrating in the pore network if hydro/mechanical loadings are applied to the structure.

• Physically adsorbed water -water in interaction with the mineral surfaces by (attractive) van der Waals forces. The thickness of one layer of physically bound water is varying between 1-5 water molecules as a function of relative humidity in the pore system [START_REF] Van Breugel | Simulation of hydration and formation of structure in hardening cement-based materials[END_REF].

• Interlayer water -water held in between layers of the C-S-H particle [START_REF] Mehta | Concrete: Microstructure, Properties, and Materials[END_REF][START_REF] Jennings | Refinements to colloid model of C-S-H in cement: CM-II[END_REF].

• Chemically combined water -water that reacted with anhydrous cement during the hydration process with the precipitation of new hydration products (C-S-H or ettringite) [START_REF] Benboudjema | Modelisation des deformations differees du beton sous sollicitations biaxiales. Application aux enceintes de confinement de batiments reacteurs des centrales nucleaires[END_REF].

Figure 2.5: Schematic model of the types of water associated with the calcium silicate hydrate based on [START_REF] Feldman | A model for hydrated Portland cement paste as deduced from sorption-length change and mechanical properties[END_REF] (reproduced from [START_REF] Mehta | Concrete: Microstructure, Properties, and Materials[END_REF].

Delayed strains of cementitious materials: classification and proposed mechanisms

In isothermal conditions, delayed strains in concrete are separated into the following components [START_REF] Pons | Retrait et fluage[END_REF]:
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• Autogenous shrinkage -contraction occurring with no hydric exchange nor loading. As water is consumed by bonding with anhydrous particles forming hydrates, water adsorbed on solid surfaces induces stresses capillary or suction effects on the solid skeleton causing contraction of the microstructure. It is different from autogenous "chemical shrinkage" due to the difference in volume between anhydrous phases and hydrates ("Le Chatelier" contraction).

• Drying shrinkage -contraction occurring in the presence of hydric exchange due to the loss of water , inducing increases of capillary tension of pore water and solid surface tension of pore walls.

• Basic creep -delayed strains under constant mechanical load occurring with no water exchange with environment.

• Drying creep -delayed strains in addition to basic creep in drying conditions.

Figure 2.6 shows the evolution of delayed strains after load application and subsequent unloading. The total creep strains are equal to the total strains after load application when shrinkage and instantaneous elastic strains at time 𝑡 1 are subtracted.

After the unloading time 𝑡 2 , additionally to the instantaneous recoverable elastic response, creep strains are partially recovered.

Delayed "reversible" viscoelastic strains are referred to as recoverable creep strain. The remainder of the unrecovered strain without including shrinkage induces purely viscous irrecoverable creep strain (flow strain) [START_REF] Pons | Retrait et fluage[END_REF][START_REF] Mehta | Concrete: Microstructure, Properties, and Materials[END_REF]. In the general case of delayed strains, three phases are distinguished based on the creep rate (Table 2.1). The first period after load application is the phase of primary creep when the creep rate is initially quite high, but quickly decelerating. Then, during the phase of secondary creep, the creep strain growth is stabilized and has an approximately constant rate. In the last phase of tertiary creep, the creep rate accelerates leading to failure (Figure 2.7). In the case of cementitious materials, the first two creep phases are always occurring even at low-stress levels. Primary creep is usually referred to as short-term creep, and secondary

Chapter 2. Experimental study of delayed strains in cement paste and mortar at the macroscale as a long-term creep. However, in cement-based materials the long-term creep follows a logarithmic type evolution instead of a linear one [START_REF] Vandamme | Nanogranular origin of concrete creep[END_REF][START_REF] Charpin | A 12year EDF study of concrete creep under uniaxial and biaxial loading[END_REF]. The "tertiary" phase takes place if the material is sufficiently damaged, which depends on the applied stress value [START_REF] Tasevski | Analogy between Sustained Loading and Strain Rate Effects on the Nonlinear Creep Response of Concrete[END_REF].

Table 2.1: Creep kinetics of primary, secondary and tertiary creep. 

Classification of creep of hardened cement paste and corresponding mechanisms

Creep strains are delayed and occur under sustained mechanical loading. Based on the presence of moisture exchange between the porosity and the environment, drying creep and basic creep are distinguished. Basic creep is the intrinsic viscous behavior of a sealed specimen, and drying creep is an additional strain component observed in drying conditions.

Basic creep

Basic creep is the time-dependent strain behavior of a mechanically loaded specimen with no hydric exchange with the environment. The water content of the cement paste is observed to have a direct influence on the magnitude of basic creep strains [START_REF] Wittmann | Effect of Moisture Content on the Creep of Hardened Cement Paste[END_REF][START_REF] Acker | Creep and shrinkage of concrete: physical origins and practical measurements[END_REF]. Short-term volumetric creep and long-term shear creep are explained by different mechanisms that act simultaneously but are more or less predominant at different times [START_REF] Vandamme | Nanogranular origin of concrete creep[END_REF][START_REF] Acker | Creep and shrinkage of concrete: physical origins and practical measurements[END_REF][START_REF] Bernard | Volume and deviator creep of calcium-leached cement-based materials[END_REF].

Short-term basic creep.

During short-term creep, with a characteristic time of typically ≈ 10 days after load application [START_REF] Acker | Creep and shrinkage of concrete: physical origins and practical measurements[END_REF], the creep strain evolves with a large rate. Short-term basic creep is argued to result from the stress-induced water motion toward pores of larger diameter [START_REF] Acker | Creep and shrinkage of concrete: physical origins and practical measurements[END_REF][START_REF] Benboudjema | Modelisation des deformations differees du beton sous sollicitations biaxiales. Application aux enceintes de confinement de batiments reacteurs des centrales nucleaires[END_REF][START_REF] Pons | Retrait et fluage[END_REF]. The initiation of stress-induced microdiffusion begins on sites of hindered adsorption, where interlaminar water exhibits disjoining pressure opposed to attractive forces of C-S-H sheets. The stress induced by the applied load summed with the attractive forces is exceeding the value of disjoining pressure. The mechanical imbalance causes the expulsion of water from the sites of hindered adsorption toward layers of adsorbed water in bigger pores where the pressure is lower. The microdiffusion of adsorbed water triggers in turn a redistribution of free capillary water.

Long-term basic creep

Several conceptual mechanisms were discussed in the literature. The long-term irrecoverable viscous behavior of cement pastes was related to the viscous flow in hydrates due to shear slip between C-S-H layers [START_REF] Bažant | Thermodynamics of interacting continua with surfaces and creep analysis of concrete structures[END_REF][START_REF] Acker | Creep and shrinkage of concrete: physical origins and practical measurements[END_REF][START_REF] Benboudjema | Modelisation des deformations differees du beton sous sollicitations biaxiales. Application aux enceintes de confinement de batiments reacteurs des centrales nucleaires[END_REF]. At the sites of hindered adsorption water, gel pores are connected across with atomic bonds and bridges (Figure 2.2(a)). It was proposed that shear slippage of C-S-H is initiated at the microprestressed sites of hindered adsorption by breakage of bonds and bridges. Bond breakage can be followed by bond reconstitution at the sites of lower stresses and leads to a redistribution of microprestresses at other sites. The chain process of failure and reconstitution of bonds along with shear sliding of nanosheets results in a viscous behavior of hardened cement paste. This theory implies aging from the moment of loading due to global relaxation of internal microprestresses.

Nanoindentation investigations of intrinsic creep of C-S-H hydrates revealed that the viscous properties are correlated to the nanostructure. Based on the packing density and the arrangement of nanoparticles, three families of hydrates with similar composition and different structures are distinguished, namely, Low Density (LD) C-S-H, High Density (HD) C-S-H, Ultra-High Density (UHD) C-S-H. In later studies, it was observed that the UHD hydrate is, in fact, a C-S-H/portlandite nanocomposite [START_REF] Chen | A coupled nanoindentation/SEM-EDS study on low water/cement ratio Portland cement paste: Evidence for C-S-H/Ca(OH)2 nanocomposites[END_REF]. Nanoindentation studies showed that C-S-H has different mechanical and viscous properties corresponding to these three groups of hydrates [START_REF] Vandamme | Nanogranular origin of concrete creep[END_REF][START_REF] Jones | Short-term creep of cement paste during nanoindentation[END_REF]. Based on this evidence, [START_REF] Vandamme | Nanogranular origin of concrete creep[END_REF] proposed a creep mechanism based on the rearrangement of nanoparticles and an increase of the packing density in C-S-H. Sliding of hydrate structural blocks leads to the filling of adjacent voids of sufficient size and compaction of the structure similar to the compaction of granular media. The progressive packing of microstructure conditions the logarithmic rate of creep.

The densification of packing under sustained load was demonstrated experimentally and was proposed as the origin of creep at nanoscale [START_REF] Vandamme | Nanogranular origin of concrete creep[END_REF].

The aforementioned mechanisms describe somewhat different phenomena with a similar result, namely, sustained stresses cause sliding of structural blocks in hydrates, which leads to the breakage of local bonds, reconstitution of bonds and consolidation. At the macroscopic scale, this process appears as logarithmic creep strains.

Among other proposed mechanisms of basic creep were osmotic pressure effects [START_REF] Ghosh | A hypothesis on mechanism of maturing creep of concrete[END_REF], hydration under stress [START_REF] Ghosh | A hypothesis on mechanism of maturing creep of concrete[END_REF], an additional self-drying shrinkage under stress (microcracking of the load bearing anhydrous grains and causing a delayed hydration reaction [START_REF] Rossi | Basic creep behavior of concretes investigation of the physical mechanisms by using acoustic emission[END_REF].
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Drying creep

In the case of a loaded structure simultaneously subjected to drying and stress, apart from basic creep and drying shrinkage, another mechanism occurs, which is called drying creep. It is referred to as Pickett's effect [START_REF] Pickett | The effect of change in moisture content on the creep of concrete under a sustained load[END_REF] who first observed that strains of simultaneously drying and loaded specimen are greater than the sum of strains of a sealed-loaded and dried-unloaded

specimens. An interesting fact is that in addition to cementitious materials, Pickett's effect is observed in other materials such as cellulose(wood), keratin and synthetic polymers [START_REF] Vlahinić | Transient creep effects and the lubricating power of water in materials ranging from paper to concrete and Kevlar[END_REF]. All these materials share similar microstructural features: 1) they are composed of nanometric "structural units" with weaker secondary bonds connecting them, 2) they are porous hydrophilic materials, which allows the moisture exchange and the water movement in all of the microstructure, including nanometric spaces.

In the case of basic creep, the lower water content of materials leads to lower creep levels. Conversely, in drying conditions, a lower relative humidity of the ambient environment is causing higher creep strains (unless the specimen has been already dried). The phenomenon of drying creep strains is often separated into a structural effect (microcracking caused by drying)

and intrinsic drying creep that has physico-chemical origins. Microcracking due to non-homogeneous moisture distributions in drying was considered as the main reason of drying creep [START_REF] Wittmann | Total deformation of loaded drying concrete[END_REF]. But the experimental evidence showed that drying creep strains of the small-thickness specimens are still important, even if the microcracking in this case is negligible due to low hydric gradient Bažant and Yunping (1994); [START_REF] Day | The effect of rate of drying on the drying creep of hardened cement paste[END_REF] . Consequently, a mechanism of intrinsic drying creep is related to the microstructure of hardened cement paste.

The mechanism of intrinsic drying creep is still a topic for debate. The proposed mechanisms are:

Stress-induced shrinkage

Macrodiffusion corresponds to water migration in capillary pores as a result of drying-rewetting. Microdiffusion corresponds to the migration of water between capillary and gel pores (Figures 2.8 and 2.2(a)). It is considered that the flux of water molecules J between micropores and macropores may cause a breakage of atomic bonds in C-S-H. In the case of simultaneous drying and applied external load, this process is accelerated and debonding is more important. This mechanism suggests that the velocity of J must be proportional to the rate of relative humidity ℎ in capillary pores. Following those hypotheses, the creep rate may be assumed to be proportional to ℎ [START_REF] Bazant | Concrete creep at variable humidity: constitutive law and mechanism[END_REF].

Microprestress relaxation

Microprestress relaxation was proposed as a unified theory to explain long term aging (creep deceleration) and Pickett's effect [START_REF] Bazant | Microprestress-solidification theory for concrete creep.I: aging and drying effects[END_REF][START_REF] Jirásek | Microprestress-solidification theory of concrete creep: Reformulation and improvement[END_REF]. Microprestresses arise to compensate the disjoining pressure and can be increased due to the expansion of hydrates and the drying process. The slip of C-S-H is caused by failures of microprestressed bonds and bridges that are subsequently reconstituted on sites with lower stresses. This chain process successively exhausts the creep sites which have been activated by the mechanical loading leading to creep deceleration due to aging. The drying process increases the frequency of bond breaking, thereby resulting in an acceleration of the creep rate and intrinsic drying creep.
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Structural effect (microcracking)

Microcracking is not an intrinsic drying creep mechanism, but it still causes an additional cracking strain. In the general case, microcracking is generated by tensile stresses in the microstructure that may arise from mechanical loadings and from non-uniform drying and shrinkage in structures. During the drying process, the water content changes gradually from the specimen surface to the core resulting in non-uniform shrinkage strains (Figure 2.9). The non-uniformity of shrinkage strain induces tensile stresses that cause cracking at the surface at the beginning of drying and in the bulk near the end. Combined with different stress states, microcracking is more important in tension (in compression the microcrack strain is very small or absent).

Therefore, the shrinkage strain measured on an unloaded companion specimen is different from shrinkage of a loaded specimen.

For example, by subtraction of shrinkage strains of a load-free specimen from the total strain of a compressed specimen, the defined total creep strain will be reduced by a cracking strain component.

Even in sealed conditions, microcracking causes internal hydric imbalance and acceleration of the hydration process leading to additional autogenous (self-drying) shrinkage [START_REF] Rossi | Basic creep behavior of concretes investigation of the physical mechanisms by using acoustic emission[END_REF]. If microcracks cross anhydrous grains in the cement paste, they induce further hydration. This continuation of hydration would induce further autogenous shrinkage followed by partial damage compensation and an increase in strength. In studies on High-Performance Concretes (HPC) it was observed that specimens subjected to tensile creep exhibited more drying, shrinkage and hydration in comparison to unloaded specimens [START_REF] Reinhardt | Tensile Creep of High-Strength Concrete[END_REF]. In another study on HPCs [START_REF] Ranaivomanana | Tensile, compressive and flexural basic creep of concrete at different stress levels[END_REF], the shrinkage strain evolution in specimens tested in basic creep was different depending on the stress state (Figure 2.10).

High performance concretes are characterized by higher strength, durability, workability and resistance to aggressive agents in comparison to ordinary concretes, thanks to optimized compositions and microstructures Chapter 2. Experimental study of delayed strains in cement paste and mortar at the macroscale In flexure, shrinkage strains were higher than in compression. Moreover, in tension, shrinkage strains were even higher than creep strains. However, in ordinary concretes "negative' shrinkage strains were not observed to prevail over "positive" tensile creep strains [START_REF] Domone | Uniaxial tensile creep and failure of concrete[END_REF][START_REF] Bissonnette | Le comportement viscoélastique du béton en traction et la compatibilité déformationnelle des réparations[END_REF][START_REF] Reviron | Etude du fluage des bétons en traction. Application aux enceintes de confinement des centrales nucléaires à eau sous pression[END_REF].

Experimental evidence on basic and drying creep kinetics

Analyses of long-term basic and drying creep data for 12 year duration [START_REF] Charpin | A 12year EDF study of concrete creep under uniaxial and biaxial loading[END_REF] revealed that basic creep strains and all delayed strain components followed a logarithmic trend after 3 years since the load application (Figure 2.11 (a)). This observation was also supported in [START_REF] Torrenti | Analysis and Modelling of Basic Creep[END_REF] Logarithmic creep rates were also observed at the nanoscale (intrinsic creep of C-S-H [START_REF] Vandamme | Nanogranular origin of concrete creep[END_REF]). The aforementioned evidence led to the hypothesis that all delayed long-term strains may be caused by similar physical phenomena at the lowest scales [START_REF] Charpin | A 12year EDF study of concrete creep under uniaxial and biaxial loading[END_REF].

Interaction between creep and damage

How does creep affect mechanical properties?

Creep does not lead to the failure of all structures. In principle, failure is not controlled by creep strains, but by the stress level as damage occurs mostly during loading. Creep may influence mechanical properties of concrete depending on the type of loading, loading age, duration and stress level.

At the macroscale, creep may cause an increase of compressive strength and Young's modulus of a material. At a young age, biaxial compressive states induce a compaction of the cement gel, promote hydration and help to form new solid hydrates, which may heal microcracks [START_REF] Liu | Microstudy on creep of concrete at early age under biaxial compression[END_REF]. Uniaxial and biaxial compressive creep applied at a young age has therefore a positive effect on the compressive strength [START_REF] Coutinho | A contribution to the mechanism of concrete creep[END_REF][START_REF] Liu | Microstudy on creep of concrete at early age under biaxial compression[END_REF][START_REF] Asamoto | Effect of creep induction at an early age on subsequent prestress loss and structural response of prestressed concrete beam[END_REF]. In the case of mature material (90 days), elevated uniaxial loading (>50% of failure load) leads to a slight compressive strength drop [START_REF] Liu | Microstudy on creep of concrete at early age under biaxial compression[END_REF]Kammouna et al., 2019a) but with no quantifiable effect on the Young's modulus. In the case of tensile strength and elastic modulus, compressive creep has no positive influence, and for loadings beyond the linear range (>40% of failure load), tensile properties are decreasing due to microcracking [START_REF] Asamoto | Effect of creep induction at an early age on subsequent prestress loss and structural response of prestressed concrete beam[END_REF].

Role of microcracking in creep

The microstructure of hardened cement paste in heterogeneous materials is different from that of pure cement paste due to several reasons. The main difference is the presence of Interfacial Transition Zones (ITZs) between aggregates and the matrix [START_REF] Maso | La liaison entre les granulats et la pâte de ciment hydraté[END_REF]. The dissimilarity between the bulk cement matrix and ITZs is explained with the "wall effect" [START_REF] Scrivener | The Interfacial Transition Zone (ITZ) Between Cement Paste and Aggregate in Concrete[END_REF]. The normal packing of cement particles is disrupted in the vicinity of relatively much larger aggregates. As a consequence, ITZs are formed of predominantly small cement grains. They result in a higher volume of voids and higher water to cement (W/C) ratios in the interfacial zone. Moreover, this zone is characterized by prevalent contents of portlandite and ettringite (Figure 2.12(a)) [START_REF] Scrivener | The Interfacial Transition Zone (ITZ) Between Cement Paste and Aggregate in Concrete[END_REF][START_REF] Mehta | Concrete: Microstructure, Properties, and Materials[END_REF]. Experimental evidence shows that the ITZ width varies in the range 10-50 µm [START_REF] Scrivener | The Interfacial Transition Zone (ITZ) Between Cement Paste and Aggregate in Concrete[END_REF][START_REF] Mondal | Nanomechanical Properties of Interfacial Transition Zone in Concrete[END_REF], so its length scale is comparable with the size of cement particles (1-50 µm). Due to their lower properties and mismatch of mechanical properties, it is expected that damage initiates preferably in ITZs, leading to debonding between aggregates and the Chapter 2. Experimental study of delayed strains in cement paste and mortar at the macroscale cement paste matrix [START_REF] Ollivier | Interfacial transition zone in concrete[END_REF]. Therefore, cracks in concrete are mostly traversing ITZs and connecting them with ligaments through the bulk cement paste (Figure 2.12(b)). In some cases, crack path can also traverse weak aggregates.

If viscous flow in the bulk cement paste is hindered by non-viscous aggregates, the stress is redistributed from the matrix to aggregates. If a sufficient stress level is reached, microstructural damage may be induced at interfaces [START_REF] Sellier | Concrete creep modelling for structural applications: non-linearity, multi-axiality, hydration, temperature and drying effects[END_REF].

The largest strains and strain variations during compressive creep were measured in the vicinity of ITZs by means of image analysis at the mesoscale [START_REF] Lopez | Characterization of elastic and time-dependent deformations in normal strength and high performance concrete by image analysis[END_REF]. Prevalent cracking at the aggregate-matrix interfaces during creep in concrete were observed by crack pattern analysis [START_REF] Myers | Relationship between time-dependent deformation and microcracking of plain concrete[END_REF] and inferred from Acoustic Emission (AE) monitoring of creep tests on mortar and concrete [START_REF] Saliba | Contribution of the Acoustic Emission technique in the understanding and the modelling of the coupling between creep and damage in concrete[END_REF].

The creep rate depends on the stress level. Under stresses corresponding to the elastic regime (<30-40% 𝑓 𝑐 ), the creep strains are directly proportional to the magnitude of applied stress, or in other words, the creep is linear with respect to stress [START_REF] Bažant | Basic Properties of Concrete Creep, Shrinkage, and Drying[END_REF]. For higher stress levels, the creep strain is increasing nonlinearly. The nonlinearity of creep strains in concrete is due to irreversible processes (microcracking among others) that occur for loadings above the linear range [START_REF] Ruiz | Relationship between Nonlinear Creep and Cracking of Concrete under Uniaxial Compression[END_REF]. The exact nature of microcracking/creep couplings leading to nonlinear creep was not yet established. Several authors tend to explain creep acceleration by microcrack growth [START_REF] Ruiz | Relationship between Nonlinear Creep and Cracking of Concrete under Uniaxial Compression[END_REF][START_REF] Rossi | Macrocrack propagation in concrete specimens under sustained loading: Study of the physical mechanisms[END_REF]. The exact threshold when creep starts to significantly deviate from a linear viscoelastic trend is not clearly defined. For compressive creep, it starts to deviate from a linear trend at ≈40% of short-term compressive strength [START_REF] Mehta | Concrete: Microstructure, Properties, and Materials[END_REF][START_REF] Ruiz | Relationship between Nonlinear Creep and Cracking of Concrete under Uniaxial Compression[END_REF][START_REF] Bažant | Basic Properties of Concrete Creep, Shrinkage, and Drying[END_REF]. For tensile creep, a considerable increase in creep rate was observed for stresses greater than 60% of the tensile strength [START_REF] Bissonnette | Tensile creep of concrete: Study of its sensitivity to basic parameters[END_REF].

Tertiary creep, which corresponds to unstable crack propagation leading to failure [START_REF] Tasevski | Analogy between Sustained Loading and Strain Rate Effects on the Nonlinear Creep Response of Concrete[END_REF], occurs at stress levels greater than 70% of the compressive strength [START_REF] Zhaoxia | Effective creep Poisson's ratio for damaged concrete[END_REF][START_REF] Rossi | Basic creep behavior of concretes investigation of the physical mechanisms by using acoustic emission[END_REF]. In tension, tertiary creep was observed between 40% and 85% of the failure load for concretes cured in water, and between 60% and 90% for autogenous curing conditions [START_REF] Domone | Uniaxial tensile creep and failure of concrete[END_REF][START_REF] Al-Kubaisy | Failure of concrete under sustained tension[END_REF][START_REF] Reinhardt | Tensile Creep of High-Strength Concrete[END_REF].

The AE technique is a non-destructive method used to detect acoustic (elastic) waves caused by irreversible structural changes.

AE is considered a viable tool for crack monitoring and cracking events quantification in concrete [START_REF] Mihashi | Correlation between characteristics of fracture process zone and tension-softening properties of concrete[END_REF][START_REF] Wu | Study of the influence of aggregate size distribution on mechanical properties of concrete by acoustic emission technique[END_REF][START_REF] Landis | Experiments to Relate Acoustic Emission Energy to Fracture Energy of Concrete[END_REF][START_REF] Hadjab | The use of acoustic emission to investigate fracture process zone in notched concrete beams[END_REF]. With the introduction of AE investigations during creep tests, more experimental evidence of the major role of microcracking in delayed deformations was established. AE monitoring was performed during basic creep tests in compression at loadings greater than 50% of the ultimate strength, and led to the following conclusions [START_REF] Rossi | Basic creep behavior of concretes investigation of the physical mechanisms by using acoustic emission[END_REF]:

1. the basic creep strain is linearly correlated to the total number of microcracks created in the material;

2. the higher the load level, the higher the density of microcracks created and its ratio to the basic creep strain.

AE monitoring of drying creep tests until fracture showed that the creep-damage coupling was predominant for drying creep strains [START_REF] Saliba | Contribution of the Acoustic Emission technique in the understanding and the modelling of the coupling between creep and damage in concrete[END_REF]. The same type of tests carried out on mortar demonstrated the importance of the transition zone at the paste-aggregate interface in the creep rupture mechanisms by showing a greater deformation "potential". Overall, two

Chapter 2. Experimental study of delayed strains in cement paste and mortar at the macroscale mechanisms of microcracking were distinguished for basic creep, namely, microcracking on the paste-aggregate interface and microcracking of the matrix. During drying creep, an additional class of acoustic events corresponding to drying was detected.

AE monitoring of wedge splitting tests allowed delayed cracking events to be observed during relaxation in peak and post-peak ranges [START_REF] Denarié | Characterization of creep and crack growth interactions in the fracture behavior of concrete[END_REF]. In order to explain the propagation of microcracks under constant load, the following mechanism was proposed. After load application, it was assumed that one single microcrack was propagating and its propagation ended after the relaxation had started. Owing to the heterogeneous microstructure of concrete, the propagating microcrack will modify the stress field of neighboring microcracks in the Fracture Process Zone (FPZ), and even induce the propagation of microcracks if the load decreased (Figure 2.13). Therefore, a chain reaction of microcrack propagation in the FPZ takes place during the relaxation phase. 

Conclusion

The creep of cement-based materials is due to the viscous behavior of C-S-H, the dominant hydrate in HCP. The proposed mechanisms of creep are associated with micro-and nanoscale phenomena such as, for example, microdiffusion of water and rearrangement of C-S-H globules.

The microcracking is considered to cause nonlinear creep, which occurs under sustained loads outside the linear elastic range. In addition, microcracks play an important role in drying creep due to a structural effect. An experimental study should investigate the nonlinearity of creep in sealed and drying conditions by comparing delayed strains at low and medium stresses.

Water content strongly influences the creep amplitude as the dried samples exhibit less creep strain. Therefore, under simultaneous loading and drying, in addition to Pickett's effect and microcracking, creep strains are affected by the variation of water content. Therefore, basic creep tests on pre-dried samples should be included in the study to take this into account.

In cement-based materials, the fracture process is dependent on the underlying microstructure and differs for homogeneous and heterogeneous materials. In mortars and concretes, microcracks preferably appear first at the ITZ due to its lower properties and the mismatch of mechanical properties. During creep, the cracking and increased strains were also observed in the vicinity of ITZ. To account for these differences, the investigation of the effect of microcracks should be carried out separately on "homogeneous" and heterogeneous materials. At the modeling stage, the elementary behavior of the cementitious matrix will be used to predict the behavior of mortar.

Experimental study

Experimental protocol

Based on the literature study, it was concluded that creep of concrete depends on multiple coupled factors. The experimental campaign (Table 2.2) proposed in this study was designed with the aim to investigate and decouple the influence of several of these factors on the creep behavior : material heterogeneity (effect of aggregates), stress level, drying and water content. The influence of other aspects was minimized as much as possible: 1) temperature was maintained constant during tests, 2) all tests were carried out on matured samples (> 90 days old) in order to minimize the aging effect on the creep for the test duration considered, 3) only the uniaxial compressive state was considered. The choice of other experimental conditions depending on the factor of interest is detailed below.

Heterogeneity (effect of aggregates)

The microcrack pattern depends on the underlying microstructure (see Section 2.2.3) and therefore can have different effects on the creep of HPC and composite materials. To separate the influence of microcracking in the pure cement paste matrix and bonded with aggregates (ITZ) for further modeling purposes, an experimental program of creep tests was planned for two types of cementitious materials:

1.a) "homogeneous" viscous material (hardened cement paste -HCP);

1.b) heterogeneous material composed of the viscous cementitious matrix and non-viscous aggregates (mortar).

The aforementioned materials were characterized while subjected to combinations of different hygromechanical conditions.

Stress level

The stress range <30-40% 𝑓 𝑐 is considered as an elastic regime for cementitious materials, meaning that moderate irreversible processes (cracking) occur under such load. The nonlinearity of creep strains in concretes is assumed to be due to microcracking that takes place in loadings above the linear range (>40% 𝑓 𝑐 ) [START_REF] Ruiz | Relationship between Nonlinear Creep and Cracking of Concrete under Uniaxial Compression[END_REF]. The creep tests were conducted herein in uniaxial compression with two different stress levels that were assumed to represent two different damage states :

2.a) 30% 𝑓 𝑐 (low stress) -no damage;

2.b) 60% 𝑓 𝑐 (medium stress) -damaged.
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The medium stress level is expected to be below values required to induce tertiary creep (> 70% 𝑓 𝑐 ) [START_REF] Zhaoxia | Effective creep Poisson's ratio for damaged concrete[END_REF][START_REF] Rossi | Basic creep behavior of concretes investigation of the physical mechanisms by using acoustic emission[END_REF], where induced damage may lead to sample failure. Comparison of creep strains of "damaged" and "undamaged" samples allowed to evaluate the effect of microcracking in different materials and under different HM loadings.

Drying (water exchange)

The creep rate is significantly increasing in the presence of drying (i.e., Pickett effect) [START_REF] Bazant | Concrete creep at variable humidity: constitutive law and mechanism[END_REF], which is partly attributed to a structural effect (microcracks) [START_REF] Wittmann | Total deformation of loaded drying concrete[END_REF]. To estimate how the nonlinear creep depends on the Pickett effect, two relative humidity (RH) conditions were defined for testing :

3.a) Sealed conditions with no moisture exchange with the environment (basic creep);

3.b) Drying conditions from 100% RH to 70% RH in the presence of moisture exchange with the environment (drying creep).

The ambient relative humidity was chosen to be close to the drying conditions in the VeRCoRs mock-up (50 -60% RH) [START_REF] Charpin | Ageing and air leakage assessment of a nuclear reactor containment mock-up: VERCORS 2nd benchmark[END_REF], so it can be representative of the hydric profile of the mock-up inner wall. In addition, the drying process at 70% RH can be achieved relatively quickly, but with sufficient mass loss to have a significant effect on creep.

Water content

The creep rate was observed to be proportional to the water content of the cement paste [START_REF] Wittmann | Effect of Moisture Content on the Creep of Hardened Cement Paste[END_REF][START_REF] Acker | Creep and shrinkage of concrete: physical origins and practical measurements[END_REF]. The material intrinsic relative humidity for basic creep tests was defined based on the parameters chosen for the drying The specimen geometry was chosen cylindrical for more uniform drying and with small dimensions ( 30×H 65 mm) for faster stabilization. 

Materials and specimen

The formulations of cement paste and mortar are derived from the VeRCoRs concrete, which is representative of concrete used in CCBs construction [START_REF] Mathieu | Temperature and humidity-driven ageing of the vercors mock-up[END_REF] and is used for laboratory tests [START_REF] Sanahuja | Proposition formulation mortier et pâte avec fines Vercors[END_REF]. The derived mortar formulation represents the matrix surrounding coarse aggregates, and the cement paste formulation corresponds to the matrix surrounding fine aggregates in mortar (Figures 2.14 and 2.15). were fabricated from the same batch. For the the cement paste, two batches were prepared: the first was used for the basic creep samples and the second for the drying creep specimens.

Table 2.4: Material fabrication procedure.

Mortar

Cement paste

1. Separate water into one-third and two-thirds.

2. Dilute admixture in two-thirds of water.

3. Introduce sand into mixer and mix with onethird of water for 60 s.

4. Introduce cement and mix for 60 s.

5. Add two-thirds of water and mix for 60 s. The mortar and cement paste cylinders were molded in vertical plastic tubes 30 mm in diameter. The demolding process was performed by connecting a water pump hose to a hole in the bottom of the mold and applying pressure until the specimen was fully extracted from the mold. During casting, the hole for the water pump hose was sealed with electrical tape. The initial height of the cast specimens was ≈100 mm. The specimens were demolded after 24 h and stored at 100% relative humidity in a leakproof container till testing. The minimum age of specimens at the start of all tests was 90 days (generally much higher, see [START_REF] Sayari | 2 Experimental set-up Flexion tests were carried out till the rupture on an Instron ® machine with 250 kN capacity with a closed-loop control on a Crack Mouth Opening Displacement[END_REF]. At 90 days of age, the hydration reaction was considered to be nearly complete [START_REF] Van Breugel | Simulation of hydration and formation of structure in hardening cement-based materials[END_REF], which means that the increase of mechanical properties was assumed to be limited for the timescales of study. However, the hydration reaction continues after 90 days, but with very slow kinetics that does not affect significantly short to medium-term creep strains [START_REF] Huang | Comportement vieillissant du béton en fluage : application au béton VeRCoRs[END_REF]. Carrying out tests on matured material allows the aging effects on the viscous behavior to be neglected.

Before testing, the top and bottom parts of the cylinders were cut with a wire saw to eliminate volumes with heterogeneous properties (due to varying W/C ratio caused by vertical casting (see Appendix A.1 for more details)). Top and bottom faces were rectified to ensure orthogonality and planar surfaces for compression tests. During specimen preparation, precautions were taken to protect them from drying and cracking by re-wetting the specimen surface and wrapping them in an impermeable plastic foil.

After 90 days at 100% RH and geometry adjustments, the specimens intended for basic creep tests at 70% RH were put in a desiccation box with controlled relative humidity. Pre-drying in the desiccation box ensures gradual drying compared to drying in a climatic chamber. Furthermore, to reduce surface cracking due to high relative humidity gradients that occur when a saturated specimen is directly exposed to low air humidity, the pre-drying process was divided into several stages. At each stage, the specimens were placed in the desiccation box with relative humidity ≈10% less than the current material internal relative humidity. Three stages of pre-drying were considered as a reasonable compromise between a necessary time for samples stabilization and gradualness of the drying process. The saturated saline solutions used to control relative humidity are listed in Table 2.5. Last, after 100 days of drying in the desiccation box at 70% RH, the specimens were put in a climatic chamber at 70% relative humidity and 20°C temperature for final stabilization. Mass loss was measured periodically on one specimen to determine whether they were sufficiently pre-dried to be subjected to the lower humidity step. At different stages, mass loss measurements were carried out on different specimens. Figure 2.17 shows the general drying kinetics during the pre-drying process.

The preparation of pre-dried mortar samples for creep started 170 days after drying at 70%RH, and after 185 days for mortar control specimens. The average and standard deviation mass loss at this moment for all four specimens was 2.20 ± 0.09%. The remaining five spare samples were stored in a desiccation box. After 373 days at 70%RH, the average and standard deviation of their mass loss was 2.32 ± 0.21% . The preparation of pre-dried cement paste samples for creep tests and control samples started after 347 days of drying at 70%RH. The average and standard deviation of mass loss at this moment for all four specimens was 6.94 ± 0.44%. The remaining five spare samples were stored in a desiccation box. After 373 days at 70%RH, the average and Chapter 2. Experimental study of delayed strains in cement paste and mortar at the macroscale standard deviation of their mass loss was 6.54 ± 0.22%.

The specimen geometry, mass and experimental conditions are gathered in Table 2.6 

Experimental set-up

Axial and lateral strains were measured with HBM ® Y series foil pre-wired strain gauges. The strain gauges were glued with X60 HBM ® adhesive that provides good adhesion for strain measurements. Linear strain gauges with 20 mm measuring grid (serial number 1-LY4-20/120) were used to measure axial strains, and linear strain gauges with a 10 mm gauge length (serial number 1-LY4-10/120) to measure lateral strains. Strain gauge signals were acquired with a quarter bridge acquisition system (QuantumX HBM ® , bridge completion module BCM-1 OMEGA ® ). Relative humidity and temperature measurements were performed with a ROTRONIC ® miniature probe (Figures 2.19 

Basic creep experimental set-up

Several measures were taken to prevent specimens from moisture exchange with the environment during tests as it may induce additional shrinkage strains and affect the creep rate. First, the specimens were sealed with two layers of adhesive aluminum foil and the cable passages were sealed with X60 HBM ® adhesive. Second, the loading cells were placed in isolated chambers 

Drying creep experimental set-up

For the drying creep tests, two specimens were subjected to simultaneous loading and drying at two different stress levels, and other control specimens were only subjected to drying. 

Definitions and analysis methods

For the basic creep tests where control specimens were not used (B-100%), the basic creep strain is defined as

𝝐 𝑏𝑐 = 𝝐 𝑡𝑜𝑡 -𝝐 𝑒𝑙 -𝝐 𝑡 (2.1)
where 𝝐 𝑏𝑐 is the basic creep strain tensor, 𝝐 𝑡𝑜𝑡 the total (measured) strain tensor, 𝝐 𝑒𝑙 the instantaneous elastic strain tensor, and 𝝐 𝑡 the thermal strain tensor.

For the basic creep tests with control specimens (B-70%), the basic creep strains are defined as

𝝐 𝑏𝑐 = 𝝐 𝑡𝑜𝑡 -𝝐 𝑒𝑙 -𝝐 𝑐𝑠 (2.2)
where 𝝐 𝑐𝑠 is the strain tensor measured on load-free control specimen (Figure 2.23). The thermal strains are included in 𝝐 𝑐𝑠 .

The strain at 0.01 day after complete load application was defined as the instantaneous elastic strain 𝝐 𝑒𝑙 .

The drying creep is an additional delayed strain in the presence of moisture exchange (i.e., drying and wetting). The sum of the basic creep and drying creep strains defines the total creep strain

𝝐 𝑐 = 𝝐 𝑏𝑐 + 𝝐 𝑑𝑐 (2.3)
where 𝝐 𝑐 denotes the total creep strain tensor, and 𝝐 𝑑𝑐 the drying creep strain tensor.

Taking the case of monotonic drying from relative humidity ℎ 0 until stabilization at ℎ 1 , the test was split into three stages of drying:
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Additional drying creep is induced by water exchange. Its kinetics continues until the material is stabilized at final ℎ 1 and the capillary tension in pores caused by drying is balanced. At the stabilization point, the creep rate decelerates. In drying creep tests, the total creep strain reads

𝝐 𝑐 = 𝝐 𝑡𝑜𝑡 -𝝐 𝑒𝑙 -𝝐 𝑡 -𝝐 𝑠ℎ (2.4)
where 𝝐 𝑠ℎ is the drying shrinkage strain tensor measured on a load-free specimen.

The axial specific creep strain is defined by

𝐶 11 (𝑡) = 𝜖 𝑐 11 (𝑡) 𝜎 11 (𝑡) (2.5)
Index [-] 11 indicates the axial direction, and [-] 22 the transverse direction. In basic creep tests, 𝜖 𝑐 11 is equal to the basic creep strain 𝜖 𝑏𝑐 11 . The transverse specific creep strain reads

𝐶 22 (𝑡) = - 𝜖 𝑐 22 (𝑡) 𝜎 11 (𝑡) (2.6)
The effective creep Poisson's ratio, which characterizes the relationship between lateral and axial creep strains including delayed microcracking effects [START_REF] Zhaoxia | Effective creep Poisson's ratio for damaged concrete[END_REF], is defined by

𝜈 ef (𝑡) = - 𝜖 𝑐 22 (𝑡) 𝜖 𝑐 11 (𝑡) (2.7)
To estimate the change of creep rate at stress levels beyond the elastic range (for 60% 𝑓 𝑐 specifically in this study), the creep nonlinearity ratio is introduced

𝐾 𝑛𝑜𝑛𝑙 (𝑡) = 𝐶 60 11 (𝑡) 𝐶 30 11 (𝑡) (2.8)
where 𝐶 60 11 and 𝐶 30 11 are axial specific creep strains at stresses 30% 𝑓 𝑐 and 60% 𝑓 𝑐 , respectively. Linear creep would therefore correspond to 𝐾 𝑛𝑜𝑛𝑙 = 1.0, and 𝐾 𝑛𝑜𝑛𝑙 > 1.0 corresponds to nonlinear creep w.r.t. stress.

Basic creep results

Control specimens

The first basic creep tests on saturated materials (B-100%) did not include load-free samples, and the analysis of the first results raised questions about possible autogeneous shrinkage or swelling occurring in creeping specimens. To clarify those doubts, in the subsequent basic creep tests on pre-dried materials, load-free control specimens were added (i.e., stored at the same environmental conditions, sealed with an aluminum foil and instrumented with strain gauges).

Chapter 2. Experimental study of delayed strains in cement paste and mortar at the macroscale Because of lockdown (March-June 2020), the beginning of the basic creep test on pre-dried (at 70% RH) cement paste was delayed. One sample and one load-free control specimen were connected to the acquisition system and left in an isolated chamber controlled at 70% air humidity. The test sample was pre-loaded at 1 kN. The environmental conditions and pre-load histories are presented in Figure C.5.

Figure 2.22 shows the axial, lateral and volumetric strains measured during lockdown. The thermal strains were not corrected.

Both specimens exhibited swelling. For the pre-loaded sample, expansion was not isotropic since lateral strains were several times greater than axial strains. This effect is presumably due to the fact that the axial positive strain was hindered by pre-load.

The volumetric strain of the pre-loaded and load-free specimens were similar. As the temperature was constant and at moderate level, this swelling cannot be attributed to thermal expansion. It could be hypothesized to be due to heating by the strain gauges.

In that case, the second control specimen that was mounted and connected to the acquisition system several months later would exhibit similar positive strains. Yet, the strains measured simultaneously on two control specimens that were connected to the acquisition system with several months lag were showing similar strain rates (Figure 2.23(a)). This effect may be caused by sealing of the pre-dried specimens in aluminium foils [START_REF] Kovler | A New Look at the Problem of Drying Creep of Concrete under Tension[END_REF]. Swelling of pre-dried concrete specimens was explained in [START_REF] Kovler | A New Look at the Problem of Drying Creep of Concrete under Tension[END_REF] by the rapid increase of vapor pressure in the pores after sealing that causes the decrease of the curvature radius of water menisci in pores. The decrease of meniscus curvature releases the capillary surface tension that results in swelling. This behavior may depend on the age of the material and the duration of drying. . It may seem that those swelling strains may be negligible. However, these data allowed the lateral creep strain and effective creep Poisson's ratio estimations to be significantly improved. The fact of not taking into account the swelling strain of load-free specimens in previous tests has led to likely overestimation of these parameters.
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Basic creep of cement paste

Basic creep of saturated cement paste

The axial specific creep for low and medium stress levels is presented in Figure 2.24(a). First, different dependencies of short-term and medium-term creep on stress levels are observed. The specimen at a higher stress level exhibits increased creep kinetics only during the short-term phase. After approximately 1 day of load application, both specimens show similar creep rates. This similarity in medium-term creep velocities can be demonstrated by zeroing the axial specific creep at 𝑡 = 1 day (Figure 2.24(b)). The nonlinearity ratio 𝐾 𝑛𝑜𝑛𝑙 gradually decreases showing that differences in creep velocity between the two cases become less important over time. Consequently, there is no pronounced nonlinearity between low and medium stresses. 𝑡 stress, were increased by ≈7% in comparison to lower stress levels. It was assumed that the observed nonlinear creep was cased by the high density of generated microcracks, which promoted the water transfer. Thus, the pure cement paste did not exhibit a pronounced creep nonlinearity at the micrometer scale.

In the study of [START_REF] Denarié | Characterization of creep and crack growth interactions in the fracture behavior of concrete[END_REF] the microcrack propagation due to the viscous response in concrete was demonstrated by AE during tensile stress relaxation in a wedge splitting test. However, this behavior may not be characteristic of a compressive stress state. 

Basic creep of 70% RH pre-dried cement paste.

The mass loss of the pre-dried HCP specimens measured after the creep test is listed in For the lateral creep strain, the nonlinearity ratio started at 1.8 and decreased toward 1.0 (Figure 2.28(b)). In view of the small amplitude of lateral creep strains, the differences of creep rate at the two stress levels may be due to material variability. Chapter 2. Experimental study of delayed strains in cement paste and mortar at the macroscale at medium load levels did not significantly increase compared to those at lower levels.

Figure 2.29: Effective creep Poisson's ratio for HCP pre-dried at 70% RH.

Comparison and discussion

The creep rate depends on the water content in HCP. The elimination of evaporable water in HCP may lead to creep deceleration [START_REF] Wittmann | Effect of Moisture Content on the Creep of Hardened Cement Paste[END_REF]. The ratio between specific creep strains at the same load level of saturated and pre-dried HCP was calculated to estimate the reduction due to predrying of HCP from ≈100% RH to 70% RH (Figure 2.30). After short-term phase (≈10 days), the ratio between specimens at 30% 𝑓 𝑐 was decreasing from 0.67 to ≈0.46 (Figure 2.30 (a)). The ratio between creep rates of samples loaded at 60% 𝑓 𝑐 was relatively stable and decreased from 0.67 to ≈0.6. For comparison, in [START_REF] Wittmann | Effect of Moisture Content on the Creep of Hardened Cement Paste[END_REF] the ratio between basic creep strains of HCP (W/C = 0.4) at 98% and 70% relative humidity was estimated at ≈0.45.

In microindentation studies, the ratio between the creep strain magnitudes measured on HCP (W/C = 0.55) at 95% and 70%

relative humidities was ≈0.55 [START_REF] Suwanmaneechot | Creep behavior of C-S-H under different drying relative humidities: Interpretation of microindentation tests and sorption measurements by multi-scale analysis[END_REF]. Thus, the measured creep strain rate of pre-dried HCP at low stresses is consistent with these data.

Significantly low ratios between transverse specific creep strains of HCP in different hydric states (Figure 2.30(b)) may indicate that lateral creep strains measured at 100% RH were overestimated due to swelling of the sealed specimens. The comparison of the effective creep Poisson's ratio measured at 70% RH (in the range 0.12 -0.19) and 100% RH (0.2 -0.5) supports that assumption.

The nonlinearity of creep strains in concrete is normally attributed to microcracking that occurs at loads exceeding the linear range. In heterogeneous materials, microcracking may be hypothesized to be mostly occurring at the interfaces between non-viscous aggregates and the viscous matrix, where mechanical properties are lower and stresses are concentrated. In the case of cement paste, stress concentrations and microcracking may initiate at interfaces of the non-viscous hydrates or anhydrous phases [START_REF] Sellier | Concrete creep modelling for structural applications: non-linearity, multi-axiality, hydration, temperature and drying effects[END_REF]. The saturated and pre-dried materials led to different responses at medium stresses.

A well-pronounced creep nonlinearity w.r.t. stress was observed for pre-dried HCP. It differed from the basic creep results for
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It may be assumed that in saturated HCP the creep rate is mainly affected by damage induced during the loading step.

Additionally, fluctuations due to material variability may play a role. 

Basic creep of mortar

The viscous behavior is intrinsic to HCP, and more specifically to the hydrate C-S-H. Non-viscous aggregates in heterogeneous cementitious materials increase their strength and rigidity as the stresses are redistributed during creep from the cement paste matrix to the aggregates. Due to that redistribution, they restrain the viscous flow, decreasing macroscopically the creep rate.

Cementitious composites such as concrete and mortar exhibit less creep than cement pastes in the same conditions [START_REF] Huang | Comportement vieillissant du béton en fluage : application au béton VeRCoRs[END_REF]. Inclusions (coarse and fine aggregates) and anhydrous particles are considered as non-viscous. Therefore, the inclusions are considered a hindrance to viscous flow in the cement matrix. Shape, size distribution and nature of the aggregates and interfaces may influence the magnitude of creep in concrete as well.

Basic creep of saturated mortar

Unlike basic creep in saturated HCP, the specific creep of saturated mortar displayed a nonlinearity dependent on the stress level between 30% 𝑓 𝑐 and 60% 𝑓 𝑐 loadings (Figure 2.31 (a)). As it was assumed that microcracking in the cement paste matrix in the long-term regime does not influence the creep kinetics, the nonlinearity in mortar was attributed to microcracking on aggregate-matrix interfaces growing with increased rate at loadings out of the linear range (>30 -40% 𝑓 𝑐 ). The fact that microcracks in heterogeneous materials subjected to creep under stresses out of elastic range develop most preferentially at ITZs

Chapter 2. Experimental study of delayed strains in cement paste and mortar at the macroscale was inferred by AE [START_REF] Saliba | Contribution of the Acoustic Emission technique in the understanding and the modelling of the coupling between creep and damage in concrete[END_REF] and crack pattern and length analysis [START_REF] Myers | Relationship between time-dependent deformation and microcracking of plain concrete[END_REF].

Basic creep of pre-dried mortar

The mass loss of pre-dried specimens measured after testing is listed in Table 2.8. One of the specimens (B-70%-M-CS1) after test completion was left at ambient air humidity (≈50% RH) for three months while the others were kept in the desiccation box at 70% RH. Significant differences in mass loss between the specimens that were stored in different hydric conditions shows that sealing with adhesive aluminium foil was not completely leak proof. However, mass loss during tests was not significant.

Therefore, the drying during this test can be neglected. Axial and transverse specific creep strains measured on saturated and pre-dried mortar specimens, and the ratios between specific creep strains at different stress levels are reported in (Figure 2.31). Unlike pre-dried HCP, the creep rate of pre-dried mortar did not decrease in comparison to that of saturated mortar. On the contrary, its growth was slightly faster. A possible
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Consequently, microcracking in the cement paste due to drying may accelerate the creep kinetics. Additionally, shrinkage of the cement paste matrix due to pre-drying may have caused some debonding in the ITZ.

Comparison and discussion

The axial creep nonlinearity ratios converged to similar values during the tests to ≈1.5 for saturated mortar, and ≈1.4 for pre-dried mortar. The transverse specific creep strains at the two stress levels were approximately linear with respect to stress 

Drying creep results

The mass losses of specimens measured after drying creep tests are listed in Table 2.9. For the cement paste, the standard deviation of the final relative mass loss of all samples (0.26%) was comparable to that of the pre-dried HCP samples from Section 2.3.2 (0.22%). In the case of the mortar, the standard deviation of the final relative mass loss of all samples (0.22%) was comparable to that of the pre-dried mortar samples from Section 2.3.2 (0.21%). Therefore, differences in final mass losses lied in the range of material variability.

Chapter 2. Experimental study of delayed strains in cement paste and mortar at the macroscale The evolution of the total creep strains as a function of the drying shrinkage strains for HCP and mortar is reported in Figure 2.36. For the cement paste at low stress levels, the relationship between total creep and drying shrinkage strains was almost linear with a slope close to 1. For the medium stress level, this dependence was initially nonlinear during the initial drying phase where creep decelerated faster than drying shrinkage strain. After drying was stabilized, it converged to a linear

Chapter 2. Experimental study of delayed strains in cement paste and mortar at the macroscale trend with 1.6 slope. For mortar, the relationships are nonlinear for both stress levels, where shrinkage strains were decelerating faster than creep strains. This nonlinearity was much more pronounced for higher stresses. It should be noted that the acquired drying creep and drying shrinkage results necessarily depend on the sample size and geometry. During the test, the controlled parameters were sometimes deviating from the prescribed values due to technical problems.

Chapter 2. Experimental study of delayed strains in cement paste and mortar at the macroscale However, deviations were occurring mostly for a very short duration. The induced strain and mass loss fluctuations were an order of magnitude lower than the total ones, and therefore did not make the analysis more complicated. Mass loss and drying shrinkage strains of the cement paste and mortar are shown in Figures 2.38(a) and 2.39(a). For both materials, the drying shrinkage strain is linearly dependent on mass loss past an initial transient stage (Figures 2.38(b) and2.39(b)). 

Creep recovery

After unloading, a part of the creep strains undergoes a recovery representative of a viscoelastic behavior. The creep recovery strains were measured after all performed tests. The duration of creep recovery acquisition could vary from one to several weeks, which was not sufficient for long-term recovery estimations. However, the recovery rate after basic and drying creep could be compared. The recovery Poisson's ratio was also compared to the effective creep Poisson's ratio. With Equations (2.1)-(2.7), the specific creep recovery strain and Poisson's ratio were calculated. The final value of the stress at the end of the test before unloading was used to calculate the specific creep recovery.

The creep recovery of HCP is reported in Figure 2.40(a). For basic creep at 100% RH, the axial specific creep recovery strains were linear for both load levels. Similar behavior was observed at the micrometer scale in [START_REF] Gan | Experimental investigation of the short-term creep recovery of hardened cement paste at micrometre length scale[END_REF]. For pre-dried HCP, the axial specific recovery strain showed more pronounced nonlinearity. But unlike creep, the specific recovery strain of the sample loaded at 30% 𝑓 𝑐 was greater than at a higher stress. Overall, all specimens at different hydric states, except B-70%-C-0.6, followed very similar trends, which would be described as a linear viscoelastic component independent of relative humidity After drying creep tests, the recovery rate of axial strains was similar and coincided with the rate of 30% 𝑓 𝑐 loaded specimen after basic creep at 100% RH. The axial strain recovery after basic creep of pre-dried mortar had a slower rate than at 100% RH.

After one day, the recovery of axial strains occurred with similar rates for all tests. The transverse creep recovery of the dried at
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Evolution of mechanical properties after sustained loading

Non-destructive testing

The principle of the Impulse Excitation Technique (IET) consists in measuring the natural frequencies of a specimen after application of a small shock. The measured frequencies are used to calculate the dynamic elastic modulus as a function of specimen dimensions, mass and Poisson's ratio assuming that the material is homogeneous, isotropic and perfectly elastic (ASTM E1876-15, 2015). The relationship between dynamic modulus and strength was observed by several authors (Malhotra et al., 2004), but the exact correlation between static and dynamic properties has not yet been established. Therefore, the IET was not used to measure static properties, but to monitor the relative changes in stiffness before and after creep tests. Measurements before and after were conducted for samples used in basic creep tests at 70%RH and drying creep tests, including free-load control samples (i.e., stored at the same environmental conditions, then sealed with an aluminum foil and instrumented with strain gauges during creep tests). For the remaining samples, the measurements were not taken before creep tests, so only the post-creep results could be analyzed. Chapter 2. Experimental study of delayed strains in cement paste and mortar at the macroscale

In the case of basic creep of mortar (Figure 2.44), the changes were minor compared to the results of HCP (Figure 2.43).

The frequencies evolved not only in samples subjected to stresses, but in load-free samples too. However, it may be noted that the positive change in frequencies of samples loaded at 60% 𝑓 𝑐 was greater than that of samples loaded at 30% 𝑓 𝑐 and load-free samples, which may be linked to the effect of material consolidation occurring under sustained load. For comparison of drying-induced microcracks in loaded and load-free samples, images of their surfaces were obtained after creep tests with a high resolution camera equipped with a macro lens (Figure 2.47). Microcracks were accentuated by the application of ethanol prior to image acquisition. The drying-induced surface cracks were present in both cases and oriented in different directions, so it can be concluded that the compressive load did not completely arrest the initiation of microcracks orthogonal to applied stress. The maximum width of surface cracks in the load-free sample was ≈10 µm. 2D images do not provide the information on the microcrack depth, which may be different for loaded and load-free samples. However, due to the small crack width, high resolution was required for the tomographic study, which was not possible to obtain with the used sample dimensions. Yet, the dynamic elastic modulus measured on this specimen was not significantly reduced in comparison to sample at 30% 𝑓 𝑐 .

Since the initial dynamic modulus was not know, a definite conclusions cannot be drawn. However, it can be noted that the correlation between damage and dynamic elastic modulus in this case is not obvious.

Destructive testing

To estimate the final mechanical properties (compressive strength, Young's modulus) of samples previously subjected to compressive sustained loading (and, in some cases, simultaneous drying), compression tests were performed. Intact samples were also tested for comparison purposes. Prior to testing, the intact samples were stored at 100% RH or gradually pre-dried at 70% RH (Section 2.3.2). Three intact specimens for each material (mortar, HCP) and RH (100% RH, 70% RH) were tested.

HBM ® XY T rosettes with two 6-mm measuring grids in axial and radial directions (serial number 1-XY3x-6/120) were used to measure strains on cement paste samples. For mortar specimens, linear strain gauges with 20-mm measuring grid (serial number 1-LY4-20/120) from HBM ® Y series were used. Three strain gauges at 120°angle were applied on samples previously involved in creep tests. Two strain gauges at 180°angle were glued on intact samples. All specimens were over 2 years old at the time of testing.
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The compression test results for intact specimens are gathered in Table 2.11 and compared with properties at a younger age. There is a noticeable difference in properties of saturated and pre-dried materials. The pre-dried materials gained significantly higher compressive strength compared to saturated ones. At the same time, the modulus of elasticity of pre-dried materials was lower than that of saturated materials, or even lower than at younger age (specifically at 90 days old). Each bar chart category corresponds to one sample, except "Shrinkage" for compressive strength and elastic modulus. Two samples for "Shrinkage" bars were taken from the drying tests carried out after the drying creep tests (Table 2.10). The shrinkage samples were older (590 days) than the sample in drying creep tests (110 days). This difference may explain why "Shrinkage"

properties are very similar to the level of intact samples at 100%RH, as these samples underwent a longer hydration process. The properties of the other samples were not reduced in comparison to intact parameters. Therefore, it is assumed that they were not severely damaged during the tests. On the contrary, the parameters were in the same range or even increased. The Poisson's ratio of the tested samples (excluding the damaged one) was 0.2-0.26, which is the normal range for HCP. None of the samples showed reduced properties. It is assumed that the samples were not significantly damaged. After the Chapter 2. Experimental study of delayed strains in cement paste and mortar at the macroscale basic creep tests, the elastic modulus was in the range of intact properties, while the compressive strength increased. For drying creep tests, the elastic properties were closer to the level of intact samples at 100%RH than at 70%RH. This difference could be due to the fact that the specimens were exposed to drying at an age less than one year, so they were subjected to longer hydration processes than the samples previously pre-dried at 70%RH. Similarly, if compressive strength is compared to the intact level at 100%RH, an increase is observed.

In this analysis, only one specimen was tested for almost all categories. Therefore, the interpretations must be considered with caution. However, with the exception of one cement paste specimen loaded at medium stresses, all other samples did not appear to have undergone significant damage that could adversely affect their properties. In general, it is concluded that moderate sustained compressive loading and simultaneous loading/drying may have a positive effect on the material stiffness and compressive strength.

Conclusion

Creep induces delayed strains under sustained load. Creep of concrete depends on multiple factors that are coupled. The experimental campaign presented herein was designed to investigate and decouple the influence of several factors on the creep response. The results of creep tests showed differences in viscous response of homogeneous and heterogeneous cementitious materials depending on their hydric state, applied load and presence of drying. Only one sample was tested for each combination of HM condition, which means that the results could include uncertainties linked to material variability and other factors.

However, the similar creep recovery rates were observed for major number of HCP and mortar samples, which can indicate the agreement between the experiments.

The basic creep strain of a saturated cement paste was observed to be linear in the medium-term in the range of stresses up to

60% 𝑓 𝑐 . However, the cement paste pre-dried at 70%RH exhibited a nonlinear response at 60% 𝑓 𝑐 . Consequently, microstructural changes in HCP induced by water loss and shrinkage influenced the viscous behavior. The basic creep of HCP pre-dried at 70% RH was reduced by ≈45-55% at low stresses and by ≈40% at medium stresses compared to the water-saturated material.

The saturated mortar exhibited a nonlinear response from 30% 𝑓 𝑐 to 60% 𝑓 𝑐 . As basic creep strain of saturated HCP in this stress range was mostly linear, it is hypothesized that the nonlinearity of the saturated mortar be attributed to microcracking of aggregate-matrix interfaces. The basic creep rate of mortar in pre-dried state was not reduced compared to the saturated state. In both states, mortar exhibited similar levels of basic creep nonlinearity at medium stresses.

Both materials experienced non-linear creep strains in the presence of drying.

The total creep strain nonlinearity of mortar at elevated stress levels was more pronounced than for the cement paste. The change of creep nonlinearity ratios as functions of mass loss was linear for both materials. It suggests that the creep strain nonlinearity w.r.t. stress increases with water content variations.

The non-destructive Impulse Excitation Technique was used to monitor changes in sample resonant frequencies after sustained loading and drying. The reduced frequency of the dried HCP sample suggests that IET monitoring was sensitive to microcracking near surfaces. At the same time, the technique did not show significantly reduced frequency and dynamic modulus for the specimen with internal cracking in comparison to other samples. Therefore, the correlation between damage and dynamic elastic modulus could not be unambiguously established. Positive changes of frequencies of the samples loaded at 60% 𝑓 𝑐 were greater than those of the samples loaded at 30% 𝑓 𝑐 and load-free samples, which may be related to the effect of material consolidation under a sustained compressive load.

Last, compression tests were performed to estimate the mechanical properties after compressive sustained loading and, in some cases, simultaneous drying. Intact samples were also tested for comparison purposes. Excluding one cement paste specimen loaded at medium stresses, all other samples did not appear to have experienced significant damage that could adversely affect their properties. Thus, microcracking, which may have occurred in the cement paste and matrix-aggregate interfaces, did not lead to stiffness degradation or loss of strength. In general, it is concluded that moderate sustained compressive loading and simultaneous loading/drying may have a positive effect on the material stiffness and compressive strength.

Nonlinear creep was observed in mortar in all tests and in the cement paste provided it was dried before or during the test.

In basic creep at 100% RH and drying creep, the creep strain nonlinearity of mortar at medium stresses was more important than in analogous tests on HCP.

Creep is a phenomenon occurring at the microscale and may be sensitive to microstructural changes such as microcracking. The experimental results suggest that in mortar microcracking is occurring preferably at ITZs.

Based on the acquired experimental evidence, it was concluded that the numerical model for creep/microcracking coupling in mortar in sealed and drying conditions has to be based on a mesoscopic approach. Thus, the microcracking at the interfaces can be reproduced numerically and its effect on the creep nonlinearity can be analyzed.

It should be noted that the description of the drying creep at mesoscale may require the introduction of dependencies of the mechanical and creep behavior of HCP and ITZ on the hydric and drying states. In addition, the accuracy of the numerical results also depends on the correct reproduction of the drying kinetics. However, the development of appropriate numerical tools was not within the scope of this dissertation, and the numerical simulations were based on existing methods.

The mesoscale fracture modeling of materials requires an explicit description of the mesostructure and the behavior of its phases (aggregates, cement paste and ITZ). Therefore, the next chapter focuses on the study of the fracture prapagation in mortar at mesoscale by means of an in situ three-point flexural test on a notched microbeam. Analysis of the in situ test and damage quantification were performed using mechanically regularized Digital Volume Correlation method adapted for heterogeneous material.

Chapter 3

Damage quantification via Digital Volume Correlation with heterogeneous mechanical regularization: application to an in situ meso-flexural test on mortar

In the previous chapter, the experimental study showed that the delayed phenomena (i.e., creep, shrinkage) in mortar had different kinetics compared to pure HCP. The differences in basic creep were assumed to be mainly due of microcracking at matrix-aggregate interfaces. In drying shrinkage and drying creep, damage initiation in the interphase zones may also play a non-negligible role. Therefore, the characterization of mesoscopic damage is of great interest not only from the point of view of fracture processes, but also due to its coupling with other mechanisms. The present chapter is based on a publication dedicated to the application of finite element based Digital Volume Correlation (FE-DVC) with mechanical regularization tailored for heterogeneous materials to study and quantify damage mechanisms in mortar (Tsitova et al., 2021a).

In situ damage quantification and crack localization in cementitious materials can be performed with non-destructive techniques based on elastic or acoustic waves recorded in reflection or transmission configurations (AE (see Section2.2.3), diffuse ultrasound [START_REF] Zhang | 3D in-situ imaging of cracks in concrete using diffuse ultrasound[END_REF], Impact-Echo Method [START_REF] Carino | The Impact-Echo Method: An Overview[END_REF]) or electrical resistance measurements and imaging ( [START_REF] Wen | Damage monitoring of cement paste by electrical resistance measurement[END_REF], [START_REF] Zhou | Localization of cracks in cementitious materials under uniaxial tension with electrical resistance tomography[END_REF]). The advantages of X-ray Computed Tomography (XCT) in comparison to aforementioned in situ techniques is that it can provide details on the microstructures with high resolution, therefore a qualitative but also a quantitative analysis of cracking can be carried out. Moreover, static 3D images acquired at different states can be analyzed with Digital Volume Correlation (DVC).
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Introduction

Background

XCT has become a powerful tool for the acquisition of 3D images and is widely used in material science [START_REF] Maire | Quantitative X-ray tomography[END_REF]. Static 3D images are being utilized for morphological and quantitative microstructure characterization that can be considered for image-based numerical modeling [START_REF] Trawiński | A three-dimensional meso-scale modelling of concrete fracture, based on cohesive elements and X-ray µCT images[END_REF][START_REF] Yang | X-ray computed tomography images based phase-field modeling of mesoscopic failure in concrete[END_REF]. Tomographic studies have found numerous applications for cementitious materials due to their high heterogeneity and complex compositions. One example among various applications is the microstructure characterization based on X-ray imaging. Studies were carried out on aggregate and cement particle shapes [START_REF] Bentz | X-Ray Microtomography of an Astm C109 Mortar Exposed to Sulfate Attack[END_REF][START_REF] Garboczi | Three-dimensional mathematical analysis of particle shape using X-ray tomography and spherical harmonics: Application to aggregates used in concrete[END_REF][START_REF] Garboczi | Shape analysis of a reference cement[END_REF][START_REF] Erdogan | Three-dimensional shape analysis of coarse aggregates: New techniques for and preliminary results on several different coarse aggregates and reference rocks[END_REF]He et al., 2010;[START_REF] Roubin | The colours of concrete as seen by X-rays and neutrons[END_REF], pore and crack networks [START_REF] Bentz | X-Ray Microtomography of an Astm C109 Mortar Exposed to Sulfate Attack[END_REF][START_REF] Bentz | Microstructure and transport properties of porous building materials. II: Three-dimensional X-ray tomographic studies[END_REF][START_REF] Lu | X-ray microtomographic studies of pore structure and permeability in Portland cement concrete[END_REF][START_REF] Gallucci | 3D experimental investigation of the microstructure of cement pastes using synchrotron X-ray microtomography (µCT)[END_REF][START_REF] Promentilla | Quantification of tortuosity in hardened cement pastes using synchrotron-based X-ray computed microtomography[END_REF][START_REF] Provis | X-ray microtomography shows pore structure and tortuosity in alkali-activated binders[END_REF][START_REF] Xu | Microstructure and water absorption of ancient concrete from Pompeii: An integrated synchrotron microtomography and neutron radiography characterization[END_REF], and cement paste morphology [START_REF] Bentz | Three-Dimensional Computer Simulation of Portland Cement Hydration and Microstructure Development[END_REF][START_REF] Gallucci | 3D experimental investigation of the microstructure of cement pastes using synchrotron X-ray microtomography (µCT)[END_REF]. Such studies allowed for example estimations of concrete permeability and hydration processes. Moreover, X-Ray based microstructures were used for mechanical and thermal property estimations [START_REF] Bouvard | Characterization and simulation of microstructure and properties of EPS lightweight concrete[END_REF], as input to finite element (FE) models (Nguyen et al., 2016a;[START_REF] Ren | Three-Dimensional In Situ XCT Characterisation and FE Modelling of Cracking in Concrete[END_REF][START_REF] Stamati | Tensile failure of micro-concrete: from mechanical tests to FE meso-model with the help of X-ray tomography[END_REF] and FFT-based simulations [START_REF] Escoda | Estimation of local stresses and elastic properties of a mortar sample by FFT computation of fields on a 3D image[END_REF][START_REF] Lavergne | Investigation of the effect of aggregates' morphology on concrete creep properties by numerical simulations[END_REF] Bernachy-Barbe and Bary, 2019).

Beyond static imaging, the continuation of these studies was the observation of microstructural changes due to exposure to aggressive environments or thermo-hydro-mechanical loadings. Taking sequences of 3D images under different environmental conditions allowed the microstructure changes to be tracked. Tomographic studies were reported on cementitious materials subjected to leaching [START_REF] Burlion | X-ray microtomography: Application to microstructure analysis of a cementitious material during leaching process[END_REF][START_REF] Rougelot | About microcracking due to leaching in cementitious composites: X-ray microtomography description and numerical approach[END_REF], sulfate attacks [START_REF] Stock | X-ray microtomography (microCT) of the progression of sulfate attack of cement paste[END_REF], corrosion (Bernachy- Barbe et al., 2020), and water migration [START_REF] Powierza | Water Migration in One-Side Heated Concrete: 4D In-Situ CT Monitoring of the Moisture-Clog-Effect[END_REF]. One of the extensions to this technique is in situ testing when experiments are carried out inside CT scanners [START_REF] Buffiere | In Situ Experiments with X ray Tomography: an Attractive Tool for Experimental Mechanics[END_REF]. Registering 3D scans allows different deformation mechanisms such as damage growth, crack opening, or shear banding to be quantified as a function of time or mechanical loading.

In particular, it allowed complex damage processes to be visualized in concrete. The characterization of damage growth with X-CT scanning was carried out under mechanical [START_REF] Landis | Microstructure and fracture in three dimensions[END_REF][START_REF] Wong | Estimation of air void and aggregate spatial distributions in concrete under uniaxial compression using computer tomography scanning[END_REF][START_REF] Elaqra | Damage evolution analysis in mortar, during compressive loading using acoustic emission and X-ray tomography: Effects of the sand/cement ratio[END_REF][START_REF] Landis | X-ray Tomography as a Tool for Micromechanical Investigations of Cement and Mortar[END_REF][START_REF] Ren | Three-Dimensional In Situ XCT Characterisation and FE Modelling of Cracking in Concrete[END_REF] and hydrostatic in situ loadings [START_REF] Poinard | Compression triaxial behavior of concrete: the role of the mesostructure by analysis of X-ray tomographic images[END_REF], subjected to freezing-thawing cycles [START_REF] Wakimoto | Digital laminography assessment of the damage in concrete exposed to freezing temperatures[END_REF] or autogeneous shrinkage [START_REF] Mac | Analysis of autogenous shrinkage-induced microcracks in concrete from 3D images[END_REF].

Apart from image analyses and processing, DVC became a popular technique to measure three-dimensional displacement and strain fields with subvoxel resolution [START_REF] Bay | Methods and applications of digital volume correlation[END_REF][START_REF] Buljac | Digital Volume Correlation: Review of Progress and Challenges[END_REF]. DVC appeared as an extension of Digital Image Correlation (DIC) that was developed for 2D images [START_REF] Bay | Digital volume correlation: Three-dimensional strain mapping using X-ray tomography[END_REF]. The principle of these methods first consisted in measuring displacements of small subvolumes registered between reference and deformed volumes (subset-based local methods). Later on, finite element approaches were introduced (Roux et [START_REF] Tikhonov | Solutions of ill-posed problems[END_REF] which penalizes undesired deformations, for example, based on mechanical admissibility of displacement fields. In medical imagery, the regularization terms based on incompressibility constraint [START_REF] Rohlfing | Volume-preserving nonrigid registration of MR breast images using free-form deformation with an incompressibility constraint[END_REF], bending energy of the thin plate [START_REF] Rueckert | Nonrigid registration using free-form deformations: application to breast MR images[END_REF] and rigidity penalty term [START_REF] Staring | A rigidity penalty term for nonrigid registration[END_REF] were used.

DVC analyses were performed for concrete subjected to in situ mechanical loadings [START_REF] Mostafavi | Three-dimensional crack observation, quantification and simulation in a quasi-brittle material[END_REF][START_REF] Mao | 3D strain evolution in concrete using in situ X-ray computed tomography testing and digital volumetric speckle photography[END_REF][START_REF] Ducoulombier | X-ray tomographic observations of microcracking patterns in fibre-reinforced mortar during tension stiffening tests[END_REF][START_REF] Hong | Interior fracture analysis of rubber-cement composites based on X-ray computed tomography and digital volume correlation[END_REF][START_REF] Lorenzoni | Combined mechanical and 3Dmicrostructural analysis of strain-hardening cement-based composites (SHCC) by in-situ X-ray microtomography[END_REF], hydrothermal loadings [START_REF] Bennai | Microscopic hydric characterization of hemp concrete by X-ray microtomography and digital volume correlation[END_REF], carbonation [START_REF] Chavez | Real Time 3D Observations of Portland Cement Carbonation at CO2 Storage Conditions[END_REF] and reinforcement corrosion [START_REF] Jiang | Simulation and experimental verification of the non-uniform corrosion cracking process of reinforced mortar specimen[END_REF] Hild et al., 2011Hild et al., , 2013Hild et al., , 2015;;[START_REF] Chateau | DVC-based image subtraction to detect microcracking in lightweight concrete[END_REF].

Objective

In the present study, an FE-DVC method with mechanical regularization tailored for heterogeneous materials was used to quantify damage in mortar. Mechanical regularization was initially introduced in a homogeneous setting for DVC analyses [START_REF] Leclerc | Voxel-Scale Digital Volume Correlation[END_REF][START_REF] Taillandier-Thomas | Localized strain field measurement on laminography data with mechanical regularization[END_REF]. Then, it was adapted to heterogeneous materials in a DIC framework [START_REF] Naylor | Mechanically regularized FE DIC for heterogeneous materials[END_REF] by taking into account the contrast in elastic properties of different phases. Damage was also added to allow localized solutions to be retrieved (Hild et al., 2015). In the present case, a mesh of the selected ROI was built consistently with the underlying microstructure, based on an X-ray microtomography scan acquired prior to the in situ test. Then, a notched microbeam was subjected to in situ three-point flexure to obtain localized propagation of a single crack within the characterized ROI. In order to image a larger part of the beam, a lower resolution was selected. The realistic volume mesh was backtracked via DVC from the high resolution scan to the in situ scan. The influence of mechanical contrast on the trustworthiness of 3D displacement and strain fields was studied. Furthermore, the damaged elements were detected in order to take into account their reduced stiffness in mechanical regularization. This technique allowed the displacement measurements to be consistent in the damaged areas. The final DVC results were used for crack opening estimations and a study of the crack morphology at the mesoscale.

The study workflow (Figure 3.1) summarizes the different steps of the present study, whose aim is to demonstrate the potential of mechanically regularized DVC based on the underlying microstructure for the study of damage at low scales. regularization: application to an in situ meso-flexural test on mortar 

Material and methods

This section describes the specimen fabrication process and provides a description of the microstructure characterization procedure that was used to reconstruct a realistic 3D mesh. The experimental setup and protocol are then detailed. The section ends with a description of heterogeneous regularization within an FE-DVC framework.

Material and specimen

The mortar formulation was adapted from VeRCoRs mortar (see Table 2.3) with certain modifications. The same cement type (CEM I 52.5 N CE CP2 NF Gaurain) and water-to-cement ratio (W/C = 0.525) were used to obtain the cementitious matrix similar to that in VeRCoRs mortar and HPC. A low sand-to-binder ratio was used (S/C = 0.5, sand volume fraction 18%) instead of original (S/C = 2.127, sand volume fraction 48.7%). Sand was sieved to obtain a granulometric distribution within the range 200 µm to 2 mm in diameter. The reduction of the sand volume fraction and elimination of fine particles can be considered as a compromise between making the resulting microstructure more suitable for efficient image processing, as less geometric details would be distorted or lost, and the representativeness of the obtained material relative to the real mortar. A thin mortar plate with dimensions 65 × 35 × 8 mm was cast in a silicon mold and demolded after 1 day. By means of X-ray radiography, the mortar plate was checked for the absence of mesocracking and defects. After control, the plate was selected for further fabrication.

First, the top surface was ground and polished until a 5 mm thickness was reached with simultaneous control of parallelism of the top and bottom faces. The thickness deviation was of the order 0.1 mm, which corresponds to a ∠1.5‰inclination between the top and bottom surfaces. Second, the plate width was adjusted to 20 mm with a wire saw. Third, 5 × 5 × 20 mm microbeams (Figure 3.2) were cut from the plate with a diamond disk saw to ensure planar parallel sides. Fourth, the notch was cut with Chapter 3. Damage quantification via Digital Volume Correlation with heterogeneous mechanical regularization: application to an in situ meso-flexural test on mortar a saw equipped with a fine (0.1 mm) wire and low tension to avoid sample degradation. The notch width was approximately 0.15 mm and its height was 1.5 mm. The specimen were stored at 100% air humidity till testing. During preparation, the specimen surfaces were rewetted to prevent them from drying cracking. 

Microstructure segmentation and microstructure-based mesh

Before the in situ test, a High Quality (HQ) scan of the central part of the microbeam was acquired with a 5.3 µm resolution using a GE Phoenix v|tome|x m CT system. The acquisition parameters are detailed in Table 3.1. Second, the segmentation of aggregates was carried out as follows. Two types of inclusions (limestone -CaCO 3 , silica -SiO 2 ) were present in mortar with different morphology and levels of attenuation that define their representation on images.

Limestone inclusions were brighter (higher X-ray absorption) than the cementitious matrix, and were separated by simple Chapter 3. Damage quantification via Digital Volume Correlation with heterogeneous mechanical regularization: application to an in situ meso-flexural test on mortar thresholding (Figure 3.3(b)). Silica inclusions had similar gray levels as the cement paste matrix, but showed less internal contrast and appeared as very homogeneous regions. The calculation of the image gradient norm gave a field with low values in homogeneous zones, and high levels in heterogeneous regions (Figure 3.3(c)). This tool allowed the homogeneous inclusions to be distinguished from the heterogeneous matrix (Figure 3.3(d)). These two families of inclusions were considered as a unique "aggregate" phase with identical elastic properties. Mesoporosity was present in the specimen in a small amount, and did not seem to have a major effect on the crack path during the flexural test. For these reasons, mesopores were not segmented as a separate phase and were incorporated in the matrix. Last, the notch surfaces were segmented from the volume (Figure 3.4(a)). Based on the segmentation results, the Avizo ® tools allowed surface triangular meshes to be generated and exported in .stl format. The size of surface triangles was controlled to be at least several voxels for consistency with DVC, and with simultaneous check of excessive distortion of triangles. The surface meshes were then processed with the tools available in the Salome ® platform (https://www.salome-platform.org/) to obtain 4-noded tetrahedral elements (Figure 3.4(b-c)). The mesh consisted of 346,472 tetrahedra and 63,465 nodes.

The distribution of mesh elements and volume between the different phases is given in Table 3.2. In the matrix, elements adjacent to aggregates are denoted as interphase elements, and the remainder of the matrix are bulk elements. The equivalent element size, which is defined as the cubic root of the volume of each element, was equal on average to 10 vx (or 53 µm) in the HQ configuration and 6 vx in the LQ setting (Table 3.2). The mesh fineness was identical in the matrix and the aggregates.
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Experimental analysis

The in situ flexural test was performed with the LMT in situ Tension-Compression (TC) testing machine designed at the MATEIS laboratory [START_REF] Buffiere | In Situ Experiments with X ray Tomography: an Attractive Tool for Experimental Mechanics[END_REF]. The load capacity is ±1kN. Tensile or compressive loads can be applied by axial displacement of the bottom actuator. The adapted set-up for three-point flexural tests is shown in Figure 3.5. The vertical motion of the bottom actuator with part A1 causes a horizontal motion of support parts B and C thanks to 45°degree contact surfaces.

The shortening of the distance between B and C results in point load application to the sample that is equivalent to three-point flexure. The parts of the flexural set-up were manufactured in an aluminium alloy as it has a high stiffness and reasonable X-ray attenuation compared to mortar, which allowed additional artifacts to be avoided. Thin adhesive tape was attached to the top and bottom faces of the beam for maintaining the sample and improving its stability during testing. The adhesive tape was also used for fastening the parts of the set-up to ensure better control over sample positioning inside it, and for safe insertion of the set-up into the tube of TC machine.

The in situ test consisted of several loading steps, and CT scans were performed at sustained and constant load. The experimental protocol and load levels of CT scans are shown in Figure 3.6(a). The scans were acquired with the Phoenix v|tome|x m scanner (Table 3.1). First, two successive scans were performed on the undeformed specimen for uncertainty quantification. A small preload of 1 N was applied to keep the specimen stable. Second, axial displacements were applied with 0.5 µm/s rate until sample failure. The experimental configuration along with the specimen geometry did not allow for a fine control of crack initiation and propagation. Failure was brittle, followed by substantial force drop, and very fast crack propagation on the major part of the ligament (Figure 3.6(b)). The second scan was carried out immediately after fracture.

Third, an increment of axial displacement of 20 µm was applied to further open the crack. After each loading, a 10 min dwell was applied before the next scan (i.e., force relaxation was stabilized).

Chapter 3. Damage quantification via Digital Volume Correlation with heterogeneous mechanical regularization: application to an in situ meso-flexural test on mortar The minimization of Equation (3.2) is equivalent to iteratively solving a sequence of linear systems (Hild and Roux, 2012b).

[M]{𝛿u} = {b} (3.4)
where [M] is the DVC Hessian matrix, whose terms are products of the shape functions by the gradient of the reference volume, {b} the residual vector, which is a function of the difference between the reference and the corrected deformed volumes, and {𝛿u} the corrections to the current estimate of the nodal displacement vector { ũ}.

The gray level residual field 𝜑 𝑐 = 𝑓 (x)-𝑔(x+u(x)) represents the difference between the volume in the reference configuration and that in the deformed configuration corrected by the measured displacement field. The global residual Φ 𝑐 , which is to be minimized, is the root mean square (RMS) of the residual field 𝜑 𝑐 and serves as indicator of the consistency of the solution, namely, a smaller RMS residual means a more trustworthy solution. Local high residual values may mark, for example, discontinuities in displacements, or in other words, cracks (Hild et al., 2011(Hild et al., , 2013(Hild et al., , 2015)). Last, it is worth noting that the residual fields are, by definition, Lagrangian (i.e., constructed in the reference configuration).

The correlation problem is ill-posed and the introduction of mechanical regularization is one of the ways to make it wellposed [START_REF] Leclerc | Voxel-Scale Digital Volume Correlation[END_REF][START_REF] Leclerc | Digital volume correlation: What are the limits to the spatial resolution[END_REF][START_REF] Taillandier-Thomas | Localized strain field measurement on laminography data with mechanical regularization[END_REF]. In regularized DVC, elasticity is enforced at a local level by the introduction of a penalty term based on the equilibrium gap

[K 1 ]{u} = {f 𝑟 } (3.5)
where [K 1 ] is the rectangular stiffness matrix restricted to inner nodes and traction-free surfaces, and {f 𝑟 } the nodal force vector that must vanish in the absence of body forces. The mechanical penalty term is formulated as the 𝐿2-norm of the force residuals [START_REF] Sayari | 2 Experimental set-up Flexion tests were carried out till the rupture on an Instron ® machine with 250 kN capacity with a closed-loop control on a Crack Mouth Opening Displacement[END_REF] regularization: application to an in situ meso-flexural test on mortar

Φ 2 𝑚 = {u} [K 1 ] [K 1 ]{u} (3.
For other boundary (i.e., Dirichlet) nodes, the fluctuations of tractions are regularized

Φ 2 𝑏 = {u} [K 2 ] [L] [K 2 ]{u} (3.7)
where [L] is based upon the Laplace-Beltrami operator [START_REF] Mendoza | Complete Mechanical Regularization Applied to Digital Image and Volume Correlation[END_REF], and [K 2 ] the rectangular stiffness matrix restricted to Dirichlet nodes. These additional cost functions do not have the same physical units as Φ 2 𝑐 . Therefore, to minimize their weighted sum, they are normalized

Φ2 𝑚 = Φ 2 𝑚 {v} [K] [K]{v} , Φ2 𝑏 = Φ 2 𝑏 {v} [L] 𝑇 [L]{v} , Φ2 𝑐 = Φ 2 𝑐 {v} [M]{v} (3.8)
where v = v 0 exp(𝑖k • x) is the trial displacement field selected in the form of a plane wave, v 0 the amplitude, and k the wave vector [START_REF] Leclerc | Voxel-Scale Digital Volume Correlation[END_REF][START_REF] Leclerc | Digital volume correlation: What are the limits to the spatial resolution[END_REF]. The global minimization is performed on the weighted sum of the normalized cost functions

(1 + 𝑤 𝑚 + 𝑤 𝑏 )Φ 2 𝑡 = Φ2 𝑐 + 𝑤 𝑚 Φ2 𝑚 + 𝑤 𝑏 Φ2 𝑏 (3.9)
where Φ 𝑡 is the total cost function. The weights 𝑤 𝑚 and 𝑤 𝑏 are defined as

𝑤 = 𝑤 𝑚 = 𝑤 𝑏 = (2𝜋𝑘ℓ 𝑟 𝑒𝑔 ) 4 (3.10)
where ℓ 𝑟 𝑒𝑔 is the regularization length, and 𝑘 = k the wave number. Up to now, mechanical regularization was based upon homogeneous, isotropic and linear elasticity [START_REF] Leclerc | Voxel-Scale Digital Volume Correlation[END_REF][START_REF] Taillandier-Thomas | Localized strain field measurement on laminography data with mechanical regularization[END_REF]. If ℓ 𝑟 𝑒𝑔 is greater than the element size, mechanically inadmissible displacement fluctuations are filtered out over a spatial domain of size proportional to ℓ 𝑟 𝑒𝑔 . In the case of damage or localized plastic strains, displacement discontinuities are smeared over a domain whose size that depends on ℓ 𝑟 𝑒𝑔 [START_REF] Taillandier-Thomas | Localized strain field measurement on laminography data with mechanical regularization[END_REF]Hild et al., 2015).

As the microstructure-based mesh differentiates matrix and aggregate elements (Figure 3.4(b)-(c)), the proposed regularization can take into account differences in elastic properties, as already performed in 2D DIC applied to a composite material [START_REF] Naylor | Mechanically regularized FE DIC for heterogeneous materials[END_REF]. For a two-phase material, the contrast 𝐶 is introduced to denote the ratio of Young's moduli of the matrix 𝐸 𝑚 and the aggregates

𝐸 𝑎𝑔 𝐶 = 𝐸 𝑎𝑔 𝐸 𝑚 = √︂ 𝑤 𝑎𝑔 𝑤 𝑚 = ℓ 𝑎𝑔 𝑟 𝑒𝑔 ℓ 𝑚 𝑟 𝑒𝑔 2 (3.11)
where 𝑤 𝑎𝑔 and 𝑤 𝑚 denote the weight in the aggregates and in the matrix, respectively. In such formulation, 𝐶 > 1 implies that inclusions are more rigid than the matrix, and more weight is put on the inclusion phase. Conversely, 𝐶 < 1 corresponds to inclusions being more compliant and a larger weight is put on the matrix phase. The case 𝐶 = 1 is equivalent to homogeneous elastic regularization.

Mechanically regularized DVC was implemented within the Correli 3.0 framework developed at LMT (Leclerc et al., 2015).
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Matching criterion

Penalized sum of squared differences (Equation (3.9))

Interpolant cubic

Displacement noise floor see Figure 3.8(a)

Strain noise floor see Figure 3.8(b)

DVC results and discussion

This section describes the DVC analysis workflow that begins with the mesh backtracking procedure [START_REF] Auger | Poynting Effects in Pantographic Metamaterial Captured via Multiscale DVC[END_REF].

Then, a quantification of uncertainties for different values of regularization length and contrasts was performed. Last, DVC analyses for different contrasts were carried out on the deformed (and damaged) volume.

Mesh backtracking

The microstructure-based mesh was reconstructed on the HQ scan with a 5.3 µm/vx resolution acquired prior to the in situ test (see blue mesh in Figure 3.7). As mentioned above, the HQ and in situ (LQ) scans were acquired with different resolutions and acquisition parameters (Table 3.1). Before performing DVC analyses, the mesh had to be backtracked to take into account scale differences and rigid body motions between the two scans (i.e., initially mispositioned blue mesh in the LQ configuration in Figure 3.7(left)). This step was important as if the mesh did not match accurately the underlying microstructure, heterogeneous regularization would be meaningless.

Backtracking consists in running a DVC analysis between the HQ scan (volume 𝑓 in Equation (3.1)) and the in situ scan (volume 𝑔) of the undeformed specimen to find the displacement field u 𝑏 linking the two configurations [START_REF] Auger | Poynting Effects in Pantographic Metamaterial Captured via Multiscale DVC[END_REF]. In the present case, the HQ scan was binned to a resolution of 10.6 µm/vx, and both scans were converted into 8-bit volumes. An auxiliary mesh was used, consisting of a rectangular hexahedral mesh composed of large T4 elements (their size was 25 vx or 250 µm in the reference HQ configuration) that encompassed the volume of the microstructure-based mesh (i.e., 4.5 × 4.75 × 2.3 mm, see the magenta mesh depicted in Figure 3.7). regularization: application to an in situ meso-flexural test on mortar 

Uncertainty quantification

Uncertainty quantifications were performed by running DVC analyses on the two scans performed on the undeformed specimen. Four different contrasts were considered to investigate the effects of this parameter on the results. First, the contrast 𝐶 was set to 1, which implied that the elastic properties of the different phases were identical. This choice was equivalent to homogeneous mechanical regularization. Second, the contrast 𝐶 was set to 𝐸 𝑎𝑔 /𝐸 𝑚 = 70.0/13.3 = 5.26, which corresponds to realistic properties of mortar constituents when inclusions were more rigid that the cementitious matrix (Tsitova et al., 2021b).

Third, the case 𝐶 = 0.5 was considered, which implied that inclusions were more compliant than the matrix. Last, the contrast was set to a rather high value (𝐶 = 20), which was the case of highly rigid inclusions and very compliant matrix.

DVC analyses were run with different regularization lengths. For the first step, ℓ 𝑟 𝑒𝑔 was set to a high value (i.e., 150 vx).

Then, the displacement field at convergence was used to initialize the next step where the regularization length was decreased.

This step-by-step (relaxation) process was continued until ℓ 𝑟 𝑒𝑔 reached 15 vx. In this study, too small ℓ 𝑟 𝑒𝑔 values (i.e., less than twice the element size) were observed to be ineffective for mechanical regularization. When 𝐶 = 20, DVC calculations with ℓ 𝑟 𝑒𝑔 < 30 vx could not converge.

Chapter 3. Damage quantification via Digital Volume Correlation with heterogeneous mechanical regularization: application to an in situ meso-flexural test on mortar trend is consistent with the trade-off between spatial resolution (here controlled by the regularization length) and measurement uncertainty. Further, the more heterogeneous the regularization (i.e., 𝐶 departs from one), the higher the fluctuations since the regularization contrast increased (Equation (3.11)). On a more quantitative level, the strain uncertainty decay with ℓ 𝑟 𝑒𝑔 follows power laws that are not too far from -2.5, which are expected when the dominant source of uncertainty corresponds to acquisition noise on the radiographs utilized to reconstruct 3D images [START_REF] Buljac | Digital Volume Correlation: Review of Progress and Challenges[END_REF]. Chapter 3. Damage quantification via Digital Volume Correlation with heterogeneous mechanical regularization: application to an in situ meso-flexural test on mortar

DVC analysis of crack propagation

The scan acquired right after specimen failure revealed that the crack had propagated on most of the ligament height.

Therefore, DVC was run between the undeformed scan and this first scan. For the first DVC step, the regularization length was set to 100 vx, and gradually decreased down to 15 vx. The converged solution for higher ℓ 𝑟 𝑒𝑔 was used as initialization for the next step with less weight put on the mechanical part. The gradual relaxation of mechanical regularization allowed most of the long wave displacement components to be captured, and then iteratively converged to a better solution with short wave length fluctuations that were gradually restored. This iterative process was carried out for 𝐶 = 5.26.

3D renderings of thresholded Lagrangian residual fields are shown in Figure 3.9. The maximum RMS level for ℓ 𝑟 𝑒𝑔 = 100 vx was less than 1.4 times (287 gray level) the baseline RMS residual (215 gray level). The highest absolute levels correspond to the fractured surfaces, which were continuous and well defined. The absence of high residuals in the intact zones proves a good overall registration quality and efficient mechanical regularization of DVC. It is worth noting that when using the gray level residuals, the detection of the cracks was straightforward as all other heterogeneities, some of which had similar gray levels as the cracks, were no longer visible. In terms of displacements, cracks induce discontinuities that mechanical regularization tends to spread over a zone whose size depends on ℓ 𝑟 𝑒𝑔 (Hild et al., 2015). The followed relaxation procedure led to displacement jumps localized in a smaller domain. Consequently, the corresponding strains were higher and more concentrated (Figure 3.10). 

Contrast influence

The relaxation process was also carried out for 𝐶 = 1.0 (i.e., homogeneous regularization), and the results are compared with the previous calculations. Figure 3.12(a) shows the RMS residual history during the relaxation process for the two considered contrasts. For 𝐶 > 1, the RMS residuals were systematically lower, and dropped to 273 gray levels, while for 𝐶 = 1.0 the Chapter 3. Damage quantification via Digital Volume Correlation with heterogeneous mechanical regularization: application to an in situ meso-flexural test on mortar minimum level was 279 gray levels. These levels are rather close to the baselines (i.e., 214-5 gray levels). This observation shows that the regularization used herein was not too strong and did not induce significant deviations. For the maximum principal strains (Figure 3.12(b)), their standard deviation was systematically larger for higher contrast, which allowed for more fluctuations especially at the interfaces between aggregates and the matrix to be captured. Moreover, the growth of strain fluctuations was more progressive for 𝐶 = 5.26 along with the relaxation of mechanical regularization.

To further investigate the influence of contrast, the regularization length ℓ 𝑟 𝑒𝑔 was set to 20 vx, and the contrast 𝐶 was varied between 0.5 and 20. The maximum principal strain fields (Figure 3.13) demonstrate how elastic contrast contributed to crack localization. The higher 𝐶, the less regularization was put on the matrix and the crack localized in fewer elements. In heterogeneous cementitious materials, the difference in mechanical properties of phases causes matrix-aggregate interfaces to debond. This mechanism as well as damage in the matrix are better captured with heterogeneous regularization.

Figure 3.14(a) shows that higher contrasts resulted in lower residuals since they allowed for more localized strains due to the presence of cracks. It is also reflected in the increase of standard deviation of maximum principal strains (Figure 3.14(b)).

Although it may seem that taking a high value for 𝐶 is a good option, the mean of maximum principal strains grows as well with an increase of 𝐶. It is a signal that too high contrasts result in "undeformed" aggregates and unphysical large strains in the totality of the matrix. Therefore, taking a contrast value greater than that based on physical properties of the constituents may result in displacement fields that are no longer physically correct. Therefore, in further calculations the contrast was set to 5.26.
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Damage quantification

After adding elastic contrast for heterogeneous mechanical regularization, the analysis was continued with the introduction of damage into mechanical regularization. A study of crack opening displacements and crack morphology at the mesoscale is finally proposed.

Damage introduction into mechanical regularization

In the first stage, the heterogeneous regularization was taking into account the difference in mechanical behavior of different phases. In the present stage, damage can be considered in a similar manner (Hild et al., 2015). The weight of mechanical regularization can be significantly reduced in the fractured zone, thereby allowing for large local strains. The damaged elements were selected based on two criteria, namely, the average residual per element and Crack Opening Displacement (COD) 𝑢 𝐼 , which is estimated as

𝑢 𝐼 = 𝜖 1 ℓ (3.12)
by neglecting the regular contribution to mean strains [START_REF] Vakulenko | Continuum theory of medium with cracks[END_REF]. To study the effect of damage in mechanical regularization, two contrasts 𝐶 were considered, namely, 1.0 and 5.26. The results of previous analyses with ℓ 𝑟 𝑒𝑔 = 20 vx were chosen to initialize calculations and select damaged elements. The thresholds and number of selected damaged elements for both cases are listed in Table 3.4. For the gray level residuals, the baseline levels were observed to be equal to 214-5 (Figure 3.8(c)). Consequently, the thresholds were selected as about two times this level to avoid false cracks.

For the COD, their uncertainties were observed to be less than 0.1 vx with the evaluated strain uncertainties (Figure 3.8(b)).

Consequently, the threshold COD for detecting damaged elements was set to 0.1 vx. The number of selected damaged elements for the two contrasts were very close. It is concluded that the selected criteria allowed for a reproducible description of the damaged zones. For a higher contrast (i.e., 𝐶 = 5.26), the maximum principal strains in the damaged zones were higher (Figure 3.13), and consequently the crack opening displacement. The number of detected damaged elements was also slightly higher.

Table 3.4: Damaged element selection. Introducing a lower stiffness in damaged elements will help localize the inelastic strains due to cracks. Thus the weight of mechanical regularization in the remainder of the volume could be increased. In the following calculations, the regularization length was set to ℓ 𝑟 𝑒𝑔 = 60 vx in order to increase the weight put on mechanical regularization in undamaged elements for which

Thresholds

Chapter 3. Damage quantification via Digital Volume Correlation with heterogeneous mechanical regularization: application to an in situ meso-flexural test on mortar heterogeneous elasticity is a very good approximation. Three different values were considered for the Young's modulus of the damaged elements 𝐸 𝑑 , namely, 0.2𝐸 𝑚 , 0.1𝐸 𝑚 and 0.05𝐸 𝑚 . Figure 3.16 shows the maximum principal strain fields for different Young's moduli of damaged elements. Lower mechanical weight put in the damaged zones does allow for a better localization of strains in the cracked zones.

Higher damage levels also led to lower global residuals (Figure 3.17 

Characterization of CODs

The dominant crack was observed to cross the cement paste matrix, aggregate-matrix interfaces and limestone aggregates.

Once the DVC analysis was performed and the damaged elements detected, the damaged elements belonging to the matrix, interphases and aggregates were quantified (Figure 3.20). In cementitious materials, matrix-aggregate interfaces have different chemical compositions along with higher porosity. It is considered that due to the lower properties and mismatch of mechanical properties, damage initiates preferably in such interfacial zones, which lead to debonding [START_REF] Ollivier | Interfacial transition zone in concrete[END_REF]. Experimental evidence shows that the interfacial zone width varies in the 10-50 µm range [START_REF] Scrivener | The Interfacial Transition Zone (ITZ) Between Cement Paste and Aggregate in Concrete[END_REF][START_REF] Mondal | Nanomechanical Properties of Interfacial Transition Zone in Concrete[END_REF]. Since

Chapter 3. Damage quantification via Digital Volume Correlation with heterogeneous mechanical regularization: application to an in situ meso-flexural test on mortar the average element size was ≈50 µm, the matrix elements adjacent to aggregates were considered as interphase elements for further analysis (Table 3.2). The distribution of damaged zones between the three phases is reported in Table 3.5. The volume fraction of damaged elements was mostly in the matrix (>90%) with almost equal partitioning between interphases and matrix bulk. The maximum average COD is in interphases (7.3 µm), and the minimum is in the matrix bulk (6.2 µm). The highest COD fluctuations, which were characterized by their standard deviation, was in the aggregates (5.6 µm). For the other phases, the COD fluctuations were similar. The crack opening displacement was averaged over the total width of the sample and over its height with a 0.132 mm step. The crack started below the notch root at 3.0 µm width and its opening increased significantly up to 7.1 µm when it reached the notch root. Then the COD grew slowly until it reached its maximum level of 8.5 µm at the mid-ligament height, where a large aggregate with a vertical interface was located. Beyond the mid-ligament, the COD decreased down to 1.5 µm at 3.9 mm specimen height. The COD in the matrix bulk peaked at the notch root (7.4 µm) and then gradually decreased as it propagated upward. The COD at interphases was higher than in the matrix bulk over a significant part of the ligament with a maximum opening of 9.6 µm. The COD in aggregates was fluctuating considerably along the specimen height. This effect was due to the relatively small number of cracked aggregates and their sparse distribution in the volume (Figure 3.20(c)). However, locally the COD could reach 9.6 µm.

Conclusion

In this chapter, an in situ three-point flexural test was carried out in an X-ray CT scanner on a small-scale mortar microbeam.

A realistic 3D mesh was built consistently with the imaged underlying microstructure (based on a 5.3 µm resolution tomographic scan acquired prior to the in situ test). Mechanically regularized FE-DVC was adapted to heterogeneous materials by taking into account the difference between the elastic properties of the different phases of mortar. The introduction of elastic contrast 𝐶 allowed the strain heterogeneities related to the underlying microstructure to be better described, and the inelastic strains to be better captured in the damaged zones. The contrast study showed that prescribing contrast levels above the expected Chapter 3. Damage quantification via Digital Volume Correlation with heterogeneous mechanical regularization: application to an in situ meso-flexural test on mortar properties of phases could result in unrealistic strains in the matrix. It is worth emphasizing that realistic Young's moduli of the various phases are needed to obtain trustworthy strain fields, especially when stronger mechanical regularization is enforced.

Furthermore, the damaged elements were selected based on previous computations for the introduction of damage in the regularization scheme. The Young's modulus in damaged elements was set to 5% of that in the undamaged matrix, which allowed displacement measurements to be more localized in the fractured zone. In the next chapter, fracture simulations will be based on a bulk damage model for crack propagation in the matrix, and interfacial damage models for ITZ debonding. The test reported herein will be used as a benchmark for calibrating damage models. The microstructure-based mesh will be reused in mechanical FE modeling. Experimental kinematic fields measured via DVC will be utilized as boundary conditions.

Chapter 4

Identification of mesoscale fracture properties based on in situ flexural test

Introduction

This chapter focuses on the calibration of the bulk and interfacial damage models based on the meso-flexural in situ test described in Chapter 3. First, reviews of existing studies on fracture modeling with use of X-ray computed tomography for cementitious materials and numerical approaches for damage modeling for quasi-brittle materials are presented. Then, the in situ three-point flexural tests on notched meso-beams are (re)introduced. Furthermore, kinematic boundary conditions for FE simulations are defined via DVC. Last, the calibration procedures based on the experimental peak force and comparison of the numerical cracking pattern with the experimental observations are described. Numerical simulations were carried out using the Cast3m finite element code and the MFront generator.

Numerical studies of fracture in cementitious materials at mesoscale with X-Ray computed tomography

Cementitious materials have a complex heterogeneous microstructure at the meso-and micro-scales. As a consequence, the fracture process depends on the granular assembly and its distribution, as well as on the fracture properties of individual phases. Cracking in heterogeneous materials is a complex phenomenon consisting of microcrack initiation at ITZs and in the bulk cement paste (see Chapter 3), propagation, branching and coalescence of macrocracks. Homogeneous damage models may not always predict the exact crack path as they do not account for material heterogeneity and corresponding differences of the mechanical properties of individual phases. Mesoscale modeling has become a promising method for the simulation of complex damage patterns and for gaining a better understanding of fracture processes at lower scales as it allows the influence of different phases such as cementitious matrix, aggregates, ITZs and voids to be estimated (Wang et al., 2015;Wang and Jivkov, 2015;[START_REF] Xiong | A 3D multi-phase meso-scale model for modelling coupling of damage and transport properties in concrete[END_REF]. Besides mechanical aspects, mesoscale models may be coupled with viscous, diffusive and thermal models, which can also apply different behaviors to specific phases [START_REF] Xotta | Thermo-hygro-mechanical meso-scale analysis of concrete as a viscoelasticdamaged material[END_REF][START_REF] Xiong | A 3D multi-phase meso-scale model for modelling coupling of damage and transport properties in concrete[END_REF][START_REF] Pham | Mesoscale approach to numerical modelling of thermo-mechanical behaviour of concrete at high temperature[END_REF].

Initially, two groups of methods were used to model mesostructures, namely, direct and indirect. In direct methods, generated

Chapter 4. Identification of mesoscale fracture properties based on in situ flexural test aggregates of different shapes and sizes are randomly packed into a closed volume and incorporated with cementitious or mortar matrices to form digital specimens [START_REF] Roelfstra | Le béton numérique[END_REF][START_REF] Leite | Computer simulation of fracture processes of concrete using mesolevel models of lattice structures[END_REF][START_REF] Wriggers | Mesoscale models for concrete: Homogenisation and damage behaviour[END_REF]Man and van Mier, 2008a). In indirect methods, different phases are not explicitly modeled. Instead, the heterogeneous material properties are simulated as spatially-varying random fields assigned to FE meshes [START_REF] Yang | A heterogeneous cohesive model for quasi-brittle materials considering spatially varying random fracture properties[END_REF][START_REF] Bruggi | Cohesive crack propagation in a random elastic medium[END_REF][START_REF] Yang | Monte Carlo simulation of complex cohesive fracture in random heterogeneous quasi-brittle materials[END_REF][START_REF] Huang | Generation of high-fidelity random fields from micro CT images and phase field-based mesoscale fracture modelling of concrete[END_REF]. However, these techniques lacked realistic aggregate morphologies. The introduction of imaging via X-ray Computed Tomography (XCT) in material sciences made it possible to obtain accurate and detailed microstructure characterization that could be used as an input data for mesoscale finite element modeling [START_REF] Maire | Quantitative X-ray tomography[END_REF]. The random spatial distribution techniques could be also combined with real aggregate morphology obtained by XCT (Bernachy-Barbe and Bary, 2019). In recent years, studies on fracture in concrete with realistic aggregate distributions were carried out using lattice models (Man andvan Mier, 2008b, 2011), cohesive elements [START_REF] Ren | Two-dimensional X-ray CT image based meso-scale fracture modelling of concrete[END_REF][START_REF] Ren | Three-Dimensional In Situ XCT Characterisation and FE Modelling of Cracking in Concrete[END_REF] and damage/plasticity models [START_REF] Huang | 3D meso-scale fracture modelling and validation of concrete based on in-situ X-ray Computed Tomography images using damage plasticity model[END_REF]. In addition to cementitious materials, image-based modeling was performed to study the failure of cement paste [START_REF] Zhang | Microstructure-informed modelling of damage evolution in cement paste[END_REF].

Beyond static imaging of microstructures, X-ray computed tomography was used to monitor initiation and growth of damage via in situ tests [START_REF] Buffiere | In Situ Experiments with X ray Tomography: an Attractive Tool for Experimental Mechanics[END_REF][START_REF] Yang | X-ray computed tomography images based phase-field modeling of mesoscopic failure in concrete[END_REF][START_REF] Hurley | An in-situ study of stress evolution and fracture growth during compression of concrete[END_REF]. Simulations of in situ tests performed in X-ray scanners allows for direct comparisons of the simulated fracture pattern with experimental observations for model calibration and validation [START_REF] Trawiński | Two-dimensional simulations of concrete fracture at aggregate level with cohesive elements based on X-ray µCT images[END_REF][START_REF] Trawiński | A three-dimensional meso-scale modelling of concrete fracture, based on cohesive elements and X-ray µCT images[END_REF]. When mesoscale modeling was considered, attention was given to the influence of ITZs on crack patterns and material strength; direct simulations were carried out to study the effect of mortar-aggregate interfaces in three-point flexure [START_REF] Trawiński | Two-dimensional simulations of concrete fracture at aggregate level with cohesive elements based on X-ray µCT images[END_REF][START_REF] Trawiński | A three-dimensional meso-scale modelling of concrete fracture, based on cohesive elements and X-ray µCT images[END_REF], Brazilian tests [START_REF] Asahina | Modeling of phase interfaces during pre-critical crack growth in concrete[END_REF], uniaxial tension [START_REF] Xiao | Effects of interfacial transition zones on the stress-strain behavior of modeled recycled aggregate concrete[END_REF][START_REF] Stamati | Tensile failure of micro-concrete: from mechanical tests to FE meso-model with the help of X-ray tomography[END_REF], and uniaxial compression [START_REF] Xiao | Effects of interfacial transition zones on the stress-strain behavior of modeled recycled aggregate concrete[END_REF][START_REF] Yu | 3D numerical study on fracture process of concrete with different ITZ properties using X-ray computerized tomography[END_REF]. Another step toward a better representation of complex fracture, besides the use of image-based meshes, was the introduction of experimental Boundary Conditions (BCs). Full-field kinematic BCs measured via Digital Image Correlation (DIC) or DVC [START_REF] Bay | Methods and applications of digital volume correlation[END_REF][START_REF] Buljac | Digital Volume Correlation: Review of Progress and Challenges[END_REF] allow realistic mixed-mode fracture patterns to be simulated [START_REF] Vargas | On the identification of cohesive zone model for curved crack in mortar[END_REF].

Modeling the fracture in quasi-brittle materials

Two approaches are distinguished for crack propagation modeling, namely, discrete and continuous. The basic difference between these two methods is the crack topology representation (i.e., geometric configuration). In the former, fracture is modeled as discontinuities in the medium. In numerical applications with finite element methods (FEM), discontinuities are introduced with element and nodal enrichment strategies (splitting nodes or breaking elements [START_REF] Aragón | The Discontinuity-Enriched Finite Element Method[END_REF][START_REF] Zhang | A stable discontinuity-enriched finite element method for 3-D problems containing weak and strong discontinuities[END_REF], eXtended Finite Element Method (XFEM) [START_REF] Belytschko | Elastic crack growth in finite elements with minimal remeshing[END_REF][START_REF] Moës | A finite element method for crack growth without remeshing[END_REF][START_REF] Sukumar | Extended finite element method for three-dimensional crack modelling[END_REF][START_REF] Fries | The extended/generalized finite element method: An overview of the method and its applications[END_REF]), or interface element formulations (cohesive zone models) [START_REF] Mi | Progressive Delamination Using Interface Elements[END_REF][START_REF] Camanho | Numerical Simulation of Mixed-Mode Progressive Delamination in Composite Materials[END_REF][START_REF] Xie | Discrete cohesive zone model for mixed-mode fracture using finite element analysis[END_REF].

In fracture mechanics, cementitious materials are regarded as quasi-brittle [START_REF] Bažant | Crack band theory for fracture of concrete[END_REF][START_REF] Bazant | Statistical Size Effect in Quasi-Brittle Structures: I. Is Weibull Theory Applicable[END_REF]. Basic differences between the fracture of brittle and quasi-brittle materials are observed from their stress-strain curves. A perfectly brittle material is considered to remain perfectly elastic until failure occurs with no residual strength afterward (Figure 4.1(a)).

Quasi-brittle materials exhibit a nonlinear response close to the ultimate point, and undergo strain-softening after the ultimate point (Figure 4.1(b)). These differences are explained by microcracking preceding the initiation and propagation of macrocracks.

The damaged zone around the propagating crack tip is called the Fracture Process Zone (FPZ) [START_REF] Wittmann | Fracture process zone in cementitious materials[END_REF][START_REF] Zhang | Fracture process zone of notched three-point-bending concrete beams[END_REF]. The onset and growth of microcracks in the FPZ leads to a loss of cohesion inducing pre-peak nonlinearity.

Growth and bridging of macrocracks will drive their propagation with the FPZ moving ahead and inducing strain-softening. The loss of cohesion and inelastic effects in the FPZ may be modeled with a Cohesive Zone Model (CZM) [START_REF] Dugdale | Yielding of steel sheets containing slits[END_REF]Barenblatt, 1962). For cementitious materials, the cohesive crack approach has been extended to the fictitious zone model [START_REF] Hillerborg | Analysis of crack formation and crack growth in concrete by means of fracture mechanics and finite elements[END_REF] where the FPZ is described as a fictitious crack with residual cohesive forces applied on crack sides. The fictitious crack opening displacement represents the accumulation of microcracks in the FPZ. Cohesive forces are formulated as a stress-crack opening displacement law

𝜎 𝑐𝑜ℎ = 𝑓 𝑐𝑟 (𝑤 𝑐 ) (4.1)
where 𝜎 𝑐𝑜ℎ is the cohesive (crack-bridging) stress, and 𝑤 𝑐 the crack opening displacement. The function 𝑓 𝑐𝑟 has different shapes (e.g., linear, bilinear, exponential, polynomial, see Figure 4.2) [START_REF] Dugdale | Yielding of steel sheets containing slits[END_REF]Barenblatt, 1962;[START_REF] Allix | Damage analysis of interlaminar fracture specimens[END_REF][START_REF] Allix | Modeling and simulation of crack propagation in mixed-modes interlaminar fracture specimens[END_REF][START_REF] Camacho | Computational modelling of impact damage in brittle materials[END_REF][START_REF] Volokh | Comparison between cohesive zone models[END_REF][START_REF] Park | A unified potential-based cohesive model of mixed-mode fracture[END_REF][START_REF] Park | Computational implementation of the PPR potential-based cohesive model in ABAQUS: educational perspective[END_REF]). The integral of the 𝑓 𝑐𝑟 vs. 𝑤 𝑐 curve is equal to the fracture energy 𝐺 𝑓 , namely, the energy necessary to create a unitary stress-free cracked surface.

Within the framework of cohesive models, the FPZ size is related to a material characteristic length. The most common expressions for characteristic lengths were proposed by Hillerborg [START_REF] Hillerborg | Analysis of crack formation and crack growth in concrete by means of fracture mechanics and finite elements[END_REF]Hillerborg, 1990) for tensile fracture and analogous compressive fracture

ℓ 𝑡 0 = 𝐸𝐺 𝑓 𝑓 2 𝑡 (4.2) ℓ 𝑐 0 = 𝐸𝑤 𝑐𝑟 2 𝑓 𝑐 (4.3)
where 𝐸 is the elastic modulus, 𝑓 𝑡 the tensile strength, 𝑤 𝑐𝑟 the critical penetration length allowed for compression, 𝑓 𝑐 the compressive strength. In finite element analyses, cohesive zone models represent crack openings as a discontinuity in the displacement field.

Cohesive interface elements are introduced between adjacent solid finite elements. They make the crack path strongly dependent on the underlying mesh.This dependence can be overcome by discontinuity enrichment of shape functions [START_REF] Belytschko | Elastic crack growth in finite elements with minimal remeshing[END_REF][START_REF] Moës | A finite element method for crack growth without remeshing[END_REF][START_REF] Sukumar | Extended finite element method for three-dimensional crack modelling[END_REF][START_REF] Fries | The extended/generalized finite element method: An overview of the method and its applications[END_REF], or by smearing the displacement discontinuity as an inelastic strain over some domain [START_REF] Jirásek | Nonlocal damage mechanics[END_REF], but with undesirable (high) computational cost. The use of discrete approaches with FE methods suffers from several drawbacks [START_REF] Santillán | Phase-field model for brittle fracture. Validation with experimental results and extension to dam engineering problems[END_REF]:

• High computational cost in three-dimensional modeling,

• Change of topology of the discretization,

• Crack path follows only mesh lines (not true for X-FEM).

With the phase-field method, the last drawback is avoided by replacing the sharp crack topology by a diffuse cracked zone.

The sharp crack surface topology is regularized by a scalar auxiliary variable. The latter is considered as a phase-field that interpolates between unbroken and fully broken states of the material. It allows an intact body to be represented with damage in it as a continuum with smooth transition between the undamaged bulk and the crack. The method demands a sufficiently fine mesh for correct crack descriptions, which may also result in high computational cost [START_REF] Mandal | Length scale and mesh bias sensitivity of phase-field models for brittle and cohesive fracture[END_REF]. However, the phase-field approach has proven to be an effective tool for crack modeling in homogeneous and heterogeneous media and in direct simulations (Nguyen et al., 2016a;[START_REF] Wu | Phase-field simulation of interactive mixed-mode fracture tests on cement mortar with full-field displacement boundary conditions[END_REF].

The phase-field damage model for brittle materials proposed by Miehe et al. (2010a,b) has become an attractive solution for fracture modeling in heterogeneous media, since this method can predict complex crack patterns including initiation, propagation and coalescence without additional algorithms [START_REF] Nguyen | A phase field method to simulate crack nucleation and propagation in strongly heterogeneous materials from direct imaging of their microstructure[END_REF]. Besides the initial formulation, extensions for cohesive fracture [START_REF] Verhoosel | A phase-field model for cohesive fracture[END_REF][START_REF] Wu | A unified phase-field theory for the mechanics of damage and quasi-brittle failure[END_REF], compressive-shear fracture [START_REF] You | Incorporation of tension-compression asymmetry into plastic damage phase-field modeling of quasi brittle geomaterials[END_REF] and interfacial cohesive fracture (Nguyen et al., 2016c) were developed. Furthermore, the phase-field model for brittle materials demonstrated good predictions of crack morphology in simulations with experimental Boundary Conditions (BCs) measured via DIC in 2D

analyses [START_REF] Wu | Phase-field simulation of interactive mixed-mode fracture tests on cement mortar with full-field displacement boundary conditions[END_REF] and via DVC in 3D mesoscale computations (Nguyen et al., 2016a).

Objectives

The modeling of creep/damage coupling requires the identification of mesoscopic damage models. Mesoscale fracture modeling of mortar calls for an explicit description of the mesostructure and the fracture behavior of its individual phases. These types of information cannot be obtained by means of conventional laboratory destructive tests that measure only the global properties (e.g., strength, fracture energy, elastic modulus) for heterogeneous materials. For these reasons, the identification of mesoscopic fracture properties of mortar was carried out by numerical analyses of in situ meso-flexural tests on small-scale mortar specimens (5 × 5 × 20 mm); one of them was presented in Chapter 3. Segmented mesostructures were reused in the FE discretization, which consisted of a microstructure-based mesh in the crack propagation zone and homogeneous zones for intact parts of the meso-beam. Furthermore, the experimental kinematic fields were measured by processing the reconstructed volumes via DVC. Measured displacements were used as kinematic BCs to simulate three-point flexural tests.

The Phase-Field Model (PFM) for brittle materials proposed by Miehe et al. (2010a,b) has been successfully applied to simulate cracking in cementitious materials at the mesoscale (Nguyen et al., 2016a). Moreover, PFMs exhibit a small mesh sensitivity [START_REF] Mandal | Length scale and mesh bias sensitivity of phase-field models for brittle and cohesive fracture[END_REF]. Last, PFMs were implemented within the finite element code Cast3m (www-cast3m.cea.fr) by using the MFront generator (www.tfel.sourceforge.net) [START_REF] Lu | An efficient and robust staggered algorithm applied to the quasi-static description of brittle fracture by a phase-field approach[END_REF]. For these reasons, the PFM was selected to simulate fracture in the cement paste.

The description of ITZs as small-thickness elements may lead to too fine meshes and prohibitive computational costs.

Representing the matrix-aggregate interfaces as zero-thickness cohesive elements allows one to overcome this limitation (Wang et al., 2015;Wang and Jivkov, 2015;[START_REF] Wu | Multiscale diffusion-thermal-mechanical cohesive zone model for concrete[END_REF]. In this study, interface debonding was simulated with the CZM proposed by [START_REF] Wu | Multiscale diffusion-thermal-mechanical cohesive zone model for concrete[END_REF] and implemented in the Mfront code generetor for FE simulations in Cast3m.

The full dataset, consisting of realistic geometry and experimental BCs, allowed for full simulations of the performed tests and for the calibration of parameter sets for the chosen damage models that may realistically reproduce the observed crack pattern.

The outline presented in Figure 4.3 summarizes the different steps of the identification procedure. The experimental set-up did not include a measurement system for meso-beam deflection and Crack Mouth Opening Displacement (CMOD). For this reason, apart from DVC measurements, the information about sample deformation before and at failure was not available. The failures were brittle and followed by substantial load drop and quasi instantaneous crack propagation along the major part of the ligament. It can be noted that crack stability in three-point flexure depends on the sample geometry and notch depth [START_REF] Tandon | Crack Stability in the Fracture of Cementitious Materials[END_REF]. Therefore, the control of fracture propagation may be improved in further studies by modifying the beam dimensions. Further, since the aggregate volume fraction in mortar batch was reduced, it could result in a more brittle behavior. After fracture, the residual forces did not reduce below 5% 𝐹 𝑚𝑎𝑥 in all conducted tests. It is likely that the tension of the adhesive tape applied to specimens and friction of the aluminum parts may have induced additional forces.

Therefore, the measured peak force may not correspond to the failure load. For modeling purposes, the peak force corrected by the residual force at the end of the test was used as the maximum force. Although the tensile strength of conventional mortar could be expected to be higher, according to Weibull statistics [START_REF] Weibull | A statistical theory of the strength of materials[END_REF][START_REF] Weibull | A statistical distribution function of wide applicability[END_REF], a decrease in specimen volume reduces the probability of finding critical flaws in highly-stressed locations leading to higher resistance. Therefore, the failure properties measured on 5-mm sample are higher than those measured on 30-mm samples.

Meshes for finite element simulations

The procedure of preliminary High Quality scanning, microstructure segmentation and heterogeneous FE mesh generation The element size gradation (i.e., maximum ratio between the lengths of two adjacent edges) in homogeneous regions was set to 1.05. The mesh characteristics are listed in Table 4.2. 

DVC-based boundary conditions

The purpose of the DVC analyses reported in this chapter was to measure experimental boundary conditions to drive fracture simulations. Consequently, small details of displacement measurements in the fracture zone were less important than in Chapter 3. Mechanical regularization for an elastic and homogeneous material was applied without taking into account the differences in the mechanical behavior of the matrix and inclusions (i.e., 𝐶 = 1.0). For that reason, coarser meshes were constructed for DVC analyses. The external surfaces of the samples were segmented in Avizo ® and exported in .stl format.

Surface meshes were then used to generate volumetric meshes via Gmsh (http://gmsh.info/) with four-noded tetrahedra. The DVC mesh characteristics are listed in Table 4.3. The in situ scans were binned to lower computational costs, so the physical voxel size was 17.6 µm/vx. Uncertainty quantifications were performed by running DVC analyses on the two scans performed on the undeformed specimens (Table 4.3).

The baseline RMS residuals of tests A and B were in a similar range (i.e., 1364 and 1422 gray levels, respectively). The displacement uncertainty was several times higher for case B (i.e., 2.2 µm) than for test A (0.6 µm).

Then, the DVC procedure was run between the undeformed and first acquired scan after failure. The relaxation procedure was performed for both tests starting with a regularization length of ℓ 𝑟 𝑒𝑔 = 120 vx down to 30 vx. Regularization lengths less than 30 vx did not bring significant changes in displacements at the contact zones between the samples and the flexural set-up where BCs were measured. The global residuals for ℓ 𝑟 𝑒𝑔 = 30 vx are reported in Table 4.3 and the residuals fields are shown in In test B, the maximum absolute residuals corresponding to the fractured surface were higher than in test A due to different gray level distributions of volumes in the two tests. The gray level histograms show that most of the voxels of the undeformed volume A are in the range of 0 -9 × 10 3 , while for the undeformed volume B most voxels are within the range 0 -6.5 × 10 4 (Figure 4.7). The RMS residuals wrt. the baseline levels was a bit higher for test B (i.e., 1.19) than for the test A (i.e., 1.08).

Well defined residuals around cracks and the absence of high levels in intact areas demonstrate the trustworthiness of the DVC analyses. The kinematic fields measured by DVC with ℓ 𝑟 𝑒𝑔 = 30 vx were interpolated on the FE meshes. The BCs were determined by interpolating all three displacement components on three straight lines corresponding to the contact zones between the meso-beam and the flexural set-up (Figure 4.9). The two bottom left and right edges of meshes were defined as the support contact lines and the BCs were prescribed directly on these nodes.

Two points at the top front and back edges of the mesh with the maximum negative vertical displacement components were defined as the ends of the central contact line. This contact line was then discretized with 60 nodes for interpolating the kinematic boundary conditions. The averages of absolute displacements of nodes belonging to different contact zones are reported in 

Damage modeling

In this study, the PFM for brittle materials proposed by Miehe et al. (2010a,b) was used to model damage in the bulk cementitious matrix. To study the influence of ITZs in crack formation, debonding of matrix-aggregate interfaces was introduced using a modified version of the cohesive zone model proposed by [START_REF] Wu | Multiscale diffusion-thermal-mechanical cohesive zone model for concrete[END_REF], which takes into account imperfect interfaces (Hashin, 1991). The models are detailed in the following sections.

Phase-field model for a brittle material

In PFMs, sharp crack topologies are regularized by introducing a diffuse cracked zone. The crack surface inside the solid body ℬ is described by a functional Γ 𝑙 dependent upon an auxiliary variable 𝑑 (crack phase field or damage) and a characteristic length ℓ (Figure 4.10) (Miehe et al., 2010b)

Γ 𝑙 (𝑑) = ∫ ℬ 𝛾 𝑙 (𝑑)𝑑𝑉 (4.4) with 𝛾 𝑙 (𝑑) = 𝑑 2 2ℓ + ℓ 2 ∇𝑑 2 (4.5)
where 𝛾 𝑙 is the cracked surface density (with 𝑑 = 0 characterizing the unbroken state and 𝑑 = 1 the fully broken state of the material). Chapter 4. Identification of mesoscale fracture properties based on in situ flexural test

Following the theoretical foundations of [START_REF] Griffith | The phenomena of rupture and flow in solids[END_REF] and [START_REF] Irwin | Fracture strength of relatively brittle structures and materials[END_REF], the crack propagation criterion is the energy release rate reaching its critical value. The classical Griffith approach was suffering from the need for a preexisting crack and a priori defined path [START_REF] Griffith | The phenomena of rupture and flow in solids[END_REF][START_REF] Francfort | Revisiting brittle fracture as an energy minimization problem[END_REF]. Those drawbacks were overcome with an energy minimization approach [START_REF] Francfort | Revisiting brittle fracture as an energy minimization problem[END_REF], and implemented with a phase-field variable 𝑑 [START_REF] Bourdin | Numerical experiments in revisited brittle fracture[END_REF]. The consistency of the variational methods was proven by Γ-convergence to the Griffith theory as the length scale ℓ tends to zero [START_REF] Ambrosio | Approximation of functional depending on jumps by elliptic functional via t-convergence[END_REF].

The minimization problem for the cracked surface 𝑑 = arg{inf 𝛿 Γ 𝑙 (𝛿)} in domain ℬ gives the crack phase field function (Figure 4.11)

𝑑 (𝑥) = 𝑒 -|𝑥 |/ℓ (4.6)
The total energy is equal to the sum of the bulk deformation energy 𝐸 𝑒 and the energy required for crack propagation 𝐸 𝑑 . Based on Griffith's theory

𝐸 𝑑 = ∫ ℬ 𝜓 𝑑 𝑑𝑉 = ∫ ℬ 𝐺 𝑓 𝛾 𝑙 (𝑑)𝑑𝑉 (4.7)
where 𝜓 𝑑 is the energy density related to 𝐸 𝑑 , 𝐺 𝑓 the fracture energy. where 𝜓 + 0 (𝝐) is the extensional energy (i.e., dependent on positive strains), 𝜓 - 0 (𝝐) the contractional energy (i.e., dependent on negative strains), 𝑔(𝑑) the degradation function. As 𝑔(𝑑) is specifically associated with the extensional energy, it allows stiffness recovery to be modeled in contraction due to crack closure. The small positive parameter 𝑘 ≈ 0 circumvents the full degradation of the energy by leaving an "artificial" elastic energy density 𝑘𝜓 + 0 (𝝐) at fully broken states for keeping the problem well-posed.

The extensional and contractional energies read

         𝜓 + 0 (𝝐) = 𝜆 2 { 𝑡𝑟 (𝝐) + } 2 + 𝜇𝑡𝑟 {(𝝐 + ) 2 } (4.11) 𝜓 - 0 (𝝐) = 𝜆 2 { 𝑡𝑟 (𝝐) -} 2 + 𝜇𝑡𝑟 {(𝝐 -) 2 } (4.12)
where 𝜆 and 𝜇 are the Lamé coefficients, 𝝐 the elastic strain tensor with spectral decomposition into positive 𝝐 + and negative 𝝐 - parts. The operators + and -are defined as

+ = 0, < 0 (4.13) , ≥ 0 (4.14) -= , < 0 (4.15) 0, ≥ 0 (4.16)
The variational derivative of the potential energy for irreversible processes reads

𝝈 : 𝝐 = 𝜓 + 𝜙, 𝜙 ≥ 0 (4.17)
where 𝝈 is the Cauchy stress tensor, 𝝐 the strain rate tensor, 𝜓 the Helmholtz free power, and 𝜙 the dissipated power. The stress tensor 𝝈 for an isotropic elastic medium is written as

𝝈 = 𝜕𝜓 𝜕𝝐 = (𝜆 𝑡𝑟𝝐 + 𝑰 + 2𝜇𝝐 + ) [(1 -𝑑) 2 + 𝑘] + 𝜆 𝑡𝑟𝝐 -𝑰 + 2𝜇𝝐 (4.18)
Thermodynamic consistency is ensured by prescribing a non-negative growth of the crack phase field

𝑑 ≥ 0 (4.19)
The Helmholtz free power is expressed as

𝜓 = 𝜓 𝑑 + 𝜓 𝑒 = 𝜕𝜓 𝜕𝑑 • 𝑑 + 𝜕𝜓 𝜕𝝐 • 𝝐 (4.20)
The minimization of Equation (4.17) with Equation (4.19) as constraint, yields a thermodynamically consistent phase-field equation for the damage variable 𝑑

         𝐺 𝑓 ℓ + 2ℋ 𝑑 -𝐺 𝑓 ℓΔ𝑑 = 2ℋ 𝑖𝑛 ℬ (4.21) ℋ = max 𝑡 (𝜓 + ) (4.22)
The temporal changes of the phase field are driven by a local history field ℋ, which is equal to the maximum extensional energy obtained in the history of 𝜓 + 0 (𝝐). It can be noted that other extensions of the brittle PFM can have different damage criteria, for example, based on the maximum principal stress [START_REF] Schänzel | Phase field modeling of fracture in rubbery and glassy polymers at finite thermo-viscoelastic deformations[END_REF].

Cohesive zone model

The cohesive zone model used in this study was proposed by [START_REF] Wu | Multiscale diffusion-thermal-mechanical cohesive zone model for concrete[END_REF], and modified to take into account an imperfect interface. Imperfect interfaces allow for displacement vector jumps across it. The model was applied to zero-thickness interface elements connecting the faces of two adjacent elements. In the case of tetrahedral elements, interface elements are triangular surfaces (Figure 4 where 𝐸 𝑖 and 𝜇 𝑖 are the Young's and shear moduli of the material composing the interphase, respectively, 𝐸 𝑎𝑔 and 𝜇 𝑎𝑔 those of the aggregate, 𝑅 𝑎𝑔 the radius of the spherical inclusion, and ℎ 𝑖 the interphase thickness. The elastic properties are estimated with the so-called Linear Spring Model (Hashin, 1991;[START_REF] Duan | A unified scheme for prediction of effective moduli of multiphase composites with interface effects. Part I: Theoretical framework[END_REF][START_REF] Bary | Analytical and 3D numerical analysis of the thermoviscoelastic behavior of concrete-like materials including interfaces[END_REF])

𝑘 𝑛 = 2𝜇 𝑖 (1 -𝜈 𝑖 ) ℎ 𝑖 (1 -2𝜈 𝑖 ) (4.24)
and

𝑘 𝑡 = 𝜇 𝑖 ℎ 𝑖 (4.25)
where 𝑘 𝑛 and 𝑘 𝑡 are the interface elastic parameters in the normal and tangential directions, respectively, and 𝜈 𝑖 the Poisson's ratio of the interphase. The ITZs in cementitious materials conform partially to the conditions of Equation (4.23) (i.e., the second requirement is not perfectly satisfied).

The jump conditions of the traction 𝝈 • 𝒏 and displacement vector 𝒖 across the interface for the LSM read [START_REF] Duan | A unified scheme for prediction of effective moduli of multiphase composites with interface effects. Part I: Theoretical framework[END_REF])

𝝈 • 𝒏 = 0, 𝒌 • 𝒖 = 𝝈 • 𝒏 (4.26)
where 𝒏 is the normal vector to the interface, 𝒌 the second-order tensor representing the interface elastic parameters, • denotes the jump across the interface.

To govern interface debonding, an equivalent interface opening 𝜆 𝑖 is introduced to denote the relative displacement between two adjacent nodes of a cohesive interface element, based on Wu and Wriggers ( 2015)

𝜆 𝑖 = √︄ 𝑢 𝑛 2 + + 2 𝑖=1 𝑢 2 𝑡 ,𝑖 𝛿 𝑡 (4.27) with 𝛿 𝑡 = 𝑘 𝑛 𝑘 𝑡 (4.28)
where 𝑢 𝑛 is the normal displacement jump, 𝑢 𝑡 the tangential displacement jump. The nonlinear traction-separation law is formulated as 

𝜎 𝑐 (𝜆) =            𝑘 𝑛 𝜆 𝑖 if 𝜆 𝑖 < 𝜆 0 = 𝑓 𝑡 𝑘 𝑛 (4.

Damage model identification

The identification procedure was divided into several steps. First, only the Phase-Field Model was used to simulate fracture in the cement paste and limestone inclusions, and ITZs were undamaged. The PFM was initially calibrated based on experimental peak forces. Second, imperfect interfaces were added with the Linear Spring Model, and the influence of the interphase elastic properties on crack propagation was addressed. Further, a Cohesive Zone Model was applied to simulate ITZ debonding, and its effect was analyzed by comparing the fracture paths with experimental observations. The numerical simulations were carried out using the Cast3m finite element code and the MFront generator.

Fracture modeling with phase-field model

First, the ITZs were not taken into account and fracture was only represented with the PFM for calibration purposes. The damage model was applied to the matrix and the limestone aggregates. The characteristic length ℓ has a non-negligible influence on the material response in the brittle version of PFM and is commonly regarded as a material property [START_REF] Mandal | Length scale and mesh bias sensitivity of phase-field models for brittle and cohesive fracture[END_REF].

The phase-field problem can be analytically solved for a homogeneous stress state in a one-dimensional setting, deriving the expression for the critical stress [START_REF] Borden | A phase-field description of dynamic brittle fracture[END_REF])

𝜎 𝑐𝑟 = 9 16 √︂ 𝐸𝐺 𝑓 6ℓ (4.36)
where 𝜎 𝑐𝑟 is the critical stress, equivalent to the tensile strength 𝑓 𝑡 . Thus, the characteristic length ℓ can be estimated from the knowledge of the tensile strength 𝑓 𝑡 , fracture energy 𝐺 𝑓 and elastic modulus 𝐸 of the material. Based on the macroscopic properties of HCPs, measured on 30-mm samples (i.e., 𝐸 = 13.3 GPa, 𝑓 𝑡 = 2.8 MPa, 𝐺 𝑓 = 4.7 -6.6 N/m, see Appendix A), the characteristic length deduced from Equation (4.36) is in the range ℓ = 0.42 -0.59 mm. This estimation is less than one order of magnitude lower than the dimensions of ROIs (i.e., 2.3 and 1.86 mm) and therefore can lead to significantly large damaged zones. In mesoscale simulations, it will result in a crack path that is no longer dependent on the spatial distribution of aggregates.

Moreover, the tensile strength and fracture energy of cementitious materials are dependent on sample dimensions [START_REF] Carpinteri | Scaling laws for strength and toughness of disordered materials: A unified theory based on fractal geometry[END_REF]. Since the properties of cementitious matrices at the micrometer scale were not precisely known, the analytical Chapter 4. Identification of mesoscale fracture properties based on in situ flexural test estimation of ℓ was not possible.

Numerical simulations of three-point bending tests on notched homogeneous samples showed that high values of ℓ induced more pronounced pre-peak non-linearity in force-CMOD curve, and decreased the ultimate load. However, the experimental force-CMOD curves could not be acquired in this study, so the parameter ℓ could not be calibrated that way either.

Meso-flexural tests on HCP showed that the material exhibited a perfectly brittle behavior at a micrometer scale [START_REF] Němeček | Tensile strength of hydrated cement paste phases assessed by micro-bending tests and nanoindentation[END_REF]. Therefore, in this study the cementitious matrix was assumed to be mostly brittle at the mesoscale. In the present version of the PFM, the material response becomes brittle as ℓ → 0 (Miehe et al., 2010a). Further, the parameter must satisfy the requirement ℓ > 2ℎ 𝑒𝑙 to obtain mesh independent results (Nguyen et al., 2016b;[START_REF] Mandal | Length scale and mesh bias sensitivity of phase-field models for brittle and cohesive fracture[END_REF]. Therefore, the characteristic length ℓ 𝑚 was assumed to be small while satisfying the previous condition (> 2 ℎ 𝑒𝑙 = 64 µm). The characteristic length ℓ 𝑚 was set to 80 µm for the cementitious matrix.

The damage parameters of limestone aggregates were assumed to be equal to those of the matrix (i.e., ℓ 𝑎𝑔,𝐶 𝑎 = ℓ 𝑚 , 𝐺 𝑎𝑔,𝐶 𝑎 = 𝐺 𝑓 ,𝑚 ). For matrix elements adjacent to homogeneous regions, the fracture energy parameter 𝐺 𝑓 ,𝑚 was set to a very high value (i.e., 200 N/m) to prevent non-physical damage that may arise due to strain concentrations between regions with different mechanical properties. The siliceous aggregates and homogeneous zones away from the crack were considered to remain linear elastic. The modulus of elasticity of the aggregates was estimated by nanoindentation (Bernachy-Barbe, 2017).

The Young's modulus and Poisson's ratio for the cement paste were equal to experimentally measured values (Table A.2). The Young's modulus of homogeneous zones was obtained by running linear elastic compressive simulations on prismatic heterogeneous meshes of ROIs excluding the region with the notch (Figure 4.15). To estimate the upper and lower bounds of the homogenized elastic modulus, two types of BCs were used, namely, uniform strain and uniform stress boundary conditions, since the first type tends to overestimate the effective properties and the latter to underestimate actual levels [START_REF] Kanit | Determination of the size of the representative volume element for random composites: statistical and numerical approach[END_REF].

The resulting bounds of the effective elastic modulus were 19.7 -21.3 GPa for case A, and 20.0 -22.1 GPa for case B. The homogenized modulus 𝐸 ℎ𝑜𝑚𝑜 was set to 21 GPa, which was approximately the average value in both cases. The Poisson's ratio of homogeneous regions was equal to that of mortar (Table A.2).

All the selected parameters are gathered in Table 4.5. The final displacement field corresponds arbitrarily to time 𝑡 = 1.0. The variation of the ultimate forces was significant (i.e., 27.8 N and 20.9 N). However, these differences could be rather well reproduced using the bulk damage model with representative microstructure and boundary conditions. Inaccuracies in flexural strength predictions could be due to variations of mechanical properties at lower scales and omitted details of the microstructure.

However, the agreement between the numerical and experimental results is more than encouraging given the fact that only one parameter was varied.

The calibrated fracture energy of the cementitious matrix is higher than the level measured in macroscopic tests (4.7 -6.6 N/m, see Table A.4). In the PFM for brittle materials, the tensile strength of the material is directly proportional to the fracture energy (Equation (4.36)). According to statistical size-effects, a decrease of sample volume leads to a higher strength [START_REF] Weibull | A statistical theory of the strength of materials[END_REF][START_REF] Weibull | A statistical distribution function of wide applicability[END_REF]. Therefore, this effect may explain the increase in the numerical tensile strength of the cementitious matrix and, consequently, the fracture energy of PFM in simulations on small samples. The predicted fracture paths are compared with experimental observations in Figures 4.19 and 4.20. Since the interface elements were not considered, the choice of the PFM parameters did not significantly influence the crack path. The simulated fracture surfaces followed the plane passing through the notch root and the loading pin, but their actual path was affected by the spatial distribution of aggregates.

From the damage fields it is observed that, despite the small characteristic length, the size of the damage zones could grow to rather large sizes. Moreover, the developed damaged zone spanned across the distance between neighboring aggregates in the direction perpendicular to the crack propagation path. Thus, it is concluded that the fractured zone propagated preferably in matrix regions that were not reinforced by inclusions. In a situation where small inclusions are sparsely located in the matrix, the simulated crack zone can significantly grow in size. Moreover, as the fracture zone spread, it continued to increase not only in length, but also in width. At later stages, the vertical crack propagation slowed down and the damage zone could expand more because of horizontal displacements prescribed to the supports. The issues of thick diffuse damage patterns simulated with brittle PFMs were also discussed by [START_REF] Mandal | Length scale and mesh bias sensitivity of phase-field models for brittle and cohesive fracture[END_REF]. It should be noted that the used version of the PFM did not include any threshold for damage initiation, meaning that damage is induced under any nonzero tensile strain. In future studies, the phase-field model with damage criteria including thresholds [START_REF] Schänzel | Phase field modeling of fracture in rubbery and glassy polymers at finite thermo-viscoelastic deformations[END_REF] may improve the localization of damage. In experiment A, the fractured surface contained one (Figure 4.19(d)) or two (Figure 4.19(h,l)) cracks depending on the selected cross-section. One of the fractured surfaces started to propagate from the notch root. Figure 4.19(h) shows a large aggregate with a vertical interface (Agg.1) that caused the major deviation of the crack path with subsequent bifurcation. After branching, the fractured surface, which initiated at the notch root, went upward until ≈0.3 times the ligament height, while the new fractured branch, located below the loading pin, spanned over the major part of the specimen height (Figure 4.19(i)).

(a) (b) (c) (d) (e) (f) (g) (h) (i) (j) (k) (l)
There was no information about the order in which the fractured branches were formed. Therefore, it cannot be concluded what was the exact cause of this behavior (e.g., dynamic effects, microstructural details, pre-existing microcracking). This cracking pattern was partially reproduced. The simulated fracture path had only one continuous surface that initiated at the notch root, and propagated upward. The crack changed its trajectory to bypass the siliceous inclusion Agg.1 (Figure 4.19(g)), but with no bifurcation. Crack propagation slowed down when the crack began to cross the limestone particle Agg.2.

Test B represents a simpler fracture case since most of the aggregates in the notch-load pin plane were relatively small and did not significantly influence the fracture path. Thus it remained essentially straight and flat. In rare instances, the fracture path bypassed larger aggregates (Figure 4.20(l)). Overall, the simulated fracture path was consistent with the experiment.

Fracture modeling with the phase-field model and cohesive interfaces

Influence of interface stiffness on crack path

In a second step, the bulk damage model was enriched with CZMs applied to matrix-aggregates interfaces in order to study the influence of elastic and fracture properties of interfaces on crack propagation. Zero-thickness interface elements were generated between aggregate and matrix elements in the numerical model. The ITZ thickness ℎ 𝑖 was equal to a common value for mortar, namely, 20 µm [START_REF] Scrivener | The Interfacial Transition Zone (ITZ) Between Cement Paste and Aggregate in Concrete[END_REF]. The elastic shear modulus of the interphase 𝜇 𝑖 was estimated as 𝐸 𝑖 /(2(1 + 𝜈 𝑖 ), and the Poisson's ratio was equal to that of the cement paste (𝜈 𝑖 = 0.25). The relationship between the tensile strength in normal and tangential directions, based on the choice of the Poisson's ratio and interface thickness, was 𝑡 𝑚𝑎𝑥 𝑡 = 0.58 𝑓 𝑡 . The bulk elastic and phase-field parameters were taken constant from Section 4.3.1. First, only the interface stiffness was considered (Table 4.6).

The fracture parameters of the CZM (i.e., 𝐺 𝑓 ,𝑖 and 𝑓 𝑡 ,𝑖 ) were set to very high values to prevent any damage from occurring in ITZs (i.e., simplifying the CZM model into an LSM model). In the following, the interface elastic modulus 𝐸 𝑖 was varied at a fixed interface thickness value. From a stiffness point of view, this can be interpreted equivalently as inversely varying the interface thickness at a constant elastic modulus value. Chapter 4. Identification of mesoscale fracture properties based on in situ flexural test

Compliant and undamageable interfaces modified the crack path as they allowed for normal displacement and slip between the matrix and inclusions. This effect led to stress and strain redistributions in the matrix, which changed the crack path. It is concluded that high compliances of the undamageable interfaces may lead to a less pronounced dependence of the crack path on the spatial position of the aggregates. In addition, a lower interface stiffness reduced the sample global stiffness and flexural strength (Figure 4.22).

Influence of interface fracture properties on crack propagation

In the following step, different fracture properties were combined with various interface elastic moduli. Based on simulation results, two cases were distinguished, namely, compliant interfaces (i.e., 𝐸 𝑖 ≤ 𝐸 𝑎𝑔,𝑆𝑖 = 70 GPa) and rigid interfaces (i.e., 𝐸 𝑖 > 𝐸 𝑎𝑔,𝑆𝑖 = 70 GPa).

Compliant interfaces

The interface modulus was 𝐸 𝑖 = 7 GPa and the fracture energy and tensile strength were varied in the following ranges In the force-CMOD curves, changes in the post-peak region are observed compared to undamageable and compliant ITZs.

Crack propagation was not impeded by aggregates due to interfacial debonding, thus the loss of strength was faster. Additionally, low interfacial fracture properties led to more pronounced pre-peak nonlinearity. Interface debonding in the area around the main crack can be compared to the formation of FPZs that induce quasi-brittleness in heterogeneous materials [START_REF] Zhou | Mesoscale modelling of size effect on the evolution of fracture process zone in concrete[END_REF]. The choice of fracture parameters for ITZs conditions the size of simulated FPZs and, consequently, the quasi-brittleness of the sample.

Next, simulations with constant and low fracture parameters (i.e., 𝑓 𝑡 ,𝑖 = 5 MPa and 𝐺 𝑓 ,𝑖 = 5 N/m) and different elastic moduli (𝐸 𝑖 = 7 and 70 GPa) were performed. In two cases, the same fracture path was reproduced (Figure 4.25(a,b)). The differences in the corresponding force-CMOD histories (Figure 4.25(c)) were only due to different sample rigidity, which depended on the interface stiffness.

Rigid interfaces

In this subsection, the elastic modulus of the interfaces was set to high values, satisfying 𝐸 𝑖 > 𝐸 𝑎𝑔,𝑆𝑖 (i.e., 𝐸 𝑖 = 1000 GPa and Chapter 4. Identification of mesoscale fracture properties based on in situ flexural test

𝐸 𝑖 = 150 
Interface debonding changed the fracture path (Figures 4.28(c),(d)). However, the latter was weakly dependent on the choice of fracture parameters. The crack path simulated with the CZM was less accurate than the one modeled with bulk damage alone.

Regarding the force-CMOD curves (Figure 4.29), the simulations of test B showed similar effects as observed in test A.

The introduction of compliant interfaces reduced the flexural strength and made the pre-peak nonlinearity more pronounced.

The introduction of ITZ debonding amplified these effects, which became more important with decreasing interface fracture properties. 

Conclusion

The mesoscopic fracture properties of mortar were identified by direct simulations of two in situ three-point meso-flexural tests on notched small-scale samples (5 × 5 × 20 mm). The experimental kinematic fields were measured by registering reconstructed volumes with mechanically regularized DVC. A finite element mesh with heterogeneous microstructure-based ROI and homogeneous regions was created for mechanical simulations to be run. The measured displacement fields were used as kinematic boundary conditions corresponding to the contact zones between the meso-beam and the flexural set-up. The identification was performed on two tests having two different types of fractured surfaces (i.e., asymmetric with branching, and symmetric and flat).

Fracture in the cement paste and limestone aggregates was modeled with a damage (phase-field) model for brittle materials.

The fracture energy 𝐺 𝑓 ,𝑚 was calibrated to retrieve the experimental peak forces. The simulated fracture paths were consistent with the experiment thanks to the representative microstructure and boundary conditions. However, it could not reproduce complicated fracture patterns such as bifurcations. The force-CMOD and force-deflection curves could not be measured during tests, so they could not compared with numerical results. Predicted force-CMOD curves showed strain hardening before fracture and steady force decrease, characteristic for quasi-brittle materials, despite the fact that the cementitious matrix was calibrated for brittle failure.

Next, interface elements were introduced at matrix-aggregate interfaces. The influence of the corresponding elastic and fracture parameters on crack propagation was addressed. Applied to a complex asymmetric crack path, compliant and undamageable interfaces (corresponding to an LSM model) led to less-dependent crack paths on the spatial distribution of aggregates. Conversely, in the case of a flat fractured surface, compliant and imperfect interfaces did not induce significant changes in the fracture path. Furthermore, the introduction of compliant interfaces reduced the flexural strength and made the pre-peak nonlinearity of the force-CMOD curve more pronounced. In the case of asymmetric crack propagation, the change of the fracture path induced by compliant interfaces was also reflected on the post-peak response.

Last, interface debonding was introduced. In both tests, the predicted crack path changed because of ITZ debonding. The asymmetric path depended on the choice of fracture parameters. For a flat fracture surface, it was a lot less sensitive to the selected fracture parameters. The introduction of cohesive interfacial elements did not significantly improve the faithfulness of the fracture path prediction. Regarding the force-CMOD response, ITZ debonding caused a further decrease of flexural strength and pre-peak strain hardening. These effects were more important with a decrease of the interface fracture properties.

To summarize, the phase field model provided satisfactory results in mesoscopic fracture modeling, but the damaged region tended to be more diffuse perpendicular to the crack mouth. In further studies, other types of damage models for fracture in the matrix bulk may be tested (e.g., cohesive models, lattice models, PF-CZM, XFEM). In the following steps, the PFM will be coupled with the creep model to study creep/microcracking coupling at the mesoscale. However, the CZM will not be discarded as the evidence displayed in Chapter 2 led to the hypothesis of ITZ debonding as one of the main mechanisms responsible for nonlinear creep. This effect may be due to the fact that the cracking pattern in uniaxial compression depends on the applied stress value, and the medium stress range (30 -75% 𝑓 𝑐 ) corresponds to a stable phase in which the microcracks in the ITZs grow, but with insignificant cracking in the matrix [START_REF] Mehta | Concrete: Microstructure, Properties, and Materials[END_REF].

Chapter 5. Numerical study of the influence of mesoscopic damage on the creep rate in a heterogeneous material tension and compression.

-In uniaxial compression, the cracking pattern depends on the applied stress level. The medium stress range (30 -75% 𝑓 𝑐 ) corresponds to the stable phase, when the microcracks in the ITZs show growth, but without significant cracking in the matrix [START_REF] Mehta | Concrete: Microstructure, Properties, and Materials[END_REF]. Therefore, in the second approach it was assumed that during the secondary creep stage under low to medium stresses, microcracking is occurring only in the ITZ with no further propagation in the bulk matrix [START_REF] Myers | Relationship between time-dependent deformation and microcracking of plain concrete[END_REF]. Debonding in the ITZ was represented with a Cohesive Zone Model (Section 4.2.4).

• The numerical results were systematically compared with the effective delayed behavior of mortar under sustained load in sealed and drying conditions, which was experimentally characterized in Sections 2.3.5-2.3.6.

The Figure 5.1 summarizes and presents different elements of the proposed approach. Chapter 5. Numerical study of the influence of mesoscopic damage on the creep rate in a heterogeneous material

The method described above was used to test several hypotheses:

Basic creep of mortar at low stresses can be predicted with the representative mesostructure and viscous matrix, the elastic and creep properties of which are identical to pure HCP.

Similarly, drying shrinkage and drying creep of mortar can be reproduced by considering the corresponding properties of the cementitious matrix, which are identical to HCP properties.

The effect of microcracking on basic creep strain rate, such as nonlinear creep and tertiary creep, can be reproduced by introduction of convenient damage models at the mesoscale in creep simulations.

Drying creep kinetics in mortar can be reproduced by accounting for microcracking induced by simultaneous non-uniform drying and applied stress.

This chapter begins with an overview of existing approaches for the coupling of creep with damage. Then, a nonlinear Burger model [START_REF] Bottoni | Relation de comportement BETON_burger pour le fluage du béton[END_REF], chosen to represent delayed strains in the cementitious matrix, is described. The parameters of the model are calibrated based on the experimental basic creep data of a saturated HCP at low stresses (Section 2.3.5). The identified creep model was validated by running creep simulations on numerical mortar samples and comparing the results with experimental data. Next, the bulk and interfacial damage models (PFM and CZM respectively) were applied separately in basic creep simulations. The predicted creep nonlinearity was compared with the experiments. In addition, the effect of ITZ stiffness on the basic creep strain rate was also addressed. Then, drying was added with a model based on Richard's equation [START_REF] Richards | Capillary conduction of liquids through porous mediums[END_REF]. The drying rate was reproduced by calibrating the permeability coefficient based on the macroscopic drying tests on the cement paste (Section 2.3.6). Similarly to the basic creep case, the damage models were applied separately in drying creep simulations in order to test the ability of creep/damage/drying mesoscopic simulations to reproduce the drying creep of mortar.

Bibliographic review

Creep modeling

Linear viscoelastic strains are commonly modeled with rheological models combining basic rheological units, namely, elastic springs and viscous dashpots [START_REF] Bažant | Basic Properties of Concrete Creep, Shrinkage, and Drying[END_REF]. [START_REF] Bažant | Basic Properties of Concrete Creep, Shrinkage, and Drying[END_REF]).

Model Schematic Function

Kelvin-Voigt 𝐽 0 (𝑡) = 1

𝐸

(1 -𝑒 -𝑡-𝑡 0 τ ) (5.1) Several studies indicated that short-term creep at the microscale and long-term creep at the macroscale exhibit a logarithmic dependence with time [START_REF] Vandamme | Nanogranular origin of concrete creep[END_REF][START_REF] Torrenti | Analysis and Modelling of Basic Creep[END_REF]. Consequently, a logarithmic compliance function in a one-dimensional setting was proposed [START_REF] Torrenti | Analysis and Modelling of Basic Creep[END_REF][START_REF] Roy | Long term basic creep behavior of high performance concrete: data and modelling[END_REF])

Maxwell 𝐽 0 (𝑡) = 1 𝐸 (1 + 𝑡 -𝑡 0 τ ) (5.2) Generalized Kelvin-Voigt 𝐽 0 (𝑡) = 1 𝐸 0 + 𝑀 ∑︁ 𝜇=1 1 𝐸 𝜇 (1 -𝑒 - 𝑡-𝑡 0 τ𝜇 ) (5.
𝐽 0 (𝑡, 𝑡 ) = 1 𝐸 (𝑡 0 ) + 1 𝐶 log(1 + 𝑡 -𝑡 0 τ(𝑡 0 ) ) (5.5)
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where 𝐸 (𝑡 0 ) is the Young's modulus at the age of loading, 𝑡 0 the age of loading, 𝐶 a constant depending on the mix design and describing the long term creep, and τ(𝑡 0 ) a kinetic constant depending on the age of loading.

The so-called B3 and B4 creep models [START_REF] Bažant | Basic Properties of Concrete Creep, Shrinkage, and Drying[END_REF] imply a decomposition of delayed strains into basic and drying creep components. The models are based on several physical mechanisms that are hypothesized to take part in creep and shrinkage such as microprestress relaxation, solidification, activation energy controlling atomic bond breaks, and damage models for microcracking [START_REF] Bazant | Microprestress-solidification theory for concrete creep.I: aging and drying effects[END_REF]. B3 and B4 models have the same mathematical form, but B4 is an extension of B3 that was recalibrated on a large database to take into account specific concrete compositions. The creep compliance in a one-dimensional setting has the following form

𝐽 0 (𝑡, 𝑡 ) = 1 𝐸 0 + 𝐽 𝑏 (𝑡, 𝑡 ) + 𝐽 𝑑 (𝑡, 𝑡 , 𝑡 0 ) (5.6)
where 𝐽 𝑏 (𝑡, 𝑡 ) is the compliance function for basic creep, and 𝐽 𝑑 (𝑡, 𝑡 , 𝑡 0 ) the additional compliance function corresponding to drying creep; 𝑡,𝑡 ,𝑡 0 are respectively the current age, the age of loading and the time of the beginning of exposure to the environmental conditions. The basic creep component evolves as a logarithmic function of time, while drying creep is an asymptotic function. The full equation with the stress-independent delayed components defines the delayed strains in isothermal conditions in the direction of the compressive loading 𝜎 0

𝜖 (𝑡) = ( 1 𝐸 0 + 𝐽 𝑏 (𝑡, 𝑡 ) + 𝐽 𝑑 (𝑡, 𝑡 , 𝑡 0 ))𝜎 0 + 𝜖 𝑠ℎ,𝑎 (𝑡, 𝑡 0 ) + 𝜖 𝑠ℎ,𝑑𝑟 (𝑡, 𝑡 0 ) (5.7)
where 𝜖 𝑠ℎ,𝑎 (𝑡, 𝑡 0 ) and 𝜖 𝑠ℎ,𝑑𝑟 (𝑡, 𝑡 0 ) are the autogenous and drying shrinkage strains.

In the creep model proposed by [START_REF] Benboudjema | Modelisation des deformations differees du beton sous sollicitations biaxiales. Application aux enceintes de confinement de batiments reacteurs des centrales nucleaires[END_REF], the creep strain was separated into spherical 𝜖 𝑠 and deviatoric 𝝐 𝑑 

𝜖 𝐼 = 𝜖 𝐸 𝐼 + 𝜖 𝑀 𝐼 (𝑡) + 𝜖 𝐾 𝐼 (𝑡) (5.8)
where 𝜖 𝐸 𝐼 is the elastic strain, 𝜖 𝑀 𝐼 the irreversible (permanent) creep strain modeled with a Maxwell chain, 𝜖 𝐾 𝐼 the reversible creep strain modeled with a Kelvin chain (Figure 5.2). The index 𝐼 indicates the eigen-directions of the permanent creep strain tensor.

The influence of hydric forces (right branch in Figure 5.2) in the poromechanical framework is accounted for by introducing an equivalent capillary pressure in incremental stress formulation

𝜕𝜎 𝐼 𝜕𝑡 = 𝜕𝜎 𝐼 𝜕𝑡 + 𝜕 (𝑏𝑆 𝑟 𝑝 𝑤 ) 𝜕𝑡 1 + |𝜎 𝐼 | 𝜎 𝑑𝑐
(5.9)

Chapter 5. Numerical study of the influence of mesoscopic damage on the creep rate in a heterogeneous material where 𝜎 𝐼 is the total stress with 𝐼 designating an eigen-direction of the stress tensor , 𝜎 𝐼 the effective stress , 𝑏 Biot's coefficient, 𝑆 𝑟 the saturation degree, 𝑝 𝑤 the water pressure, and 𝜎 𝑑𝑐 a fitting parameter such that the equivalent capillary pressure effects, characterised by the term 𝑏𝑆 𝑟 𝑝 𝑤 , are doubled when the specimen is subjected to compression 𝜎 𝐼 = -𝜎 𝑑𝑐 (see [START_REF] Sellier | Concrete creep modelling for structural applications: non-linearity, multi-axiality, hydration, temperature and drying effects[END_REF] for further details). The effect of drying creep may be taken into account by the recalibration of the parameter 𝜎 𝑑𝑐 .

Consequently, the effective stress in drying creep is greater than the sum of effective stresses in basic creep and drying shrinkage. 

Macroscopic nonlinear creep modeling

Existing approaches for creep/damage coupling can be classified in two groups [START_REF] Denarié | Characterization of creep and crack growth interactions in the fracture behavior of concrete[END_REF]):

• Macroscopic approaches (i.e., bulk viscoelastic and damaged behavior);

• Multiscale approaches (mesoscale modeling with cohesive cracks with time-dependent parameters).

The modeling of the interaction between viscoelasticity and damage has been performed by coupling linear viscoelastic creep models with continuum damage models [START_REF] Mazzotti | Nonlinear Creep Damage Model for Concrete under Uniaxial Compression[END_REF][START_REF] Challamel | Creep damage modelling for quasi-brittle materials[END_REF][START_REF] Reviron | Coupling between creep and cracking in tension[END_REF][START_REF] Briffaut | Numerical analysis of the thermal active restrained shrinkage ring test to study the early age behavior of massive concrete structures[END_REF][START_REF] Saliba | Relevance of a mesoscopic modeling for the coupling between creep and damage in concrete[END_REF][START_REF] Ren | Coupled Creep-Damage-Plasticity Model for Concrete under Long-Term Loading[END_REF] in order to reproduce the nonlinear behavior of concrete. This approach allows the damage threshold to be defined by taking into account the influence of viscoelasticity.

Several approaches were proposed to model nonlinear creep. A first method included coupling viscoelastic strains with strains computed with the damage model. In [START_REF] Mazzotti | An isotropic damage model for non linear creep behavior of concrete in compression[END_REF][START_REF] Mazzotti | Nonlinear Creep Damage Model for Concrete under Uniaxial Compression[END_REF], the effective strain was defined as the sum of instantaneous elastic strain and fraction of creep strain, i.e., 𝝐 𝑒 𝑓 𝑓 = 𝝐 𝑒𝑙 + 𝛽𝝐 𝑣 . The weight of viscoelastic strains was defined with an empirical intensity factor 𝛽, which was considered to be independent of the loading level and commonly taken in a range of 𝛽 = 0.1 -0.2. The effective strains were used in the formulation of the equivalent strain, which governs the damage variable 𝑑 [START_REF] Mazars | Continuum Damage Theory-Application to Concrete[END_REF]. Then the equivalent strain, which is defined using positive eigenvalues of the strain tensor, reads

ε = 3 ∑︁ 𝑖=1 𝜖 𝑒𝑙 𝑖 + 𝛽 • 𝜖 𝑣 𝑖 2 +
(5.10)

where 𝜖 𝑒 𝑖 and 𝜖 𝑣 𝑖 are the eigenvalues of elastic and viscoelastic strain tensors, respectively. Nonlinear creep strains were modeled as a nonlinear function of damage [START_REF] Mazzotti | An isotropic damage model for non linear creep behavior of concrete in compression[END_REF][START_REF] Mazzotti | Nonlinear Creep Damage Model for Concrete under Uniaxial Compression[END_REF].

The nonlinear creep was introduced by defining a stress rate reduction factor 𝜁 (𝑑) ≤ 1, which was a function of the damage 

τ 𝐷 𝑃 = √︂ 𝝈 𝑑 : 𝝈 𝑑 2 + 𝛿 𝑡𝑟 (𝝈) 3 (5.12)
where 𝝈 𝑑 is the deviatoric part of the stress tensor (see Equations (5.21)-(5.22) ), τ 𝐷 𝑃 𝑐𝑟 the critical stress leading to tertiary creep, 𝛿 the confinement effect coefficient, which takes into account the effect of hydrostatic pressure (-𝑡𝑟 (𝝈)/3) on shear strength. The critical stress leading to tertiary creep τ 𝐷 𝑃 𝑐𝑟 was linked to the corresponding uniaxial critical stress value 𝜎 𝑐𝑟 with the assumption that 𝜎 𝑐𝑟 is a compressive stress

τ 𝐷 𝑃 𝑐𝑟 = 𝜎 𝑐𝑟 √ 3 1 - 𝛿 √ 3 
(5.13)

The uniaxial critical stress 𝜎 𝑐𝑟 was estimated based on a nonlinear amplification coefficient 𝜒 𝑀 , corresponding to the nonlinearity of creep under compressive stress 𝜎 = 66% 𝑓 𝑐 (see Figure 5.4(a)). According to this definition, the link between 𝜒 𝑀 and 𝜎 𝑐𝑟 is and

𝜎 𝑐𝑟 = 2 3 𝜒 𝑀 𝜒 𝑀 -1 𝑓 𝑐 (5.
𝜖 𝑅 = 1 𝐸 𝑅 ∫ 𝑡 0 𝐸 (𝑡 -τ) 𝑑𝜖 𝑑 τ 𝑑 τ (5.16)
where 𝜖 𝑅 is the pseudo strain, and 𝐸 𝑅 a reference Young's modulus that has to be defined. Such formulation is equivalent to the viscoelastic strain-stress equation, but is simpler to introduce in damage models.

The phenomenon of delayed microcrack propagation after load application can be modeled with a cohesive zone model with viscoelasticity. The first implementation was proposed by [START_REF] Bažant | Cohesive Crack with Rate-Dependent Opening and Viscoelasticity: I. Mathematical Model and Scaling[END_REF] by introducing a creep compliance in the crack opening function

𝑤(𝑥, 𝑡) = ∫ 𝑡 𝑡 0 𝐽 (𝑡, 𝑡 ) w(𝑥, 𝑑𝑡 ) (5.17)
where w is the elastic crack-opening displacement.

In overall, existing creep models allow to predict basic creep strains in triaxial stress states, account for reversible and permanent (irreversible) creep components, and reproduce additional drying creep with different formulations. Regarding the creep/damage coupling, two general approaches can be distinguished. The first defines how the viscous strains influence the damage propagation, i.e., determine the time-dependent damage growth by taking a fraction or total creep strains into the damage criterion formulation [START_REF] Mazzotti | An isotropic damage model for non linear creep behavior of concrete in compression[END_REF][START_REF] Mazzotti | Nonlinear Creep Damage Model for Concrete under Uniaxial Compression[END_REF][START_REF] Thai | A homogenization-enriched viscodamage model for cement-based material creep[END_REF][START_REF] Bažant | Cohesive Crack with Rate-Dependent Opening and Viscoelasticity: I. Mathematical Model and Scaling[END_REF]. Despite the Chapter 5. Numerical study of the influence of mesoscopic damage on the creep rate in a heterogeneous material fact that the AE investigations detected microcracking growth during compressive basic creep tests in concrete [START_REF] Rossi | Basic creep behavior of concretes investigation of the physical mechanisms by using acoustic emission[END_REF], other studies did not report a significant negative effect of compressive creep on mechanical properties [START_REF] Coutinho | A contribution to the mechanism of concrete creep[END_REF][START_REF] Liu | Microstudy on creep of concrete at early age under biaxial compression[END_REF][START_REF] Asamoto | Effect of creep induction at an early age on subsequent prestress loss and structural response of prestressed concrete beam[END_REF]Kammouna et al., 2019a) (similar conclusions were drawn in Section 2.3.8). In view of such evidence, the weight of creep strains in the damage formulation was usually considered rather small (10-20%) to obtain a moderate damage growth [START_REF] Mazzotti | An isotropic damage model for non linear creep behavior of concrete in compression[END_REF][START_REF] Mazzotti | Nonlinear Creep Damage Model for Concrete under Uniaxial Compression[END_REF]. The second approach models the creep nonlinearity by introduction of nonlinear empirical functions, which depend on stress level or damage parameter and should be calibrated on creep tests at high stresses [START_REF] Mazzotti | An isotropic damage model for non linear creep behavior of concrete in compression[END_REF][START_REF] Mazzotti | Nonlinear Creep Damage Model for Concrete under Uniaxial Compression[END_REF][START_REF] Sellier | Concrete creep modelling for structural applications: non-linearity, multi-axiality, hydration, temperature and drying effects[END_REF]. These nonlinear functions summarize the effect of processes occuring at meso-and microscale, e.g., strain incompatibilities between different phases and microcracking coupling with viscous flow.

Mesoscopic approach in creep simulations for heterogeneous cementitious materials

Macroscopic creep models, which represent the material as a homogeneous medium, may not always give correct predictions nor explain, for example, different creep rates for concretes with similar formulations [START_REF] Granger | Comportement différé du béton dans les enceintes de centrales nucléaires : analyse et modélisation[END_REF]. Stress, thermal and hydric distributions in cement-based materials depend on the underlying meso-and microstructure. Creep growth, which is influenced by multiple aspects such as stress state, water content, temperature, chemical composition and microcracking, consequently depends on the mesostructure.

Mesoscopic FE studies are providing opportunities to investigate the influence of a granular skeleton and ITZs on the creep rate and amplitude. Numerical studies of creep at the meso-level commonly represent the cementitious matrix as a viscoelastic homogeneous medium embedding non-viscous inclusions. Studies were carried out on the influence of aggregate shape and granular distributions [START_REF] Lavergne | Investigation of the effect of aggregates' morphology on concrete creep properties by numerical simulations[END_REF][START_REF] Bernachy-Barbe | Effect of aggregate shapes on local fields in 3D mesoscale simulations of the concrete creep behavior[END_REF][START_REF] Zhang | Effect of aggregate content and size on the basic creep of concrete -An image-based meso-scale analysis[END_REF], aggregate volume fraction and its elastic properties [START_REF] Wang | Approaches of concrete creep using mesomechanics: numerical simulation and predictive model[END_REF][START_REF] Zhang | Effect of aggregate content and size on the basic creep of concrete -An image-based meso-scale analysis[END_REF]. Realistic representations of aggregates in creep simulations of concrete are recommended for better predictions. Numerically, viscoelastic creep strains were observed to decrease nonlinearly with the augmentation of aggregate Volume Fraction (VF) from 0 to 40% [START_REF] Wang | Approaches of concrete creep using mesomechanics: numerical simulation and predictive model[END_REF], but to vary linearly when VF changes within 35 -45% according to [START_REF] Zhang | Effect of aggregate content and size on the basic creep of concrete -An image-based meso-scale analysis[END_REF]. Decrease of aggregate stiffnesses leads to the increase of viscoelastic creep strains [START_REF] Wang | Approaches of concrete creep using mesomechanics: numerical simulation and predictive model[END_REF].

Investigations on the role of ITZs in creep of concrete were carried out by considering interfaces as perfectly bonded interfaces [START_REF] Xotta | Thermo-hygro-mechanical meso-scale analysis of concrete as a viscoelasticdamaged material[END_REF] or imperfect interfaces [START_REF] Bary | Analytical and 3D numerical analysis of the thermoviscoelastic behavior of concrete-like materials including interfaces[END_REF]. If perfect interfaces were considered, they increased the restraint effect of aggregates unless ITZ debonding was initiated. If imperfect interfaces were adopted, creep strains became sensitive to the ITZ fraction in the material, their elastic properties and thickness. More compliant interfaces led to higher creep strains, but less pronounced strain and stress scatter in the matrix. If the ITZs size was assumed constant for any inclusion size, the effect of imperfect interfaces on creep strains was more important in mortar, where the number of inclusions is larger and they are smaller compared to concrete.
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Last, the introduction of discrete and continuum damage descriptions to mesoscale creep modeling allowed for a deeper analysis of microcracking effects on creep nonlinearity. First, 2D studies on crack propagation in flexural tests under sustained load showed prominent results of this technique [START_REF] Saliba | Relevance of a mesoscopic modeling for the coupling between creep and damage in concrete[END_REF]. In (Kammouna et al., 2019b), 2D creep simulations in tension (𝜎 ≤ 75% 𝑓 𝑡) and compression (𝜎 ≤ 65% 𝑓 𝑐) demonstrated that the predicted nonlinear creep strains were close to the experimental values, but were associated with a significant specimen degradation, which was not commonly observed in laboratory tests. 2D tertiary creep simulations on realistic concrete in compression (𝜎 ≥ 85% 𝑓 𝑐) were carried out with good agreement using the discrete element method [START_REF] Li | Verification of concrete nonlinear creep mechanism based on meso-damage mechanics[END_REF].

Basic creep modeling on numerical mortar

Basic and drying creep description with Burger model

A nonlinear creep model based on Burger viscoelastic material was chosen as a basis for several reasons. First, the model was formulated for basic and drying creep predictions in concrete under multiaxial loadings [START_REF] Bottoni | Relation de comportement BETON_burger pour le fluage du béton[END_REF], which is convenient for representing mechanical interactions of individual phases at the mesoscale. Second, the model differentiates the recoverable and permanent creep strains, which allows to simulate realistic creep recovery in case of unloading of damaged zones. Third, the Burger model was integrated in the FE code Code_Aster (www.code-aster.org) by implementing it in the MFront code generator (www.tfel.sourceforge.net), which makes it also compatible for integration into FE code Cast3m.

In the selected model, the total strain tensor consists of elastic, shrinkage and creep parts

𝝐 𝑡𝑜𝑡 = 𝝐 𝑒𝑙 + 𝝐 𝑠ℎ + 𝝐 𝑏𝑐 + 𝝐 𝑑𝑐 (5.18)
where 𝝐 𝑡𝑜𝑡 is the total strain tensor, 𝝐 𝑒𝑙 the elastic strain tensor, 𝝐 𝑏𝑐 the basic creep strain tensor, 𝝐 𝑠ℎ the drying shrinkage strain tensor, 𝝐 𝑑𝑐 the drying creep strain tensor. Since the temperature fluctuations and autogenous shrinkage did not significantly affect the experimental measurements (see Section 2.3), their effects were not considered in the numerical study. Similarly, the aging effects were not significantly involved in the experimental observations, therefore they were not included in this model.

Following previous studies on biaxial creep modeling [START_REF] Benboudjema | Modelisation des deformations differees du beton sous sollicitations biaxiales. Application aux enceintes de confinement de batiments reacteurs des centrales nucleaires[END_REF], the basic creep strain tensor 𝝐 𝑏𝑐 was decomposed into a spherical part 𝜖 𝑏𝑐,𝑠 • 𝑰 and a deviatoric part 𝝐 𝑏𝑐,𝑑 to model axial and lateral creep in a multiaxial stress state (Figure 5.5)

𝝐 𝑏𝑐 = 𝜖 𝑏𝑐,𝑠 • 𝑰 + 𝝐 𝑏𝑐,𝑑 (5.19) 
with

𝜖 𝑏𝑐,𝑠 = 1 3 • 𝑡𝑟 (𝝐 𝑏𝑐 ) (5.20)
where 𝑰 is the identity tensor of order 2, and 𝑡𝑟 (•) the trace.
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𝜎 𝑠 = 1 3 • 𝑡𝑟 (𝝈) (5.22) 
To take into account the dependence of basic creep on the material water content, the basic creep strains are assumed to be proportional to the material internal relative humidity

       𝜖 𝑏𝑐,𝑠 = ℎ • 𝑓 (𝜎 𝑠 ) (5.23) 𝝐 𝑏𝑐,𝑑 = ℎ • 𝑓 (𝝈 𝑑 ) (5.24)
where ℎ is the internal relative humidity. The hypothesis of linear proportionality between the basic creep strain and the relative humidity is a simplification that has been adopted in several studies [START_REF] Benboudjema | Modelisation des deformations differees du beton sous sollicitations biaxiales. Application aux enceintes de confinement de batiments reacteurs des centrales nucleaires[END_REF][START_REF] Charpin | Numerical Simulation of 12 Years Long Biaxial Creep Tests: Efficiency of Assuming a Constant Poisson's Ratio[END_REF][START_REF] Charpin | Identification of drying, creep and shrinkage consitutive laws for concrete at 20°c and 40°c, application to vercors mock-up[END_REF][START_REF] Kinda | Impact of drying rate on delayed strain behavior of cement-based materials -experimental and numerical study[END_REF] and can be modified in further studies by introducing a nonlinear function 𝑔(ℎ) of relative humidity [START_REF] Benboudjema | Modelisation des deformations differees du beton sous sollicitations biaxiales. Application aux enceintes de confinement de batiments reacteurs des centrales nucleaires[END_REF]. where 𝜂 𝑑 𝑖𝑟 is the viscosity (dashpot) of the Maxwell chain associated with deviatoric irreversible basic creep.

To reproduce the long-term deceleration of the basic creep rate, the viscosity of the Maxwell chain is modeled with a nonlinear function [START_REF] Sellier | Vers une modélisation simple et unifiée du fluage propre, du retrait et du fluage en dessiccation du béton[END_REF])

                   𝜂 𝑠 𝑖𝑟 = 𝜂 𝑠 𝑖𝑟 ,0 • 𝑒𝑥 𝑝( 𝝐 𝑏𝑐 𝑖𝑟 𝜅 ) (5.31) 𝜂 𝑑 𝑖𝑟 = 𝜂 𝑑 𝑖𝑟 ,0 • 𝑒𝑥 𝑝( 𝝐 𝑏𝑐 𝑖𝑟 𝜅 ) (5.32) 𝝐 𝑏𝑐 𝑖𝑟 = max( 𝝐 𝑏𝑐 𝑖𝑟 , √︃ 𝝐 𝑏𝑐 𝑖𝑟 : 𝝐 𝑏𝑐 𝑖𝑟 ) (5.33)
where 𝜂 𝑠 𝑖𝑟 ,0 is the initial viscosity (dashpot) of the spherical Maxwell chain associated with irreversible basic creep, 𝜂 𝑑 𝑖𝑟 ,0 that for the deviatoric Maxwell chain, 𝜅 the "consolidation" coefficient governing viscosity amplification, 𝝐 𝑏𝑐 𝑖𝑟 the equivalent irreversible strain, which is calculated as the norm of the irreversible creep strain tensor.

The drying creep strains are modeled with an equation of a viscous dashpot [START_REF] Bazant | Concrete creep at variable humidity: constitutive law and mechanism[END_REF] that depends on the variation of relative humidity

𝝐 𝑑𝑐 = | ℎ|𝝈 𝜂 𝑑𝑐 (5.34)
where 𝜂 𝑑𝑐 is the viscosity related to drying creep.

The drying shrinkage strain is considered to be isotropic and linearly proportional to the relative humidity variation

𝝐 𝑠ℎ = 𝑘 𝑠ℎ ℎ • 𝑰 (5.35)
where 𝑘 𝑠ℎ is the drying shrinkage coefficient.
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Identification of basic creep parameters for saturated HCP

The experimental data of basic creep of the saturated cement paste at 30% 𝑓 𝑐 (linear creep, no damage effects) was used as a basis for the identification of basic creep parameters. In total, there were 7 parameters for basic creep, namely, 𝑘 𝑠 𝑟 , 𝑘 𝑑 𝑟 , 𝜂 𝑠 𝑟 , 𝜂 𝑑 𝑟 for reversible creep, and 𝜂 𝑠 𝑖𝑟 ,0 , 𝜂 𝑑 𝑖𝑟 ,0 , 𝜅 for irreversible creep. To reduce the number of parameters to calibrate, the effective creep Poisson's ratio was considered constant, which is a common simplification [START_REF] Majorana | Hygrothermal and mechanical model of concrete at high temperature[END_REF][START_REF] Xotta | Thermo-hygro-mechanical meso-scale analysis of concrete as a viscoelasticdamaged material[END_REF][START_REF] Lavergne | Investigation of the effect of aggregates' morphology on concrete creep properties by numerical simulations[END_REF]. Then, the relationships between spherical and deviatoric parameters read

𝜂 𝑠 𝑖𝑟 ,0 𝜂 𝑑 𝑖𝑟 ,0 = 𝜂 𝑠 𝑟 𝜂 𝑑 𝑟 = 𝑘 𝑠 𝑟 𝑘 𝑑 𝑟 = 1 + 𝜈 ef 1 -2𝜈 ef = 𝛼 (5.36)
Consequently, the number of independent parameters was reduced to 4. The identification was performed using axial creep and recovery strains. Therefore the spherical parameters were primarily identified (𝑘 𝑠 𝑟 , 𝜂 𝑠 𝑟 , 𝜂 𝑠 𝑖𝑟 ,0 ) and the deviatoric parameters (𝑘 𝑑 𝑟 , 𝜂 𝑑 𝑟 , 𝜂 𝑑 𝑖𝑟 ,0 ) were estimated with Equation (5.36). The effective creep Poisson's ratio was assumed to be equal to the recovery Poisson's ratio (𝜈 ef = 𝜈 rec = 0.2).

The identification was performed in the open-source integrated development environment (IDE) Spyder with scripts written in Python language (www.spyder-ide.org). The Burger model function was written with Equations (5.18)-(5.33) and (5.36). The fit was conducted with the scipy.optimize.curve_fit function on the axial creep and recovery strains. As the stress fluctuations were limited during the test (Figure 2.19), the input stress was taken as constant and equal to the average level during the test.

The parameters of the Kelvin-Chain (𝑘 𝑠 𝑟 , 𝑘 𝑑 𝑟 , 𝜂 𝑠 𝑟 , 𝜂 𝑑 𝑟 ) were calibrated to reproduce the short-term creep rate and the recovery rate. Conversely, the parameters of Maxwell chains (𝜂 𝑠 𝑖𝑟 ,0 , 𝜂 𝑑 𝑖𝑟 ,0 , 𝜅) were calibrated to reproduce the long-term creep rate. The calibrated parameters are listed in Table 5.2. 

Basic creep simulations on realistic image-based mortar microstructures

The nonlinear viscoelastic model with the parameters calibrated in Section 5.2.2 was used for basic creep simulations on realistic image-based meshes of mortar. Only the matrix exhibited creep, and the aggregates were considered non-viscous (Table 5.4).

Realistic heterogeneous meshes were reconstructed from a µCT scan of mortar (tube voltage 𝑉 = 220 kV, tube current 𝐼 = 55 µA) with a resolution of 6.0 µm/vx. The mortar was mixed according to the formulation of Table 2.3, but using instead of water a 5% lead dinitrate solution of Pb(NO 3 ) 2 in order to enhance the contrast between the matrix and aggregates by increasing the X-Ray absorption of the cement matrix with a homogeneously distributed heavy atom (Pb) (Figure 2.14).

On the scan, two phases are distinguished, namely, sand aggregates and cement paste. The aggregates smaller then ≈200 µm could not be properly segmented, and therefore were included in the matrix phase. The surfaces between the two phases were defined in the VGSTUDIO MAX ® commercial software by thresholding a gray level histogram and following morphological operation routines. Then, the surface meshes were processed with tools of the Salome ® platform and the open-source python library Combs [START_REF] Bourcier | Combs: open source python library for RVE generation. Application to microscale diffusion simulations in cementitious materials[END_REF] to reconstruct FE meshes consisting of 4-noded tetrahedral elements. In this study, the simulations were performed on two cubic meshes of volume 1 mm 3 and 27 mm 3 (see Table 5.3 and Figure 5.7). In uniaxial creep simulations, homogeneous macroscopic stresses were applied on one face of the numerical sample. Two types of boundary conditions (BCs) were used, namely, static uniform boundary conditions (SUBCs), where tractions are prescribed on the boundary, and kinematic uniform boundary conditions (KUBCs), where displacements are prescribed [START_REF] Kanit | Determination of the size of the representative volume element for random composites: statistical and numerical approach[END_REF][START_REF] Bary | Analytical and 3D numerical analysis of the thermoviscoelastic behavior of concrete-like materials including interfaces[END_REF]. If a simulation is carried out with SUBCs, homogeneous macroscopic stresses are directly applied on the sample face. For KUBCs, homogeneous macroscopic strains giving the external force equal to the prescribed creep stress are applied to the sample boundaries. Homogeneous macroscopic strains applied to a sample boundary constrains the nodes belonging to the corresponding face to have the same displacements. Different types of boundary conditions were used to conclude on the conformity of the volumes as Representative Volume Elements (RVEs). Both BC types may overestimate or underestimate creep predictions based on the volume size and aggregate distribution [START_REF] Bary | Analytical and 3D numerical analysis of the thermoviscoelastic behavior of concrete-like materials including interfaces[END_REF]. However, the predictions should converge closer to the correct solution as the volume approaches that of RVEs.

A uniaxial compressive loading equivalent to 13.5 MPa, which corresponds to 30% of the estimated compressive strength of mortar, was applied in a single increment of homogeneous stress boundary conditions. After load application, the applied stress was maintained constant and computations continued on with time increments increasing according to an exponential law. It was observed that changing the time steps did not affect the long-term creep strain in the absence of damage. The temperature and material relative humidity were considered constant during the simulation. The latter corresponds to basic creep of saturated mortar. The models and parameters are given in Table 5.4. The choice of elastic parameters was explained in Section 4.3.1. In this chapter, it was assumed for the sake of simplicity that the elastic modulus of all inclusions was equal to that of the siliceous aggregate, since the amount of limestone aggregates in the studied mortar was usually quite small (𝑉 𝐶 𝑎 <𝑉 𝑆𝑖 /2).

Chapter 5. Numerical study of the influence of mesoscopic damage on the creep rate in a heterogeneous material The volumes used for the simulations had a reduced aggregate volume fraction (i.e., 26.0% and 28.8%) in comparison to the mortar used in the experiments (i.e., 48.7%). Inclusions create the dilution effect and the restraint effect on the creep flow [START_REF] Wang | Approaches of concrete creep using mesomechanics: numerical simulation and predictive model[END_REF]. Higher aggregates content signify less cement paste hence less creep, which corresponds to the dilution effect.

Additionally, due to stress transfer from the cementitious matrix to aggregates, the creep flow is restrained resulting in creep reduction, which gives rise to the restraint effect. Consequently, it was expected that creep simulated on meshes with smaller
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The standard deviation of axial specific creep strain predictions for different BCs was 12.4% for 1-mm 3 volume and 6.7% for 27-mm 3 . Larger differences in predictions for the 1-mm 3 volume for different BCs indicate that this volume was not sufficient to be considered an RVE. For the 27-mm 3 volume, the discrepancy of numerical predictions obtained with different BCs was reduced, meaning that larger microstructures are closer to an RVE size.

The construction of an image-based mesh of mortar of representative volume and realistic aggregate volume fraction is still a complicated matter due to the µCT resolution constraints and large size and complexity of the resulting mesh that will lead to huge computational cost that is out of reach of current machines. It was reported in the literature that microstructures generated with realistic aggregates show similar results compared to image-based heterogeneous meshes (Bernachy-Barbe and Bary, 2019). Moreover, periodic generated meshes allow PBC that commonly give more realistic results to be prescribed. In the following, heterogeneous mortar meshes with a higher aggregate volume fraction and a larger volume will be generated with realistic sand particles for further basic creep and creep coupled with damage studies.

Basic creep simulations on generated mortar microstructures

The mesostructure generation consists in random distributions of inclusions in a chosen closed volume. In this study, the inclusion shapes were obtained by µCT. The aggregates segmented in the HQ scan in Section 3.2.2 were saved as individual inclusions in .stl format, and then used as an input (Figure 5.9). The sample geometry was a 64-mm 3 cube. The granular size distribution was taken from the technical report on the mortar formulation used in creep testing [START_REF] Sanahuja | Proposition formulation mortier et pâte avec fines Vercors[END_REF].

An example of particle distribution in the sample with VF = 46.3% is given in Figure 5.10(b). A minimum distance between two particles was defined in the algorithm to avoid their interpenetration. Moreover, periodicity (i.e., identical mesh at opposite surfaces of the box) was imposed on the meshes to allow for PBC application. Meshes with four aggregate volume fractions were generated (i.e., 38%, 40%, 42.5%, 46.3%). Additional details on the generated meshes are given in Table 5.5. Chapter 5. Numerical study of the influence of mesoscopic damage on the creep rate in a heterogeneous material For each volume fraction, three different realizations were made with the same inclusions (in terms of number, volume Simulations were performed with PBCs leading to a prescribed creep stress (i.e., 30% 𝑓 𝑐 = 13.5 MPa). PBCs imply that the displacements of two identically located nodes on two opposite faces of a cubic mesh are constrained to be exactly the same.

The simulation results are shown in Figure 5.11. The standard deviation of simulated axial specific creep strains, performed on three mesh realizations for each VF, was in the range of 0.4 -1.0%. Therefore, it can be concluded that the generated mesostructures are closer to RVEs than the previous realistic meshes in Section 5.2.3. With an increase of aggregate volume fraction, the numerical prediction becomes closer to the experimental curve.

Chapter 5. Numerical study of the influence of mesoscopic damage on the creep rate in a heterogeneous material To investigate the effect of element size on creep results, three realizations of the mesh with VF = 42.5% with varying number

Chapter 5. Numerical study of the influence of mesoscopic damage on the creep rate in a heterogeneous material of elements (7.6 × 10 5 , 1.5 × 10 6 , 3.0 × 10 6 ) and, consequently, with different mesh element sizes (i.e., ℎ 𝑒𝑙 = 4.4 × 10 -2 mm, ℎ 𝑒𝑙 = 3.5 × 10 -2 mm, ℎ 𝑒𝑙 = 2.8 × 10 -2 mm) were conducted. The corresponding results are displayed in Figure 5.12(b). The standard deviation of simulated creep strains is 1.5%. There is no strong dependence on the element size.

Numerical investigation of the effect of mesoscopic damage on the creep rate

A consensus on the nature of creep nonlinearity in heterogeneous cementitious materials has not yet been reached. It is commonly agreed that creep amplification at medium and high stresses is somehow related to microcrack development within the material. One of the hypotheses, which is used as well in modeling, is the attribution of nonlinear creep to microcrack growth [START_REF] Ruiz | Relationship between Nonlinear Creep and Cracking of Concrete under Uniaxial Compression[END_REF][START_REF] Rossi | Macrocrack propagation in concrete specimens under sustained loading: Study of the physical mechanisms[END_REF]. In this chapter, these assumptions are investigated by adding damage descriptions in creep simulations.

The phase-field model for brittle material demonstrated a good agreement for crack propagation under tension (see Chapter 4).

In the following, the PFM is supplemented to the creep model to simulate microcracking in tension and compression. In the second approach, it was assumed that during secondary creep microcracking occurred only in the ITZs, with no propagation in the matrix bulk [START_REF] Myers | Relationship between time-dependent deformation and microcracking of plain concrete[END_REF], since the crack propagation in the matrix would lead to the tertiary creep stage (i.e., unstable crack growth leading to failure). Such behavior was represented with the cohesive zone model applied to zero-thickness matrix-aggregate interfaces. Meanwhile, the viscous matrix was not subjected to damage.

Influence of bulk damage modeled with the phase-field method

The phase field model for brittle materials, which was described and used in flexural simulations (Section 4.3.1), was supplemented with the nonlinear Burger model in order to simulate damage in uniaxial tension and compression. One of the creep/damage coupling methods is the introduction of a fraction of viscous strains in the damage criterion [START_REF] Mazzotti | Nonlinear Creep Damage Model for Concrete under Uniaxial Compression[END_REF][START_REF] Mazzotti | An isotropic damage model for non linear creep behavior of concrete in compression[END_REF]. However, this study focuses on the ability of the elastic damage models, explicitly not coupled with creep, to reproduce the nonlinear creep strains in mesoscopic simulations. Therefore, the damage driving force in PFM was calculated based only on the elastic positive energy. The elastic strain tensor was defined as

𝝐 𝑒𝑙 = 𝝐 𝑡𝑜𝑡 -𝝐 𝑠ℎ -𝝐 𝑏𝑐 -𝝐 𝑑𝑐 (5.37)
Then, the extensional (positive) and contractional (negative) elastic energies read

         𝜓 + (𝝐 𝑒𝑙 ) = 𝜆 2 { 𝑡𝑟 (𝝐 𝑒𝑙 ) + } 2 + 𝜇𝑡𝑟 {(𝝐 𝑒𝑙 + ) 2 } (5.38) 𝜓 -(𝝐 𝑒𝑙 ) = 𝜆 2 { 𝑡𝑟 (𝝐 𝑒𝑙 ) -} 2 + 𝜇𝑡𝑟 {(𝝐 𝑒𝑙 -) 2 } (5.39)
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The governing equations for the phase field model become

         𝐺 𝑓 ℓ + 2ℋ 𝑑 -𝐺 𝑓 ℓ 2 Δ𝑑 = 2ℋ 𝑖𝑛 ℬ (5.40) ℋ = max 𝑡 (𝜓 + (𝝐 𝑒𝑙 ))
(5.41)

The stress tensor 𝝈, used in Equations (5.21)-(5.22), (5.34) to calculate creep strain, reads

𝝈 = 𝜕𝜓 𝜕𝝐 𝑒𝑙 = (𝜆 𝑡𝑟𝝐 𝑒𝑙 + 𝑰 + 2𝜇𝝐 𝑒𝑙 + ) [(1 -𝑑) 2 + 𝑘] + 𝜆 𝑡𝑟𝝐 𝑒𝑙 -𝑰 + 2𝜇𝝐 𝑒𝑙 (5.42)
It can be noted, that other approaches for damage modeling with phase-field methods in viscoelastic solids were also proposed in literature [START_REF] Liu | Phase-Field Modelling of Fracture in Viscoelastic Solids[END_REF][START_REF] Shen | Fracture of viscoelastic solids modeled with a modified phase field method[END_REF][START_REF] Yin | Fracture simulation of viscoelastic polymers by the phase-field method[END_REF][START_REF] Yin | Viscoelastic phase-field fracture using the framework of representative crack elements[END_REF]. These methods are based on the energy split into volumetric and deviatoric parts, in contrast to the model used in this study which uses the spectral split into positive and negative components. In [START_REF] Liu | Phase-Field Modelling of Fracture in Viscoelastic Solids[END_REF], the damage driving force depends only on the elastic energy. In the model proposed in [START_REF] Yin | Fracture simulation of viscoelastic polymers by the phase-field method[END_REF][START_REF] Yin | Viscoelastic phase-field fracture using the framework of representative crack elements[END_REF], the damage criteria is based on the elastic strain energy of all string units of the viscoelastic rheological model, including spring units of the Maxwell/Kelvin-Voigt branches. [START_REF] Shen | Fracture of viscoelastic solids modeled with a modified phase field method[END_REF] presents a viscoelastic phase-field formulation by defining the damage driving force consisting of the elastic energy and a portion of the viscous energy.

In the numerical analyses, the creep nonlinearity coefficient 𝐾 𝑛𝑜𝑛𝑙 was defined as

𝐾 𝑛𝑜𝑛𝑙 (𝑡) =
𝐶 𝑑 (𝜎, 𝑡) 𝐶 𝑒 (𝜎, 𝑡)

(5.43)

where 𝐶 𝑒 (𝜎, 𝑡) and 𝐶 𝑑 (𝜎, 𝑡) are the axial specific creep strains of undamaged and damaged samples, respectively, under uniaxial sustained stress level 𝜎. This formulation was used instead of Equation (2.8) due to consolidation effects of the creep model that would interfere in nonlinearity coefficient estimations if it was calculated based on specific creep strains at different stress levels.

A generated mesh with VF = 46.3% (Table 5.5 and Figure 5.10) was used for creep coupled with PFM simulations. The element size was slightly reduced to ℎ 𝑒𝑙 = 40.4 µm in order not to significantly increase the characteristic length parameter in comparison with the previous study, where ℓ 𝑚 = 80.0 µm was used (see Section 4.3.1), and preserve consistency of the modeling length scales. Consequently, the number of elements in the mesh was increased to 9.7•10 5 . In this chapter, the characteristic length ℓ 𝑚 was set to 90.0 µm based on the discussion given in Section 4.3.1.

Tensile creep simulations

The PFM fracture energy parameter for the cementitious matrix, identified on micro-flexural test, was 𝐺 𝑓 ,𝑚 = 30 N/m (see Section 4.3.1). The tensile strength simulated with the PFM on numerical mortar with this parameter was 𝑓 𝑡 = 21.5 MPa (Figure 5.13(a)), which is considerably higher than values for normal mortars. However, given the fact that the size of the Chapter 5. Numerical study of the influence of mesoscopic damage on the creep rate in a heterogeneous material numerical sample was quite small (i.e., cube with 4-mm edge), the size effect could explain such high levels.

The Burger model is nonlinear with respect to stress, as at higher loadings the consolidation effect is more important, resulting in a greater creep reduction (Figure 5.13(b)). In order to keep the identified creep model consistent with the experimental evidence, the stress levels in creep simulations had to be of the same order as in conventional laboratory tests. Due to that, it was decided to recalibrate the fracture energy 𝐺 𝑓 ,𝑚 from 30 N/m to 2 N/m that gives a tensile strength 𝑓 𝑡 = 5.6 MPa (Figure 5.13(a)), which is closer to macroscopic levels (see Table A .5). It is reminded that in simulations with perfectly bonded

ITZs the value of 𝐺 𝑓 ,𝑚 was not observed to change the fracture pattern, which depended on the microstructure and boundary conditions (Section 4.3.1). The damage map obtained in tensile simulation on mortar is presented in Figure 5.14(e). The tensile creep simulations were performed at 60% 𝑓 𝑡 , 70% 𝑓 𝑡 , 80% 𝑓 𝑡 and 89% 𝑓 𝑡 stress levels with PBCs. The fracture energy 𝐺 𝑓 ,𝑚 of elements adjacent to top and bottom sample faces, where BCs are applied, was set to very high values to prevent damage development as it could cause some convergence issues. The loading was applied in 30 equal stress increments in 𝑡 0 = 1 s. Then, the loading was kept constant for 115-day durations with the following unloading in 30 equal stress increments in 1 s. The degraded elastic moduli were calculated using the last stress-strain increments during the loading and unloading steps. The maximum damage level after load application and degraded elastic moduli are reported in Table 5.6.
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The sample loaded with 𝜎 = 89% 𝑓 𝑡 failed after 𝑡 = 75 days of loading. The damage maps after 115 days of sustained load and before failure are presented in Figure 5.14. It can be observed from the maximum damage levels after load application (Table 5.6) and the final damage maps, that damage growth under tensile creep occurred under all stress levels. Thus, even without an explicit introduction of creep strains into the damage criterion, the model induced damage propagation under sustained load, which led even to sample rupture (i.e., tertiary creep) in a specific case. Despite damage growth, the elastic modulus measured after creep was not reduced for all cases except for the sample loaded at 𝜎 = 89% 𝑓 𝑡 , which ended up breaking.

The comparison of the damage pattern before failure in tensile creep simulations when 𝜎 = 89% 𝑓 𝑡 with the fracture surface in direct tensile simulation shows some differences (Figure 5.14 (d)-(e)). Under creep, damage did not localize into a single fractured surface and is more diffuse in the volume.

The specific creep strain curves are shown in Figure 5.15(a). The creep strain rate increased for higher stress levels. The creep nonlinearity coefficient was different from 1.0 for all applied stresses, which demonstrates the damage influence (Figure 5.15(b)).

For an applied stress corresponding to 60% 𝑓 𝑡 , 𝐾 𝑛𝑜𝑛𝑙 remained constant at ≈ 1.05. At higher stresses (i.e., 𝜎 > 60% 𝑓 𝑡 ), 𝐾 𝑛𝑜𝑛𝑙 grew steadily with time and its rate increased with higher stresses. In the presented numerical calculations, the growth of damage led to creep amplification in several ways. First, the degradation of the contact zones, perpendicular to applied stress direction, between the matrix and the aggregates caused unloading of the latter. Thus, in a more severely damaged sample, the stresses in the matrix were higher (Figure 5.16(a)). This effect influenced delayed strains in two ways. On the one hand, the stress amplifications in the matrix was consecutive to the growth of instantaneous elastic strains. On the other hand, as the creep rate is linked to stresses, the increase of the latter will amplify the creep rate. The last contribution is the growth of elastic strains associated with the stiffness degradations in the matrix due to damage, which may even result in sample failure. The relative importance of different contributions is seen on the example of 𝜎 = 89% 𝑓 𝑡 by decomposing the matrix strains into elastic and creep components (Figure 5.16(b)). It demonstrates that, in this Otherwise, it stayed constant (≈ 1.05), which is much lower than what was observed experimentally.

Compressive creep simulations

The PFM version used in this study is formulated to model cracking and stiffness loss only in tension, which corresponds to mode I fracture. Moreover, once the damaged volume undergoes compressive stresses, its rigidity is completely restored in the corresponding directions. Due to these features, the complete stress-strain curve could not be simulated in compression on the numerical mortar. The stress-strain curve and stiffness degradation in uniaxial compression on numerical mortar are displayed in Figure 5.17. Despite a certain rigidity degradation, there is no pronounced pre-peak nonlinear segment and no failure point on the stress-strain curve.

The failure of heterogeneous cementitious materials in compression is more complex than in tension and still presents a great interest for research and most applications [START_REF] Hurley | An in-situ study of stress evolution and fracture growth during compression of concrete[END_REF][START_REF] Stamati | Fracturing process of micro-concrete under uniaxial and triaxial compression: Insights from in-situ X-ray mechanical tests[END_REF]. Compressive fracture is considered to be influenced by the triaxial stress state at the fracture front [START_REF] Bazant | Modelling of compressive strain softening , fracture and size effect in concrete[END_REF] and friction processes [START_REF] Zhou | A mesoscale interface approach to modelling fractures in concrete for material investigation[END_REF]. Damage mechanisms in compression include mixed-mode fracture (normal and shear cracking), which causes the compressive-shear failure. Moreover, the shear strength and shear fracture energy were observed to have a great influence on the compressive strength [START_REF] Zhou | A mesoscale interface approach to modelling fractures in concrete for material investigation[END_REF]Wang et al., 2020a). Based on this evidence, the model response in compression could be improved by introduction of a damage criterion for the compressive-shear failure [START_REF] You | Incorporation of tension-compression asymmetry into plastic damage phase-field modeling of quasi brittle geomaterials[END_REF]Wang et al., 2020b).
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However, this study focuses not on the rupture or post-peak behavior in compression, but on the effects of moderate damage on creep rate. We assume that PFM is capable, at least to a certain extent, to represent the axial splitting cracks that appear under compression. Since the compressive failure could not be modeled with classic PFM, the critical compressive stress could not be estimated numerically. Due to that, the stress levels for creep simulations could not be defined as a fraction of the compressive strength. Therefore, the stress levels were adopted from the creep experiments on mortar (𝜎 30 = 30% 𝑓 𝑐 = 13.5 MPa and 𝜎 60 = 60% 𝑓 𝑐 = 27.0 MPa). Then, the fracture energy had to be calibrated in order to obtain expected amounts of damage for these stress levels. The 𝜎 30 was chosen to be the case with low damage after loading (Figure 5.18(a)), while 𝜎 60 represented initially severely damaged state (Figure 5.18(c)). To obtain these damage levels, the fracture energy was set to 𝐺 𝑓 ,𝑚 = 0.5 N/m (Figure 5.17). In creep simulations, the stresses were applied with PBCs in 30 equal stress increments for 𝑡 0 = 1 s. Then, the stress was sustained for 208 day durations.

The damage maps for both stress levels after load application and at 𝑡 = 208 days are shown in Figure 5.18. As in tensile creep, damage growth occurred under compressive sustained loads. From the damage maps, it is noticed that the test with 𝜎 30 was the case with a small damage level at the beginning, which evolved into moderate amounts at the end. For 𝜎 60 , the matrix was severely damaged right after load application. By the end of simulations, the sample was fully damaged. However, as the stiffness degradation was hindered in compression, sample failure during compressive creep did not occur.

The specific creep strain curves and creep nonlinearity coefficient are presented in Figure 5.19. Contrary to tensile creep, 𝐾 𝑛𝑜𝑛𝑙 did not increase over time in both cases. At low damage levels, the coefficient stayed stable (𝐾 𝑛𝑜𝑛𝑙 ≈ 1.1). For heavily damaged samples, creep nonlinearity was initially high 𝐾 𝑛𝑜𝑛𝑙 ≈ 1.5 at 𝑡 = 1 day, but then gradually decreased to 𝐾 𝑛𝑜𝑛𝑙 ≈ 1.13. Elastic delayed strains correspond to an elastic deformation occurring after load application. Since the PFM did not allow for stiffness loss in compression, there is no significant increase of axial elastic strains due to damage growth in comparison to the undamaged case. In tensile creep simulations, this component was the most important at high stresses. However, the effect of damage is reflected on the lateral deformation.
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The effective creep Poisson's ratio histories (i.e., the ratio between lateral and axial creep strains including delayed damage effects) are displayed in Figure 5.22(a). In the undamaged state, the ratio gradually increased from 0.17 to 0.18. The sample at 𝜎 30 with moderate damage showed a growth of the effective creep Poisson's ratio from 0.23 to 0.31. In the more severely damaged sample at 𝜎 60 , the ratio stayed constant at 𝜈 𝑒 𝑓 ≈ 0.45. Different evolutions of the effective creep Poisson's ratio can be linked to damage growth, which can be quantified by volume averaging the damage values in the matrix elements

𝐷 𝑚 = ∫ 𝑉 𝑚 𝑑 • 𝜕𝑉 𝑚 𝑉 𝑚 (5.44)
where 𝐷 𝑚 is the average damage value in the matrix, 𝑉 𝑚 the matrix volume. The histories of the average damage in the matrix are presented in Figure 5.22(b). In the sample at 𝜎 30 , the average damage increased from 0.2 after load application to 0.49 after 208 days of sustained load, which gave the subsequent increase in the effective creep Poisson's ratio. In the case of 𝜎 60 , the average damage slightly grew after loading from 0.81 to 0.9, which resulted in a roughly constant effective creep Poisson's ratio.

In the experiments, the increasing effective creep Poisson's ratio was observed in the HCP at 𝜎 60 and was related to the internal crack propagation. In other cases, the ratio 𝜈 𝑒 𝑓 measured during creep at medium stresses was not exceeding the ratio obtained at low stresses. Chapter 5. Numerical study of the influence of mesoscopic damage on the creep rate in a heterogeneous material was stable and ≈ 1.05. The creep nonlinearity ratio was lower in comparison to the compressive creep tests. However, the basic creep of concretes in tension was observed to be mostly linear with respect to stress [START_REF] Reviron | Etude du fluage des bétons en traction. Application aux enceintes de confinement des centrales nucléaires à eau sous pression[END_REF], therefore a direct comparison of nonlinear creep in tension and compression should be done with caution.

In compression, even for very high damage levels, the resulting creep amplification was of the same order of magnitude as in tensile creep (𝐾 𝑛𝑜𝑛𝑙 ≈ 1.1 -1.13 at 𝑡 = 208 days), which is significantly lower than the experimental values at medium-term

(1.5 -1.6). It is worth noting that the PFM approach is not well suited for compression modeling, as under negative stresses the stiffness was completely restored. Moreover, it does not take into account complicated interactions such as shear sliding and friction among others. The enrichment of the PFM with shear fracture and friction can improve its trustworthiness in compression and creep/damage coupling. At the same time, the experimental results did not exhibit significant strength or stiffness losses after compressive creep, which could result from an important damage state. It could indicate that apart from damage model enrichments, other creep/damage coupling laws have to be introduced.

Influence of interface debonding on creep rate

The cohesive zone model, which was described and used in crack propagation simulations in Sections 4.2.4 and 4.3.2, was applied to zero-thickness elements generated between the matrix and the aggregates. The viscous matrix was not subjected to damage. There was no explicit coupling between the CZM and the creep model as in the previous case. The creep rate can be amplified thanks to stress redistributions between the matrix and the inclusions at the mesoscale level, similarly to simulations with the bulk damage model.

First, the influence of interface elastic and fracture properties on creep was estimated by running simulations on image-based meshes of 1-mm 3 volume (see Table 5. In the following, SUBCs were used for simulations with cohesive interface elements. A compressive stress equal to 𝜎 30 = 30% 𝑓 𝑐 = 13.5 MPa was applied in 30 equal stress increments for 𝑡 0 = 1 s, and kept constant during 𝑡 = 115 days.

Effect of interface rigidity on delayed strains

The fracture parameters of the interfaces were set to very high values to exclude damage initiation and growth (i. Chapter 5. Numerical study of the influence of mesoscopic damage on the creep rate in a heterogeneous material thickness was considered zero, and the average stresses in the matrix in both cases were equal (Figure 5.23(b)), the creep rate was higher when imperfect interfaces were considered. The reason is that perfectly bonded inclusions can hinder the strains in adjacent matrix elements. With the introduction of cohesive elements, which allow for a discontinuity of displacement across it, the restraint effect of inclusions was reduced. Moreover, it became less important with the decrease of interface rigidity, which was followed by an increase of stress magnitude in the matrix and higher creep rates. 

Effect of interface strength on delayed strains

In this parametric study, the interface elastic modulus was set to 𝐸 𝑖 ≈ 0.5𝐸 𝑚 = 7 GPa, while the tensile strength 𝑓 𝑡 ,𝑖 was varied within the range 1.4 -6.0 MPa, and the fracture energy 𝐺 𝑓 ,𝑖 within 1.0 -5.0 N/m. The global degradation degree of ITZs in the sample was estimated with the interface damage index

𝐼 𝑑 = ∫ 𝑆 𝑖𝑡 𝑧 𝑑 • 𝜕𝑆 𝑖𝑡 𝑧 𝑆 𝑖𝑡 𝑧 (5.45)
where 𝑆 𝑖𝑡 𝑧 is the total surface of zero-thickness cohesive elements, and 𝑑 the damage in the interfaces. 𝐼 𝑑 = 1.0 would signify a complete degradation of all interfaces.

In all cases, damage is growing during loading, and then under creep (Figure 5.24(a)). Variations of tensile strength 𝑓 𝑡 ,𝑖 and fracture energy 𝐺 𝑓 ,𝑖 led to different levels of damage growth in ITZs, especially during the load application. Lower fracture parameters led to more intense interface degradation.

The stiffness degradation was limited to a certain threshold because the bulk matrix was not subjected to damage. Therefore, after a certain stress level was reached, all applied fracture properties led to similar damaged tangent Young's modulus, which was reduced by 10% compared to the initial elastic modulus.

Chapter 5. Numerical study of the influence of mesoscopic damage on the creep rate in a heterogeneous material After load application, when the interfaces were sufficiently damaged and the tangent axial stiffness reached the final value, the average axial stresses in the matrix were equal for all presented cases. Consequently, the axial specific creep strains were similar as well (Figure 5.24(b)). Although the axial specific creep strains were not influenced, increased interfacial damage affected lateral creep strains. Lower fracture properties led to increased lateral creep strain rates and effective creep Poisson's ratio (Figure 5.24(c)). The variations of the latter were more sensitive to changes in the interface fracture energy 𝐺 𝑓 ,𝑖 than to changes in the tensile strength of ITZs 𝑓 𝑡 ,𝑖 .

Creep nonlinearity estimation due to ITZ debonding

After preliminary analyses of the effects of interface properties on delayed strains, creep nonlinearity was evaluated on the generated meshes from Section 5. Chapter 5. Numerical study of the influence of mesoscopic damage on the creep rate in a heterogeneous material low rigidity of cohesive elements increased the simulated creep strain rate. However, the numerical prediction of creep at low stresses with perfectly bonded phases showed good agreement with the experimental data. Consequently, low interface rigidity may lead to less consistent results. The choice of fracture parameters did not influence the axial creep strain rate as long as the degraded axial stiffness reached its limit, which corresponded to maximum damaged state of interfaces in tension for the applied stress state. In the following, the tensile strength was set to 𝑓 𝑡 ,𝑖 = 1.4 MPa and fracture energy to 𝐺 𝑓 ,𝑖 = 2.5 N/m. For the generated mesostructures, used in this section, the maximum degradation of axial tangential stiffness was in the range of 10 -12%.

Creep nonlinearity may result from the ITZ debonding in a similar manner as with the bulk damage model. Debonding between the two phases causes the unloading of inclusions and increase of axial stress magnitude in the matrix. This redistribution leads to higher elastic strains in the matrix and higher creep strain rates. The ratio of axial stresses in the matrix in damaged and undamaged specimens for different VFs is presented in Figure 5.25(a). The stress amplification in the matrix due to debonding is estimated as 7-14% at the medium-term period. The most important difference is for the highest volume fraction of aggregates. The creep nonlinearity coefficient obtained with degradable interfaces was close to the levels evaluated with the PFM bulk damage model in tension and compression. In all simulations with CZMs, 𝐾 𝑛𝑜𝑛𝑙 decreased over time, while in the basic creep experiments it was essentially constant. Overall, the creep nonlinearity at 𝜎 > 40% 𝑓 𝑐 could not be reproduced only with the strains caused by microcracking growth or stiffness degradation. Similar conclusions were drawn by Kammouna et al. (2019b).

It may be suggested that a coupled microcracking/creep law has to be introduced based on physical mechanisms occurring at lower scales. For instance, a part of the viscous strains may be considered in the local history field, governing the damage evolution in the phase field equation, as was proposed in [START_REF] Shen | Fracture of viscoelastic solids modeled with a modified phase field method[END_REF]. 

Numerical study of drying creep coupling with damage

In the last part, the effect of damage on drying creep is addressed. Drying of cementitious materials involves several mechanisms such as permeation of liquid and gaseous phases, vapor diffusion, adsorption-desorption and condensationevaporation. At high saturation degrees, liquid permeation is predominant [START_REF] Mainguy | Role of Air Pressure in Drying of Weakly Permeable Materials[END_REF]. Therefore, in order to simulate drying processes from a saturated state down to 70%RH (to be consistent with the experiments of Section 2.3.6), a simplified approach was used. The drying process was modeled based on Richard's equation [START_REF] Richards | Capillary conduction of liquids through porous mediums[END_REF] for liquid water permeation in unsaturated porous media. Vapor diffusion and gas phase permeation were neglected for the sake of simplicity.

Damage modeling approaches with the phase-field and cohesive zone models used previously in the basic creep calculations were applied to evaluate the effect of microcracking due to simultaneous non-uniform drying and external loading on creep strains.

Chapter 5. Numerical study of the influence of mesoscopic damage on the creep rate in a heterogeneous material

Drying model description

Based on Darcy's law for unsaturated flow [START_REF] Richards | Capillary conduction of liquids through porous mediums[END_REF], the saturation degree is calculated with the following differential equation [START_REF] Poyet | Assessment of the unsaturated water transport properties of an old concrete: Determination of the pore-interaction factor[END_REF][START_REF] De Larrard | Influence of aggregate shapes on drying and carbonation phenomena in 3D concrete numerical samples[END_REF][START_REF] Poyet | Analysis of water transport in unsaturated conditions: Comparison between labcrete and fieldcrete[END_REF])

𝜙 𝜕𝑆 𝜕𝑃 𝜕𝑃 𝜕𝑡 = ∇ 𝐾 0 𝑘 𝑟𝑙 𝜂 𝑙 ∇(𝑃) (5.46)
where 𝑃 is the water pressure within the pores, 𝐾 0 the intrinsic permeability, 𝑘 𝑟𝑙 the relative permeability to water, 𝜙 the material porosity (assumed to be constant), 𝜂 𝑙 the water viscosity (1.0013 × 10 -3 Pa.s at 20°C).

The saturation degree is then related to the capillary pressure 𝑃 𝑐 , with 𝑃 𝑐 ≈ -𝑃 since the gas pressure is neglected, using van Genuchten's model [START_REF] Van Genuchten | A Closed-form Equation for Predicting the Hydraulic Conductivity of Unsaturated Soils[END_REF])

𝑆(𝑃) = 1 + 𝑃 𝑐 𝑃 0 1 1-𝑚 -𝑚 (5.47)
where 𝑚 and 𝑃 0 are two positive parameters that can be identified using the experimental desorption isotherm curve measured at 20°C. The relative permeability was estimated based on Mualem's model (van Genuchten, 1980;[START_REF] Mualem | A new model for predicting the hydraulic conductivity of unsaturated porous media[END_REF])

𝑘 𝑟𝑙 (𝑃) = 1 + 𝑃 𝑐 𝑃 0 1 1-𝑚 -𝑚𝛼 1 - 𝑃 𝑐 𝑃 0 1 1-𝑚 1 + 𝑃 𝑐 𝑃 0 1 1-𝑚 -𝑚 2 (5.48)
where 𝛼 is the pore interaction factor. This parameter accounts for the connectivity and tortuosity in the pore network. The common value suggested by [START_REF] Mualem | A new model for predicting the hydraulic conductivity of unsaturated porous media[END_REF] is 𝛼 = +0.5. However, it was demonstrated that 𝛼 could take other values, either positive or negative [START_REF] Schuh | Effect of Soil Properties on Unsaturated Hydraulic Conductivity Pore-Interaction Factors[END_REF][START_REF] Kosugi | General Model for Unsaturated Hydraulic Conductivity for Soils with Lognormal Pore-Size Distribution[END_REF] where 𝑅 is the universal gas constant (8.3145 J/mol/K), 𝜌 the water density (998.2 kg/m 3 at 20°C) and 𝑀 the water molar mass (0.018 kg/mol).

On the choice of parameters for drying modeling

The drying model parameters have to be identified for the cement paste. Some parameters were taken from the work of Kinda 

Drying shrinkage and drying creep evaluation on numerical mortar

Finite element mesh for drying simulations

The generated heterogeneous mesh with VF = 46.3% was modified to represent a small volume adjacent to the outer surface of a hypothetical sample subjected to drying. A homogeneous layer of 0.1 mm was attached to one of the mesh faces (Figure 5.28(a)).

This layer was assumed to represent the surface zone, which is the result of the granular packing disruption near the boundary during casting (i.e., "a wall effect"). The surface zone is known to have a higher cement paste to sand ratio and higher porosity than the core [START_REF] Liu | Study on micro structure and composition distribution of concrete surface zone based on fractal theory and XCT technology[END_REF]. For the sake of simplicity, the properties of the surface zone were considered to be identical to those of the matrix, which was assumed to have the same transport properties as HCP. The difference of transport properties in the ITZs was neglected.

Drying simulations were run on the initial and modified meshes. The initial relative humidity in the sample was set to 

Drying shrinkage simulations without damage

Next, the drying shrinkage was addressed. Homogeneous macroscopic strains, prescribing zero stress, were applied on all faces except the one subjected to drying. Therefore, the sample underwent uniform strains during volume contraction under drying conditions. The drying shrinkage coefficient 𝑘 𝑠ℎ and drying creep viscosity 𝜂 𝑑𝑐 were taken from the work of [START_REF] Kinda | Impact of drying rate on delayed strain behavior of cement-based materials -experimental and numerical study[END_REF]. In that study, the drying shrinkage coefficient was identified as 𝑘 𝑠ℎ = 8.6 • 10 -3 (m/m)/%RH based on a slow drying test on a cement paste slab 500 µm in thickness. The viscosity associated with drying creep was identified as 𝜂 𝑑𝑐 = 1.5 • 10 9 Pa.s based on a biaxial compressive creep test carried out on 2-mm thick cement paste slab subjected to fast drying. The small dimensions of the samples allowed uniform pore humidity distributions to be obtained and microcracking to be avoided.

In the first trial, drying creep and basic creep were "deactivated". The total strain consisted of elastic and drying shrinkage contributions. The numerical prediction is compared to the experimental data of the drying test on mortar from Section 2.3.6 in Figure 5.29(a). A small strain anisotropy is noted due to non-symmetrical BCs. Kinematic BCs were applied on both sample faces perpendicular to 𝑌 and 𝑍 axes. The drying surface perpendicular to the 𝑋-axis was free. Therefore, the sample had more freedom of deformation in the 𝑋-direction. Therefore, 𝜖 𝑥 𝑥 was slightly higher in magnitude than the other normal average strains (𝜖 𝑦𝑦 and 𝜖 𝑧𝑧 ). The short-term drying rate was well reproduced, and the final shrinkage strain was close to the experimental level despite the small differences is the aggregate volume fraction (numerical VF = 46.3% against experimental VF = 48.7%).

If basic and drying creep are not considered, the contraction on the cementitious matrix causes the tensile stresses in it due to restraint effect of inclusions (Figure 5.29(c)).
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In the next step, basic and drying creep were "activated". In that case, the simulated shrinkage strains was underestimated (Figure 5.29(b)). Drying creep caused a substantial stress relaxation in the matrix during drying process, while basic creep decreased gradually the stress magnitude after drying was stabilized. But the matrix was still in tension (Figure 5.29(c)). After a short-term stage, the calculated values of tensile stresses in the matrix were in the range 2.9 -6.1 MPa, which can be considered relatively high, since it exceeds the macroscopic tensile strength of HCP (2.8 MPa, see Table A.5 

Drying shrinkage simulations with damage

Strain incompatibilities between shrinking matrix and inert inclusions may cause the microcracking [START_REF] Bisschop | Drying shrinkage microcracking in cement-based materials[END_REF][START_REF] Malbois | Analyse multi-echelle des déformations différées dans les matériaux cimentaires sous dessiccation ou réaction sulfatique interne[END_REF]. Thus, the drying shrinkage simulations with damage were run in two configurations: 1) PFM applied to the matrix, 2)

CZM applied to matrix-inclusions interfaces. The elastic parameters were taken according to Section 5.2.3. Chapter 5. Numerical study of the influence of mesoscopic damage on the creep rate in a heterogeneous material

In simulations with PFM, the characteristic length was taken from Section 5.3.1 as ℓ 𝑚 = 90 µm. The fracture energy was varied within the range 𝐺 𝑓 ,𝑚 = 15-30 N/m, since the simulations of drying shrinkage suffered from convergence problems if the fracture energy was set lower than 15 N/m. In simulations with CZM, the interface thickness was set to ℎ 𝑖 ≈ 0 µm, meaning that ITZs did not deform before the decohesion was initiated. The fracture properties of interfaces were varied within the ranges 𝑓 𝑡 ,𝑖 = 3 -10 MPa and 𝐺 𝑓 ,𝑖 = 3 -10 N/m.

The damage maps of several cases are displayed in Figure 5.30. In the case of the damage description with PFM, the surface layer was severely damaged, since it was composed only of the cement paste, while the remainder of the matrix exhibited low levels of degradation (Figure 5.30(a)-(b)). The damage propagated starting from the drying surface, meaning the high tensile stresses arose due to gradient of shrinkage strains that progressed within the specimen as a function of drying. In the final state, the bulk matrix was uniformly damaged without localized cracks. In the case of the damage description with CZM, where the bulk matrix was assumed intact, more intense decohesion was propagating starting from the external surface, but debonded sites could be also observed in the early drying stages far from the drying front (Figure 5.30(c)-(f)).

The drying shrinkage strains and average stresses in the matrix are displayed in Figure 5.31. In all cases, the damage did not change significantly the magnitudes of total drying shrinkage strains and stresses in the matrix. 

Drying creep simulations without damage

Next, drying creep simulations were performed for a compressive stress 𝜎 30 = 30% 𝑓 𝑐 = 13.5 MPa applied with KUBCs.

The loading was applied in one increment for 𝑡 0 = 0.5 s. After load application, drying was initiated. Initially, damage was not accounted for. Total delayed strains are compared to the experimental evidence from drying creep tests on mortar at 30% 𝑓 𝑐 (see Section 2.3.6) in Figure 5.32(b). The numerical total strain history is consistent with the experiment in the short-term.

However, it significantly underestimates mortar strains in the medium-term. After load application, drying shrinkage decreased

Chapter 5. Numerical study of the influence of mesoscopic damage on the creep rate in a heterogeneous material the magnitude of negative (compressive) stresses in the matrix till it passes to tensile stress state between 10 and 100 days. Then, the matrix went again in compression due to effects of basic creep. Since the creep strains are proportional to stress, the small magnitude of stresses in the matrix resulted in small viscous strains (Figure 5.32(a)).

One may note that KUBCs may underestimate basic creep strains. For example, Figure 5.32(c) shows basic creep strains predicted with different BCs. KUBCs led to delayed strains ≈20% lower than PBCs, which was considered to give the best approximation. But assumption of 20% greater creep strains would still yield underestimated total delayed strains in comparison to experimental data. Additionally, it can be noted that the numerical sample was a cube and the experimental specimen was cylindrical, so the differences in geometry and BCs could have influenced the numerical results. In this study, the numerical meshes did not include inclusions of diameter less than 0.19 mm, which could also have affected the numerical predictions. The aggregate size distribution influences the drying shrinkage strains and cracking processes in heterogeneous cementitious materials [START_REF] Bisschop | Drying shrinkage microcracking in cement-based materials[END_REF][START_REF] Malbois | Analyse multi-echelle des déformations différées dans les matériaux cimentaires sous dessiccation ou réaction sulfatique interne[END_REF]. The formulations with aggregates of larger size display

Chapter 5. Numerical study of the influence of mesoscopic damage on the creep rate in a heterogeneous material lower shrinkage. On the other hand, the increase of aggregate size and volume fraction leads to a more localised and more opened cracking phenomenon, while the introduction of fine aggregates leads to decrease of the crack density and width. Since the drying-induced cracking is caused by tensile stresses related to restrained shrinkage, it can be deduced that the aggregate size distribution influences the stresses in matrix and, consequently, the creep strains.

Last, underestimation of predicted drying creep strains can indicate that a different approach might be required. In this study drying shrinkage, basic creep and drying creep were considered as separate phenomena. However, several proposed approaches were based on the idea that these phenomena are different manifestations of similar physical mechanisms [START_REF] Parrott | Shrinkage and Swelling of Two Hydrated Alite Pastes[END_REF][START_REF] Benboudjema | A viscoelastic approach for the assessment of the drying shrinkage behaviour of cementitious materials[END_REF][START_REF] Sellier | Vers une modélisation simple et unifiée du fluage propre, du retrait et du fluage en dessiccation du béton[END_REF][START_REF] Sellier | Concrete creep modelling for structural applications: non-linearity, multi-axiality, hydration, temperature and drying effects[END_REF]. For example, in [START_REF] Benboudjema | A viscoelastic approach for the assessment of the drying shrinkage behaviour of cementitious materials[END_REF] the drying shrinkage was represented as the elastic and creep response of the solid skeleton under pore pressure generated due to drying. In the poromechanical approach [START_REF] Sellier | Vers une modélisation simple et unifiée du fluage propre, du retrait et du fluage en dessiccation du béton[END_REF][START_REF] Sellier | Concrete creep modelling for structural applications: non-linearity, multi-axiality, hydration, temperature and drying effects[END_REF], drying creep and drying shrinkage were modeled as functions of the hydric forces, which could be also coupled with the external loading. These approaches could be tested in mesoscopic simulations of drying shrinkage and drying creep for comparison purposes.

Evaluation of damage effect on drying creep rate

Previously, it was assumed that under low stress levels microcracking was not significant and did not affect the creep rate.

However, as it was observed in drying shrinkage simulations, microcracking in heterogeneous materials can be driven by non-uniform drying and shrinkage gradient. Such processes can also occur under the compressive load and affect the drying creep strain rate. To verify this hypothesis, microcracking occurring during simultaneous drying and compressive stress was further introduced with bulk and interfacial damage models. In drying creep simulations with damage, the load was applied in 9 equal strain increments in 𝑡 0 = 0.9 s, and kept constant for 260 days. After load application, drying was started.

Influence of bulk damage

The fracture energy parameter of PFM was initially set to 𝐺 𝑓 ,𝑚 = 30 N/m, as it was calibrated in crack propagation simulations on mortar (Chapter 4). The damage states are shown in Figure 5.33(a),(c),(e). Similarly to drying shrinkage simulations, the damage propagated starting from the external surface due to shrinkage strain gradient. The bulk matrix exhibited low levels of degradation, except the external cement paste layer. When the drying was stabilized, the damage distribution in the core was uniform in the direction of drying, without localized cracks. It may be added that after the load application, the maximum damage level was 𝑑 = 8.9 × 10 -3 . Therefore, the major part of damage was caused by drying shrinkage.

The creep strain amplification caused by the observed damage levels was relatively low (Figure 5.34). To study the influence of more severe degradations, the fracture energy was decreased to 𝐺 𝑓 ,𝑚 = 2 N/m. A lower cement paste fracture energy resulted in a severely damaged state of the matrix (Figure 5.33(b),(d),(f)). After load application, the maximum damage level was 𝑑 = 0.14, the subsequent matrix degradation was then the consequence of the drying process. The resulting creep strains and rates increased, but still did not reach the experimental drying creep strains at low stresses at medium term.
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Influence of interface debonding

The CZM was applied to zero-thickness cohesive elements generated between the aggregates and the matrix. Chapter 5. Numerical study of the influence of mesoscopic damage on the creep rate in a heterogeneous material

The total axial delayed curves are presented in Figure 5.35(b). In both cases, despite the different quantity of damaged elements, the different fracture parameters resulted in similar and relatively small increases of total strains. So, the numerical results could not describe the experimental drying creep curve at low stresses. The final strain rate of damaged samples was roughly the same as that of the undamaged specimen.

Overall, introduction of damage descriptions to drying creep simulations did not change significantly the drying creep rate.

Similar observations were made from the basic creep simulations, where the microcracking and stiffness degradation could not fully reproduce the creep nonlinearity between low and medium stresses. Therefore, it may be similarly suggested that the interaction between microcracking and creep strains should be described at the microscale. For example, [START_REF] Rossi | Basic creep behavior of concretes investigation of the physical mechanisms by using acoustic emission[END_REF] proposed that microcracks created a local hydric imbalance, which induces water and vapor movement and influences the creep rate. The damage law influencing the hydric forces can be coupled with drying shrinkage and drying creep descriptions to predict also the nonlinear creep in drying conditions.

Conclusions

The chapter focused on the mesoscopic modeling of creep of mortar and damage influence on the creep rate. The nonlinear Burger model was used to simulate the viscous flow in the cementitious matrix. The model parameters associated with basic creep were calibrated based on the creep test on saturated HCP at low stresses with no moisture exchange.

Image-based heterogeneous meshes 1-mm 3 and 27-mm 3 in volume were reconstructed from a µCT scan of mortar. The aggregate volume fraction of these meshes was reduced in comparison to real mortar as the fine sand particle could not be accurately segmented on µCT image. As a consequence, the basic creep predictions were significantly deviating from the experiment. New heterogeneous meshes 64-mm 3 in volume with VFs with realistic levels were generated with the inclusions obtained with X-Ray tomography. Basic creep simulations on such new meshes gave satisfactory results in terms of repeatability.

Numerical and experimental specific creep values at given time instances were observed to follow the same linear dependence

with the aggregate volume fraction. Therefore, it was concluded that the identified basic creep model for the cementitious matrix was in good agreement with the experimental evidences. It can be noted that satisfactory results were obtained without considering compliant or viscous ITZs in simulations.

The phase-field method was added to the Burger model to study damage effects. Tensile creep simulations demonstrated the ability of the model to obtain significant damage growth and even failure under sustained load. In other words, tertiary creep could be modeled with the damage model that did not take explicitly into account the effect of creep strains. The creep nonlinearity coefficient 𝐾 𝑛𝑜𝑛𝑙 increased over time for 𝜎 ≥ 0.7 𝑓 𝑡 due to the increase of strains associated with damage, which could be considered as a sign of approaching the tertiary stage. For 𝜎 < 0.6 𝑓 𝑡 , 𝐾 𝑛𝑜𝑛𝑙 was stable and ≈ 1.05.

In compression, even for very high damage levels, the resulting creep amplification was not greater than 15%. It is worth noting that the standard PFM approach used here is not well suited for compression modeling, as under negative stresses the stiffness was completely restored. Moreover, it does not take into account complicated interactions such as shear sliding, and
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Overall, both tensile and compressive creep simulations showed creep nonlinearity levels much lower (1.05 -1.2) than the experimental values (1.5 -1.6).

The second approach consisted in assuming that only ITZs were subjected to damage during the secondary creep stage.

The interface rigidity influenced significantly the creep predictions. Meanwhile, the different fracture parameters led to the same creep strains after the stiffness reached the minimum value under loading. The evaluation of creep nonlinearity on generated realistic meshes led to similar predictions as in the previous approach. The CZM may be a simplified approach for compression, as it does not account for contact-friction between crack surfaces in compression [START_REF] Zhou | A mesoscale interface approach to modelling fractures in concrete for material investigation[END_REF] [START_REF] Liu | Microstudy on creep of concrete at early age under biaxial compression[END_REF].

Chapter 6

Conclusions and perspectives

Motivation and objectives

The delayed long-term strains of concrete caused by creep lead to excessive deflections and loss of pre-stresses in reinforced concrete structures. The latter is crucial for safe exploitation and extension of service life of the containment buildings of the French nuclear fleet. Creep of concrete depends on multiple coupled factors, among which microcracking is one of major importance. An increase of creep rate with respect to stresses when greater than ≈40% of the concrete strength is referred to as creep nonlinearity. This phenomenon is commonly attributed to the growth of microcracks, even though the physical mechanism behind it is not yet fully established. Moreover, microcracking is considered to play an important role in creep strain growth under simultaneous loading and drying (i.e., drying creep).

The objectives of the dissertation were aimed at understanding and characterizing experimentally the microcracking effect in heterogeneous and homogeneous cementitious materials on the creep kinetics at the macroscale, as well as developing a numerical mesoscopic approach to study the coupling of creep with damage in sealed and drying conditions for long-term creep strain predictions. 𝐾 𝑛𝑜𝑛𝑙 = 2.5 -1.7). The change of creep nonlinearity ratios as functions of mass loss was linear for both materials.

Experimental contributions and observations

This trend suggests that the creep nonlinearity w.r.t. stress increased with water content variations.

d. Post-creep residual mechanical properties

After the creep tests, the samples did not appear to have experienced significant damage levels that could adversely affect their properties (excluding one cement paste specimen loaded at medium stresses). Thus, microcracking, which could occur in the cement paste and matrix-aggregate interfaces, did not lead to significant stiffness degradation or loss of strength. In general, the sustained compressive load and simultaneous load/drying could have a positive effect on the material stiffness and compressive strength.

The non-destructive Impulse Excitation Technique was used to monitor changes in sample resonant frequencies, which are related to the dynamic elastic modulus, after sustained loading and drying. The technique did not show significantly reduced frequency and dynamic modulus for the specimen with internal cracking in comparison to other samples. Therefore, the correlation between damage and dynamic elastic modulus could not be unambiguously established.

II. An in situ three-point flexural test on a small-scale notched mortar mesobeam (5 × 5 × 20 mm) with µCT.

At the time of writing the dissertation, to our knowledge, no in situ mechanical tests on mortar via 3D imaging and kinematic measurements were reported in the literature. Carrying out tests on small-scale mortar specimens allowed crack propagation to be analyzed in a pure cement paste matrix embedding sand particles (unlike reported tests on concrete where the mortar matrix and coarse aggregates could be distinguished). In addition, realistic 3D meshes were built consistently with the underlying microstructure based on 5 µm resolution tomographic scans.

Numerical contributions and observations I. Damage quantification via Digital Volume Correlation with heterogeneous mechanical regularization

Mechanically regularized FE-DVC was adapted to heterogeneous materials by taking into account the difference between the elastic properties of the different phases of mortar. The method was applied to in situ three-point meso-flexural test on mortar using a microstructure-based heterogeneous mesh. The following contributions were made:

a. The introduction of elastic contrast 𝐶 allowed the strain heterogeneities related to the underlying microstructure to be measured, and inelastic strains to be more concentrated in damaged zones.

b. The reduction of elastic modulus in the damaged elements allowed displacement measurements to be more localized in the fractured zone, which resulted in a more consistent solution in terms of global residual (282.5 gray level reduced to 273.5 gray level thanks to the introduction of damage).

c. The estimation of crack opening displacements and crack morphology was carried out and gave insight into the damage mechanisms at the mesoscale such as crack propagation in the bulk cementitious matrix, ITZ debonding and occasional fracture of inclusions.

The study thus demonstrated the potential of mechanically regularized FE-DVC enriched with microstructure-based features for the quantification of damage at lower scales.

II. Mesoscale crack propagation modeling in mortar. Calibration of mesoscopic fracture properties.

The meso-flexural in situ tests on mortar were used as benchmark for calibrating damage models. Finite element meshes with heterogeneous microstructure-based ROI and homogeneous regions were created for mechanical simulations to be run. The experimental displacement fields, measured with mechanically regularized DVC, were used as kinematic boundary conditions.

Two approaches were used:

a. The fracture in the cement paste and limestone aggregates was simulated with the Phase-Field Model for brittle materials. The matrix-inclusions interfaces were considered as perfectly bonded. The simulated fracture paths were consistent with the experiment thanks to representative microstructures and boundary conditions. However, it could not reproduce complicated fracture patterns such as bifurcation. Besides, the damaged region tended to be more diffuse and spanned between neighboring aggregates in the direction perpendicular to the crack propagation path.

b. In addition to bulk damage in the matrix and limestone aggregates, the ITZs were considered as imperfect interfaces with a Linear Spring Model and subjected to debonding with a Cohesive Zone Model. In all tests, the introduction of interface debonding modified the fracture path predictions, but could not improve its accuracy. Taking the ITZs as undamaged but more compliant than the matrix, also did not improve the consistency of the numerical results with the experiment. This observation raises the question about considering ITZs in the fracture modeling of mortar. Creep predictions were sensitive to the interface stiffness. Lower elastic properties increased delayed strains (×1.11 -1.13 amplification for 𝐸 𝑖 = 𝐸 𝑚 and ×1.14 -1.17 for 𝐸 𝑖 ≈ 0.5𝐸 𝑚 ). Meanwhile, different fracture parameters led to similar axial creep strains once the axial stiffness reached the minimum level under loading (≈10% of reduction).

However, lower fracture properties led to increased lateral creep strain rates and effective creep Poisson's ratio. The evaluated creep nonlinearity was of the same order of magnitude as the previous approach (𝑲 𝒏𝒐𝒏𝒍 = 1.05 -1.2). 

Conclusions

Finite element simulations of the interaction of damage with creep performed in this study, which was based on existing models, could reproduce the tertiary creep stage in tensile creep simulations. On the another hand, it could not fully reproduce nonlinear creep in compression on the considered mesostructures by only taking into account strains caused by microcrack growth and stiffness degradation. It is worth noting that the damage models used herein were formulated primarily for tensile fracture, therefore the application of models adequate in compression may potentially improve the trustworthiness of the creep/damage predictions. In addition, the aggregate volume fraction of the generated mesostructures was close to the real mortar, but their granulometry was lacking inclusions with a diameters less than 0.19 mm. It signifies that the aggregate size distribution and the interface quantity were not completely representative of the experimental mortar, which could have affected the numerical results. Last, the presented visco-damage approach appeared to be not completely consistent with experimental evidence, since the samples exhibiting nonlinear creep did not show significantly reduced strength or stiffness, which would have indicated severe damage. In some cases, even positive effects were observed. Moreover, the only HCP sample subjected to severe cracking did not show significant increases in creep strains. Consequently, a creep/microcracking coupling may require a different approach.

The basic creep tests of pre-dried samples revealed the sensitivity of the creep rate to microstructural changes in the hardened cement paste caused by preliminary water loss and shrinkage. This observation may indicate that the creep interaction with microcracks occurred at lower scales. The experimental evidence has also showed that the creep nonlinearity varied as the sample underwent drying, which may induce that drying creep and nonlinear creep were related to similar mechanisms. Possible microscale interactions were discussed [START_REF] Rossi | Basic creep behavior of concretes investigation of the physical mechanisms by using acoustic emission[END_REF], whereby microcracks were assumed to create a local imbalance that induces water and vapor movement, which may influence the creep flow. It can be hypothesized that the law relating the creep rate to microcracking has to be based on physical mechanisms occurring at the microscale. However, it would require more thorough experimental small-scale studies.

Propositions for further studies

Several suggestions and improvements can be made to complete the research presented in this dissertation:

I. Macroscopic creep tests cannot give direct qualitative information about the microscale mechanisms. Consequently, further studies may focus on small-scale in situ tests (with µCT or microscopy techniques) on drying shrinkage, basic and drying creep. For example, the analysis of the interactions between viscous hydrates (C-S-H) and non-viscous phases in hardened cement paste and between inclusions and cementitious matrices may be considered. The proposed studies may shed more light on the meso-and micro-scale phenomena such as effects of mechanically and drying induced microcracking on the viscous behavior of C-S-H at the microscale. DVC and DIC techniques with heterogeneous mechanical regularization may be used for the analysis of such in situ tests since they are capable of providing more precise measurements of strain heterogeneities related to heterogeneous microstructures. The obtained data would be used for model enrichments.

II.

Direct experimental studies on C-S-H and its interaction with other phases is complicated due to its nanometric scale. In last decade, atomistic simulations gained more interest in the domain of cement chemistry and computational material science [START_REF] Bahraq | Molecular Simulation of Cement-based Materials and Their Properties: A Review[END_REF]. Several studies on the creep of C-S-H using molecular dynamics were already reported [START_REF] Masoero | Kinetic Simulation of the Logarithmic Creep of Cement[END_REF][START_REF] Bauchy | Creep of Bulk C-S-H: Insights from Molecular Dynamics Simulations[END_REF][START_REF] Morshedifard | Nanoscale origins of creep in calcium silicate hydrates[END_REF][START_REF] Masoero | Nanoparticle simulations of logarithmic creep and microprestress relaxation in concrete and other disordered solids[END_REF]. Further research in this direction may improve the understanding of the impact of changes in water content and applied stress on the delayed behavior of C-S-H.

III.

The DVC analyses with heterogeneous mechanical regularization may be further extended to other heterogeneous materials, as well as to study the fracture in concrete in various stress states (e.g., tension, compression, torsion) and other phenomena (e.g., creep, shrinkage, freeze-thawing cycles, thermal expansion). Besides taking into account the elastic contrast between matrix and inclusions, ITZs can also be further introduced into mechanical regularization. The construction of 3D meshes consistent with fractured surfaces may improve the estimation of crack opening displacements [START_REF] Réthoré | Extended three-dimensional digital image correlation (X3D-DIC)[END_REF][START_REF] Rannou | Three dimensional experimental and numerical multiscale analysis of a fatigue crack[END_REF].

IV. The composition of heterogeneous cementitious materials plays an important role in the mechanical behavior. Numerical representations are still limited in terms of size distributions of inclusions and their number. To overcome these limitations and prevent information loss, "model materials" may be used in tests, namely, materials with adapted formulations that can be accurately reproduced numerically, without loss of information on the microstructure [START_REF] Malbois | Analyse multi-echelle des déformations différées dans les matériaux cimentaires sous dessiccation ou réaction sulfatique interne[END_REF]. However, there will be a trade-off between microstructure simplification, scale effects, and the representativeness of its mechanical behavior compared to real materials.

V. Further numerical studies on compressive creep at the mesoscale require a relevant damage model. Coupled creep/damage simulations with additional failure criteria for compressive and shear fracture [START_REF] You | Incorporation of tension-compression asymmetry into plastic damage phase-field modeling of quasi brittle geomaterials[END_REF]Wang et al., 2020b) For both mortar and cement paste, the curves are without sharp discontinuous features which means that crack propagation is stable. The curves for mortar show a good repeatability, while for cement paste there is a noticeable variability. This observation can be related to the fact that cement paste is more brittle and its cracking is more influenced by details of its microstructure (porosity, elevated W/C ratio areas) and a small number of local defects (air bubbles, microcracks etc). Mortar can be presented as the cement matrix with embedded sand inclusions. Therefore, cracking is more stable and less dependent on local imperfections. The results are summarized in Table A.4. The fracture energy values for cement paste seem to be in agreement with the results available in literature [START_REF] Luković | Combined experimental and numerical study of fracture behaviour of cement paste at the microlevel[END_REF][START_REF] Reda Taha | Fracture toughness of hydrated cement paste using nanoindentation[END_REF]. The Young's modulus is the most sensitive parameter, which indicates that the behavior of mortar, as expected, remains essentially elastic throughout the whole test. For a 1% offset, the load variations are very high for the elastic parameter (i.e., more than two orders of magnitude higher than 𝛾 𝐹 ), and with a maximum about ten times higher than 𝛾 𝐹 for the cohesive parameters. The sensitivity to the cohesive strength 𝜎 max , which is significant, occurs over a limited time duration that corresponds to the crack initiation regime. Similarly, the fracture energy 𝐽 𝑐 , which controls crack propagation, leads to sensitivities that mostly cancel out during the second part of the experiment. It is interesting to note that the rise of the curves related to the cohesive strength and fracture energy are related to the sudden drop of the one related to the Young's modulus, when part of the elastic energy stored in the sample is converted into new crack surfaces.

The decimal logarithm of the associated absolute Hessian is shown in Consequently, all three parameters can be determined with the present data at hand. Figure B.15(c) shows that the first eigen vector is dominated by the Young's modulus, as was expected from the analysis of the load sensitivities. The second eigen vector is mostly dependent on the fracture energy, and the third one on the cohesive strength. The latter leads to the lowest eigen vector, namely, it will be the most difficult to calibrate. 
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 1 Figure 1.1: Schematic drawings of concrete containment buildings of EDF nuclear fleet, reproduced from ASN (2017).

Figure 1

 1 Figure 1.2: Creep curves of several concrete containment buildings. Vertical microstrains as functions of time (reproduced from Gallitre et al. (2014)).

1.

  Experimental work (a) Macroscopic compressive creep tests on mortar and cement paste (Chapter 2) The campaign aims at decoupling the influence of several factors on the creep rate: material heterogeneity (influence of elastic inclusions), water content, stress state and drying. The obtained data are used for a better understanding of Chapter 1. Introduction the physical mechanisms, calibration of the creep numerical model and as a benchmark for numerical simulations of creep/damage/drying interactions. In addition, the residual mechanical properties are measured on samples after being subjected to creep. (b) In situ meso-flexural tests monitored with X-ray tomography (Chapters 3 -4) Modeling the creep/microcracking interaction requires a reliable mesoscopic damage model. In situ tests with controlled crack propagation give access to the damage processes at lower scales and allow calibration of the mesoscopic damage model. 2. Numerical and modeling work (a) Crack propagation analysis via Digital Volume Correlation (DVC) with heterogeneous mechanical regularization (Chapter 3) A mechanically regularized DVC technique is adapted for a heterogeneous material. The accuracy of displacement and strain measurements is assessed. Moreover, qualitative and quantitative damage evaluations are presented. (b) Crack propagation modeling in mortar at the mesoscale (Chapter 4) The calibration of finite element damage models are carried out for the cementitious matrix and matrix-aggregate interfaces based on in situ micro-flexural tests on mortar. The simulations are performed on image-based meshes of real samples and with measured kinematic boundary conditions via Digital Volume Correlation. (c) Mesoscopic finite element modeling of creep/damage interactions (Chapter 5) The calibrated creep and damage models are applied on realistic and artificial microstructures of mortar to simulate basic creep, and evaluate damage effects on delayed strains. Then, the drying model is introduced for drying creep/damage simulations. A schematic outline of the thesis is given in Figure 1.3.

Figure 1

 1 Figure 1.3: Schematic outline of the dissertation. The black arrows indicate the results, and the red arrows entry data.

  Cement chemistry notation: C = CaO, S = SiO 2 ,A = Al 2 O 3 ,F = Fe 2 O 3 , H = H 2 O

Figure 2

 2 Figure 2.1: Typical BSE image of a portland cement mortar (200 days old, W/C = 0.4) with the microstructural constituents distinguished (reproduced from Scrivener (2004)).

  Figure 2.2: Schematic representation of (a) C-S-H microstructure (reproduced from Feldman and Sereda (1968)) and of (b)hindered water site with a connection to capillary pore (reproduced from[START_REF] Bažant | Thermodynamics of interacting continua with surfaces and creep analysis of concrete structures[END_REF]).
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 26 Figure 2.6: Schematic curves of shrinkage, creep and recovery strains of concrete (after Bažant and Jirásek (2018)).

  Figure 2.7: Typical creep strain history.

Figure 2

 2 Figure 2.8: Schematic view of stress-induced shrinkage mechanism (after[START_REF] Bazant | Concrete creep at variable humidity: constitutive law and mechanism[END_REF]).
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 29 Figure 2.9: Stress histories and induced cracking during drying for different stress states (reproduced from Bažant and Jirásek (2018)).

Figure 2 .

 2 Figure 2.10: Comparison of direct tensile creep, direct compressive creep and flexural creep in terms of basic creep strains per unit stress (i.e., specific creep), after Ranaivomanana et al. (2013).

  Figure 2.11: (a) Logarithmic fit of the uniaxial compliances in drying (J 𝑑𝑐 2𝐷 ) and non-drying (J 𝑛𝑑𝑐 2𝐷 ) biaxial compressive creep tests (after Charpin et al. (2018), (b) derivative of compliance for HPC specimens with different ages of loading 𝑡 0 in days (log-log scale). With an increase of time since loading application 𝑡 -𝑡 0 , all curves tend to a single linear function (after Torrenti and Le Roy (2015)).

  Figure 2.12: (a) Schematic representation of the interfacial transition zone and bulk cement paste in concrete (after Mehta and Monteiro (2006)). (b) µCT cross-section of cracked cubic specimen after compressive fatigue loading (after Skarżyński et al. (2019)).

  Figure 2.13: Simulation of the interaction of microcracks in the Fracture Process Zone (FPZ), near the notch root of a wedge splitting specimen, during relaxation. Stress field 𝜎 𝑥 𝑥 maps prior to and after propagation (after Denarié et al. (2006)).

  creep tests, and corresponded to saturated (100% RH) and pre-dried states (70% RH). The characterization of basic creep with different water content was necessary for the following study and simulations of drying creep. Moreover, with these configurations, the creep nonlinearity w.r.t. stress was evaluated for two water contents : 4.a) RH = 100% (saturated state); 4.b) RH = 70% (pre-dried state).

  Figure 2.14: 2D tomographic slice of (a) mortar (width 13 mm), (b) cement paste (diameter 30 mm).

  Figure 2.15: (a) Void distribution in mortar, (b) sand distribution in mortar, (c) void distribution in the cement paste.

  . The first index in the specimen designation stands for the type of creep (B -Basic, D -Drying). The second is the relative humidity of the material (for basic creep) or the environment (for drying creep). The third index refers to the material (C -Cement paste, M -Mortar). The last one denotes the loading level (0.3 𝑓 𝑐 , 0.6 𝑓 𝑐 ) or control sample (CS1, CS2), and samples for drying shrinkage and mass loss measurements (DS -drying shrinkage, ML -mass loss) (Figure 2.16).
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 2 Figure 2.16: Scheme for decryption of sample designation.

Figure 2 .

 2 Figure 2.17: Pre-drying of specimens. (a) Prescribed air humidity, mass loss changes of (b) cement paste and (c) mortar.

  (a),(b) -2.20(a),(b), C.1(a),(b) -C.4(a),(b).

(

  Figure 2.18) where the relative humidity was controlled by a saturated saline solution at a level close to the intrinsic material relative humidity, to minimize vapor exchange through possible microleaks. For basic creep tests at 100% RH (B-100%), a barium dichloride solution (BaCl 2 ) was used to achieve RH = 90-95%. Performing tests at 100% RH was avoided due to water condensation, which may have interfered with the nominal functioning of strain gauges. For basic creep tests at 70% RH (B-70%), a potassium iodide saturated solution (KI) was used to obtain approximately 70% RH.

  Figure 2.18: Experimental setups for basic creep tests with relative humidity control. (a) B-100%-C, (b) B-100%-M, (c) B-70%-M, (d) B-70%-C. (a),(c),(d) were carried out in isolated chambers, and (b) in a climatic chamber.
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 2 Figure 2.19: Histories of (a) relative humidity, (b) temperature, (c) applied 30% 𝑓 𝑐 compressive stress, (d) applied 60% 𝑓 𝑐 compressive stress during basic creep tests on cement paste at 100% relative humidity.

  (c)-(d), C.4(c)-(d).
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 2 Figure 2.20: Histories of (a) relative humidity, (b) temperature, (c) applied 30% 𝑓 𝑐 compressive stress, (d) applied 60% 𝑓 𝑐 compressive stress during drying creep tests on cement paste at 70% relative humidity.

  Figure 2.22: Comparison of measurements on pre-loaded and load-free control specimen: (a) strains, (b) volumetric strains.

  Figure 2.23: Strains measured on control specimens during the basic creep tests on pre-dried materials: (a) cement paste, (b) mortar.

  Figure 2.24: Basic creep of saturated HCP: (a) axial specific creep strains, (b) axial specific creep strains starting from day 1.

  Figure 2.26: X-ray tomography slices showing damage in full HCP sample tested in uniaxial compressive basic creep at 60% 𝑓 𝑐 after 200 days (resolution 20.0 µm/vx): (a) x-z cross-section at 11.4 mm depth and (b) at 8.38 mm depth.
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 2 Figure 2.27: (a) Transverse specific creep strains and (b) effective creep Poisson's ratio of saturated HCP in basic creep.

  Figure 2.28: Basic creep of pre-dried at 70% RH cement paste and relationship between specific creep at different stress levels: (a) axial specific creep strains, (b) transverse specific creep strains.

  Figure 2.30: Specific creep strains of saturated (100% RH) and pre-dried (at 70% RH) HCP and its ratio : (a) axial (b) transverse.

  Figure 2.31: Basic creep of saturated (100% RH) and pre-dried at 70% RH mortar : (a) axial specific creep strains, (b) transverse specific creep strains.

  for both materials. Similarly to HCP, the ratio of transverse specific creep strains at different hydric levels was significantly low (0.18 -0.28 at 𝑡 = 70 days) which may indicate an overestimation of lateral creep strains in basic creep tests on mortar at 100% RH (Figure 2.31 (b)). Further, it may explain the large values of effective creep Poisson's ratios, which reached 0.4 and 0.6 for 60% 𝑓 𝑐 and 30% 𝑓 𝑐 loaded samples, respectively (Figure 2.32 (a)). The effective creep Poisson's ratio of pre-dried mortar for low and medium stress levels varied in the range 0.1 -0.14 (Figure 2.32 (b)).

  Figure 2.32: Effective creep Poisson's ratio for (a) saturated mortar and (b) pre-dried at 70% RH.

  Figure 2.33: Axial specific creep strains of basic and drying creep of the cement paste (a) and mortar (b).
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 2 Figure 2.35: Transverse total specific creep strains of mortar and HCP in drying creep tests.

  Figure 2.36: Evolution of total creep strains as a function of drying shrinkage strains: (a) HCP, (b) mortar.

Figure 2 .

 2 Figure 2.37: Temperature and air humidity histories during drying test.

  Figure 2.38: Drying of HCP at 70% RH. (a) Drying shrinkage strain and mass loss, (b) mass loss as a function of drying shrinkage strain.

  Figure 2.27). It may indicate again that lateral creep strains in basic creep tests on saturated HCP were overestimated. For the cement paste dried until 70%RH, the recovery Poisson's ratio decreased in comparison to basic creep (0.1 -0.18), in a similar way as the effective Poisson's coefficient of pre-dried HCP (Figure 2.29).
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 2 Figure 2.40: Axial creep recovery strains: (a) cement paste, (b) mortar.

  Figure 2.42: Creep recovery Poisson's ratio: (a) cement paste, (b) mortar.

  Figure 2.43: Evolution of (a) natural frequency and (b) dynamic elastic modulus of HCP after being subjected to basic creep at 70% RH.

  Figure 2.44: Evolution of (a) natural frequency and (b) dynamic elastic modulus of mortar after being subjected to basic creep at 70% RH.
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 2 Figure 2.47: Microcracked surfaces of HCP samples subjected to (a) drying creep (D-70%-C-0.6fc) and (b) drying shrinkage (D-70%-C-DS). Red lines accentuate the cracks.
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 2 Figures 2.49 -2.51 show the post-creep Young's modulus, compressive strength and Poisson's ratio for the cement paste.
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 2 Figure 2.49: Elastic modulus of HCP samples after creep tests.
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 2 Figure 2.50: Compressive strength of HCP samples after creep tests.
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 2 Figure 2.51: Poisson's ratio of HCP samples after creep tests.
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 2 Figures 2.52 -2.53 present the post-creep Young's modulus and compressive strength for mortar.
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 2 Figure 2.52: Elastic modulus of mortar samples after creep tests.

Figure 2 .

 2 Figure 2.53: Compressive strength of mortar samples after creep tests.
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 3 Figure 3.1: Experimental and numerical workflow of damage quantification procedure.

Figure 3

 3 Figure 3.2: Notched mortar microbeam.

  Figure 3.3: Inclusion segmentation. (a) Filtered image (bright inclusions -limestone aggregates, gray inclusions -siliceous aggregates). (b) Segmentation of limestone aggregates. (c) Contrast (norm of image gradient). (d) Segmentation of siliceous particles.

  Figure 3.4: Surface and volume meshes (red: siliceous aggregates, gray: limestone aggregates, yellow: matrix, green: notch). (a) Surface meshes. (b) Aggregate and (c) matrix meshes.

Figure 3

 3 Figure 3.5: Schematic and actual views of the in situ three-point flexural set-up.

  Figure 3.6: (a) CT scans performed during in situ flexure. (b) 2D section of fractured specimen and DVC ROI.

  DVC for heterogeneous materials DVC measures displacement fields in the selected ROI by registering the deformed volumes 𝑔 and the reference volume 𝑓 assuming gray level conservation 𝑓 (x) = 𝑔(x + u(x)) (3.1) Chapter 3. Damage quantification via Digital Volume Correlation with heterogeneous mechanical regularization: application to an in situ meso-flexural test on mortar where u(x) is the sought displacement field, and x any voxel position within the ROI. The sought displacement field has to minimize the gap to gray level conservation min {u} 𝑛 𝑢 𝑛 𝜙 𝜙 𝜙 𝑛 (x) (3.3) where 𝜙 𝜙 𝜙 𝑛 (x) are trial displacement fields, and 𝑢 𝑛 the associated Degrees Of Freedom (DOFs) gathered in the column vector {u}. In FE-DVC, the sought DOFs are the nodal displacements of a finite element discretization, and 𝜙 𝜙 𝜙 𝑛 (x) the corresponding shape functions.

Figure 3

 3 Figure 3.7: Schematic view of the backtracking procedure enabling the (blue) mesh based on the HQ configuration (top) to be fitted to the in situ configuration (bottom) via DVC using an auxiliary (magenta) mesh.

Figure 3

 3 Figure 3.8(a) shows the displacement uncertainties and Figure 3.8(b) the maximum principal strain 𝜖 1 uncertainties as functions of the regularization ℓ 𝑟 𝑒𝑔 . A decrease of ℓ 𝑟 𝑒𝑔 leads to an increase in displacement and strains fluctuations. This

Figure 3

 3 Figure 3.8(c) shows the change of RMS residuals as functions of ℓ 𝑟 𝑒𝑔 . Their variation remained very limited since for any regularization length, the kinematics was very simple (essentially rigid body motions). These levels are baselines to which further analyses will be compared.

  Figure 3.9: Thresholded Lagrangian residual field showing the fractured surfaces (ℓ 𝑟 𝑒𝑔 = 15 vx and 𝐶 = 5.26). (a) Face and (b) side views.

Figure 3 .

 3 Figure 3.10: Front face views of maximum principal strain 𝜖 1 fields for different regularization lengths expressed in voxels (𝐶 = 5.26).

Figure 3 .

 3 Figure 3.11(a) shows that the gray level residuals were essentially concentrated along the crack path. Very high maximum principal strains are observed in the zones where cracks were located. The differences in mechanical regularization performance in matrix and inclusions is visible in Figure 3.11(b). The crack crossed limestone aggregates (white in Figure 3.11(c)) where ℓ 𝑟 𝑒𝑔 was √ 𝐶 = √ 5.26 ≈ 2.3 times greater than in the matrix, which led to more diffuse strains with lower values.

  Figure 3.12: (a) RMS gray level residuals, and (b) maximum principal strain 𝜖 1 fluctuations as functions of the regularization length and contrast 𝐶.

  Figure 3.15: 3D renderings of damaged elements (corresponding to cracks) in the mechanical regularization (ℓ 𝑟 𝑒𝑔 = 20 vx, 𝐶 = 5.26). (a) Side and (b) face views.

Figure 3 .

 3 Figure 3.16: Front face views of the maximum principal strain fields 𝜖 1 for different elastic moduli of damaged elements (ℓ 𝑟 𝑒𝑔 = 60 vx, 𝐶 = 5.26).

  ), meaning convergence to a better solution, as well as higher strain fluctuations. Last, setting the damaged stiffness to values closer to zero (i.e., 𝐸 𝑑 < 0.05𝐸 𝑚 in this study) resulted in the divergence of the DVC calculations. The elastic modulus of the damaged area 𝐸 𝑑 should be therefore set to the lowest possible value to allow for localized strains to occur, while retaining proper convergence of the DVC computations. Based on these results, in further calculations the Young's modulus of the damaged elements was set to 5% of the matrix modulus (i.e., 𝐸 𝑑 = 0.05 𝐸 𝑚 ).
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 3 Figure 3.17: Standard deviation of the maximum principal strain 𝜖 1 compared to the RMS residual for different elastic moduli of damaged elements (ℓ 𝑟 𝑒𝑔 = 60 vx, 𝐶 = 5.26).
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 3 Figure3.18 shows the maximum principal strain field for different contrasts and damage configurations. The introduction of damage into mechanical regularization was more effective for crack localization than the consideration of mechanical contrast between different phases(Figure 3.13). With the highest contrast, damage could also be better described at interfaces between the matrix and the aggregates.

Figure 3 .

 3 Figure 3.19 displays the change of RMS residual and fluctuations of 𝜖 1 fields characterized by their standard deviation. In terms of residual, the introduction of damage lowered their overall levels. The combination of both methods (i.e., contrast and damage) gives a better solution in terms of residual levels and strain localization, which indicates a more correct description of the physical mechanisms. These results were kept for further damage quantification.

Figure 3 .

 3 Figure 3.19: standard deviation of the maximum principal strain 𝜖 1 compared to the RMS residual for different contrasts and damage implementations (ℓ 𝑟 𝑒𝑔 = 60 vx).

  Figure 3.20: Damaged elements belonging to (a) the matrix, (b) interphases, and (c) aggregates.

Figure 3 .

 3 Figure 3.21(a) shows the COD field in the specimen.Figure 3.21(b) reports the averaged crack opening displacement along the specimen height for the entire crack, and Figure 3.21(c) for each individual phase.

  Figure 4.1: Stress-strain curve for brittle materials (a) and for quasi-brittle materials with indication of the stages of FPZ development during crack propagation (after Erarslan (2013)).
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 42 Figure 4.2: Bilinear stress-crack opening law representation of cohesive forces acting across FPZ (after Park et al. (2010)).

Figure 4

 4 Figure 4.3: Experimental and numerical identification process for a mesoscopic fracture model of mortar.

  Figure 4.4: Post-mortem tomographic sections of fractured samples: (a) test A (see Chapter 3), and (b) test B. The height of the samples was 5 mm.

(

  Figure 4.5: FE meshes for fracture simulations (face view): (a) mesh A , (b) mesh B. Gray: homogeneous undamaged zone, orange: cementitious matrix, blue: siliceous aggregates, red: limestone aggregates.

FigureFigure 4 . 6 :

 46 Figure 4.6.

Figure 4

 4 Figure 4.7: Gray level histograms of undeformed volumes for (a) test A and (b) test B.

  Figure 4.9: DVC-based boundary conditions: (a) test A , (b) test B. Displacement vectors are scaled ×20.

Figure 4 .

 4 Figure 4.10: Sharp and diffusive crack topology. (a) Sharp crack surface Γ embedded into the solid ℬ and (b) the regularized crack surface Γ 𝑙 (𝑑) is a functional of the crack phase field 𝑑 (reproduced from Miehe et al. (2010b)).

Figure 4 .Figure 4

 44 Figure 4.11: Diffusive crack zone 𝑥 = 0 with the length scale ℓ according to Eq. (4.6) (after Miehe et al. (2010b)).

  Unilateral effects and the degradation of elastic bulk energy in tension are taken into account by splitting the elastic energy into positive and negative contributions(Miehe et al., 2010a) 𝐸 𝑒 (𝑑, 𝝐)
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 4 Figure 4.13: Schematic view of a zero-thickness interface element (according to Wu and Wriggers (2015)).

Figure 4

 4 Figure 4.14: Cohesive traction-separation law including irreversible damage in loading-unloading: (a) normal traction-opening and (b) tangential traction-opening (after Wu and Wriggers (2015)).

  Figure 4.15: Meshes for numerical homogenization of the Young's modulus of mortar for the homogeneous zones based on (a) ROI A (4.54 × 3.29 × 2.3 mm) and (b) ROI B (3.65 × 4.51 × 1.86 mm)

  Poisson's ratio, -𝜈 𝑚 = 0.25 𝜈 𝑎𝑔,𝐶 𝑎 = 0.2 𝜈 𝑎𝑔,𝑆𝑖 = 0.2 𝜈 ℎ𝑜𝑚𝑜 = 0.2 Characterisitc length, µm ℓ 𝑚 = 80 ℓ 𝑎𝑔,𝐶 𝑎 = 80 --The fracture energy 𝐺 𝑓 ,𝑚 was varied in the range 20 -35 N/m in the simulations of both tests. The corresponding force-CMOD curves are shown in Figure 4.16. For test A, the best fit was obtained with 𝐺 𝑓 ,𝑚 = 35 N/m, yet 𝐺 𝑓 ,𝑚 = 30 N/m also gave very close failure forces. In test B, the best approximation was obtained when 𝐺 𝑓 ,𝑚 = 25 N/m.

  Figure 4.16: Force-CMOD curves for various 𝐺 𝑔,𝑚 parameters. (a) test A, (b) test B.

  Figure 4.17: Simulated fracture propagation with PFM. Damage fields for test A (a)-(d): (a) 𝐺 𝑓 ,𝑚 = 20 N/m, (b) 25 N/m, (c) 30 N/m, (d) 35 N/m; and test B (e)-(h): (e) 𝐺 𝑓 ,𝑚 = 20 N/m, (f) 25 N/m, (g) 30 N/m, (h) 35 N/m. Cross-sections at 𝑥 = 2.57 mm depth. Gray wireframe: matrix, gray: siliceous aggregates, light green: limestone aggregates.

Figure 4 .

 4 Figure 4.18: Numerical force-CMOD curves simulated with the PFM (𝐺 𝑓 ,𝑚 = 30.0 N/m, ℓ 𝑚 = 80 µm)

Figure 4 .

 4 Figure 4.19: Simulated fracture propagation in test A: the first column -𝑡 = 0.48, second -𝑡 = 0.5, third -𝑡 = 0.58, fourth -XCT scan at 𝑡 = 1.0. Top row: cross-section at 𝑥 = 0.46 mm depth, middle row: 𝑥 = 2.57 mm, bottom row: 𝑥 = 4.82 mm. The final displacement field corresponds arbitrarily to time 𝑡 = 1.0. Gray wireframe: matrix, gray: siliceous aggregates, light green: limestone aggregates.

Figure 4

 4 Figure 4.20: Simulated fracture propagation in the test B: the first column -𝑡 = 0.48, second -𝑡 = 0.5, third -𝑡 = 0.58, fourth -XCT scan at 𝑡 = 1.0. Top row: cross-section at 𝑥 = 0.46 mm depth, middle row: 𝑥 = 2.57 mm, bottom row: 𝑥 = 4.82 mm. The final displacement field corresponds arbitrarily to time 𝑡 = 1.0. Gray wireframe: matrix, gray: siliceous aggregates, light green: limestone aggregates.

  Figure 4.21: Prediction of fracture propagation at 𝑡 = 0.625: (a) 𝐸 𝑖 = 1000 GPa, (b) 𝐸 𝑖 = 𝐸 𝑎𝑔,𝑆𝑖 = 70.0 GPa, (c) 𝐸 𝑖 = 𝐸 𝑚 = 13.3 GPa, (d) 𝐸 𝑖 ≈ 𝐸 𝑚 = 7 GPa, (e) XCT scan at 𝑡 = 1.0. Cross-section at 𝑥 = 2.57 mm depth. Gray wireframe: matrix, gray: siliceous aggregates, light green: limestone aggregates. The final displacement field corresponds to time 𝑡 = 1.0.

Figure 4 .

 4 Figure 4.22: Numerical force-CMOD curves simulated with the PFM (𝐺 𝑓 ,𝑚 = 30.0 N/m, ℓ 𝑚 = 80 µm) and undamaged cohesive interfaces with different stiffness.

1

  -20 N/m and 1 -20 MPa, respectively. The simulated damage fields are shown in Figure 4.23 and the corresponding force-CMOD curves in Figure 4.24. If sufficiently high fracture properties were attributed (i.e., 𝑓 𝑡 ,𝑖 ≥ 20 MPa and 𝐺 𝑓 ,𝑖 ≥ 20 N/m), the interfaces located far from the crack propagation zone did not undergo significant degradation (Figure 4.23(a)). ITZ debonding occurred only in the immediate vicinity of the diffuse damaged zone, which, in turn, facilitated crack propagation. In test A, compliant interfaces with high fracture properties resulted in a vertical flat fracture surface.

  Figure 4.23: Damage fields with compliant and damageable interfaces 𝐸 𝑖 = 7 GPa. (a) 𝑓 𝑡 ,𝑖 = 20 MPa, 𝐺 𝑓 ,𝑖 = 20 N/m. (b) 𝑓 𝑡 ,𝑖 = 10 MPa, 𝐺 𝑓 ,𝑖 = 10 N/m. (c) 𝑓 𝑡 ,𝑖 = 5 MPa, 𝐺 𝑓 ,𝑖 = 5 N/m. (d) 𝑓 𝑡 ,𝑖 = 1 MPa, 𝐺 𝑓 ,𝑖 = 1 N/m, (e) XCT scan. Cross-section at 𝑥 = 2.57 mm depth. Gray wireframe: siliceous aggregates, light green wireframe: limestone aggregates.

Figure 4 .

 4 Figure 4.24: Force-CMOD curves simulated with the PFM (𝐺 𝑓 ,𝑚 = 30.0 N/m, ℓ 𝑚 = 80 µm) and damageable compliant interfaces (𝐸 𝑖 = 7 GPa) with different fracture properties.

  GPa). The fracture energy and tensile strength were varied in the ranges of 5 -30 N/m and 5 -30 MPa, respectively. In all performed runs, the simulations suffered from convergence problems at different stages of crack propagation. The damage fields obtained at the last converged time steps are reported in Figure4.26. When lower fracture properties were attributed (i.e., 𝑓 𝑡 ,𝑖 ≤ 10 MPa and 𝐺 𝑓 ,𝑖 ≤ 10 N/m), divergence in the calculations occurred at earlier stages of crack propagation. In other cases ( 𝑓 𝑡 ,𝑖 > 10 MPa, 𝐺 𝑓 ,𝑖 > 10 N/m), the crack could propagate farther, and it was observed that it was growing in the vertical direction. A similar fracture path was modeled in the previous section with compliant interfaces (Figure4.23).

  Figure 4.26: Damage patterns with rigid interfaces. (a-c) 𝐸 𝑖 = 1000 GPa. (a) 𝑓 𝑡 ,𝑖 = 30 MPa, 𝐺 𝑓 ,𝑖 = 30 N/m. (b) 𝑓 𝑡 ,𝑖 = 20 MPa, 𝐺 𝑓 ,𝑖 = 20 N/m. (c) 𝑓 𝑡 ,𝑖 = 5 MPa, 𝐺 𝑓 ,𝑖 = 5 N/m. (d) 𝐸 𝑖 = 150 GPa, 𝑓 𝑡 ,𝑖 = 10 MPa, 𝐺 𝑓 ,𝑖 = 10 N/m. Cross-section at 𝑥 = 2.57 mm depth. Gray wireframe: siliceous aggregates, light green wireframe: limestone aggregates.

Figure 4 .

 4 Figure 4.27: Numerical force-CMOD curves simulated with the PFM (𝐺 𝑓 ,𝑚 = 30.0 N/m, ℓ 𝑚 = 80 µm) and rigid interfaces (𝐸 𝑖 = 1000 GPa) with different fracture properties

  (a),(b)).

Figure 4

 4 Figure 4.28: Damage pattern for test B. (a) Perfectly bonded interfaces. (b-d) 𝐸 𝑖 = 7 GPa. (b) 𝑓 𝑡 ,𝑖 = ∞ and 𝐺 𝑓 ,𝑖 = ∞. (c) 𝑓 𝑡 ,𝑖 = 20 MPa and 𝐺 𝑓 ,𝑖 = 20 N/m. (d) 𝑓 𝑡 ,𝑖 = 5 MPa and 𝐺 𝑓 ,𝑖 = 5 N/m. Cross-section at 𝑥 = 2.57 mm depth. Gray wireframe: siliceous aggregates, light green wireframe: limestone aggregates.

Figure 4 .

 4 Figure 4.29: Numerical force-CMOD curves (test B) simulated with the PFM (𝐺 𝑓 ,𝑚 = 30.0 N/m, ℓ 𝑚 = 80 µm) and compliant interfaces (𝐸 𝑖 = 7 GPa) with different fracture properties.

Figure 5

 5 Figure 5.1: Schematic outline of the numerical approach for creep/damage/drying coupling at the mesoscale (damage maps in the figure are illustrative).

  the compliance function, 𝑅 0 the relaxation function, 𝜏 = 𝜂 𝐸 the characteristic time, 𝜂 the dashpot viscosity, 𝑡 0 the age at loading in a creep test, 𝐸 0 the asymptotic elastic modulus (the material stiffness for extremely fast deformations)

  components based on associated physical mechanisms. The spherical component of creep strains was associated with water motion in capillary pores (reversible) and intrinsic porosity (irreversible). The deviatoric component represented the reversible and irreversible sliding of C-S-H sheets. The poromechanical creep model proposed by Sellier et al. (2016) suggested a different form of decomposition of delayed strains

Figure 5

 5 Figure 5.2: Rheological model for the poromechanical creep model (reproduced from Sellier et al. (2016))

Chapter 5 .

 5 Numerical study of the influence of mesoscopic damage on the creep rate in a heterogeneous material variable 𝑑. The nonlinear function 𝜁 (𝑑) should be calibrated based on short-term creep tests at high stresses. This approach could reproduce the material degradation (damage parameters evolution) (Figure 5.3(a)) and nonlinear creep strains under medium to high stresses (Figure 5.3(b)).

  Figure 5.3: Numerical predictions of nonlinear creep/damage model proposed in (Mazzotti et al., 2001; Mazzotti and Savoia, 2003): (a) damage evolution as a function of stress level and (b) comparison of nonlinear creep strain predictions with the experimental evidence from Roll (1964) (reproduced from Mazzotti and Savoia (2003)).

  Figure 5.4: (a) Specific creep amplification 𝐶 𝑀 as a function of 𝜎/ 𝑓 𝑐 , (b) comparison of poromechanical creep model predictions with the experimental evidence from Roll (1964) (reproduced from Sellier et al. (2016))

Figure 5 . 5 :

 55 Figure 5.5: Rheological drawing of nonlinear Burger model for basic creep (after Bottoni (2018)).

(

  Spherical and deviatoric basic creep strains were modeled with a series combination of Kelvin-Voigt and Maxwell chains with nonlinear viscosity. The Kelvin-Voigt chain models reversible creep, and the Maxwell chain irreversible long-term creep [•] 𝑟 denotes the reversible part, and [•] 𝑖𝑟 the irreversible part of the basic creep strain. The reversible spherical basic creep strains are described as ℎ • 𝜎 𝑠 = 𝑘 𝑠 𝑟 𝜖 𝑏𝑐,𝑠 𝑟 + 𝜂 𝑠 𝑟 𝜖 𝑏𝑐,𝑠 𝑟 (5.27) Chapter 5. Numerical study of the influence of mesoscopic damage on the creep rate in a heterogeneous material where 𝑘 𝑠 𝑟 is the bulk modulus, and 𝜂 𝑠 𝑟 the viscosity (dashpot) of the Kelvin-Voigt chain associated with spherical reversible basic creep. The irreversible spherical basic creep strains are formulated as ℎ • 𝜎 𝑠 = 𝜂 𝑠 𝑖𝑟 𝜖 𝑏𝑐,𝑠 𝑖𝑟 (5.28) where 𝜂 𝑠 𝑖𝑟 is the viscosity (dashpot) of the Maxwell chain associated with spherical irreversible basic creep. The reversible deviatoric basic creep equation reads ℎ • 𝝈 𝑑 = 𝑘 𝑑 𝑟 𝝐 𝑏𝑐,𝑑 𝑟 + 𝜂 𝑑 𝑟 𝝐 𝑏𝑐,𝑑 𝑟 (5.29) where 𝑘 𝑑 𝑟 is the modulus of rigidity, and 𝜂 𝑑 𝑟 the viscosity (dashpot) of the Kelvin-Voigt chain associated with deviatoric reversible basic creep. The irreversible deviatoric basic creep equation reads ℎ • 𝝈 𝑑 = 𝜂 𝑑 𝑖𝑟 𝝐 𝑏𝑐,𝑑 𝑖𝑟 (5.30)

Figure 5 . 6 :

 56 Figure 5.6: Comparison of identified creep model with experimental data. (a) Axial and (b) lateral basic creep strains.

  Figure 5.7: 3D realistic FE meshes of mortar. (a) 1 mm 3 in volume, (b) 27 mm 3 in volume.

  Figure 5.8: (a) Axial specific basic creep strains simulated on realistic image-based mortar microstructures (see Figure 5.7) and (b) corresponding histories of average stresses in the matrix and aggregates.

Figure 5

 5 Figure 5.9: (a)-(f) Examples of surface meshes of sand inclusions segmented from µCT image (see Section 3.2.2) and used for microstructure generation.

  and shape), namely, differently distributed within the volume. The geometry and mesh generation were performed with the open-source python library Combs[START_REF] Bourcier | Combs: open source python library for RVE generation. Application to microscale diffusion simulations in cementitious materials[END_REF] based on the tools of the Salome ® platform. An example of generated mesh with VF = 46.3% is shown in Figure5.10(a).

  Figure 5.10: (a) Mesh-64mm3-VF46, (b) distribution of inclusion volumes in Mesh-64mm3-VF46.

  Figure 5.11: (a) Axial specific basic creep strains simulated on generated mortar microstructures with PBCs and (b) corresponding histories of average axial stresses in the matrix and aggregates.

Figure 5

 5 Figure 5.12: (a) Comparison of specific creep strains with different VFs at given time instances. (b) Simulated specific creep strains with various mesh sizes.

  Figure 5.13: (a) Stress-strain curves for uniaxial tensile creep simulations with different fracture energies (ℓ 𝑚 = 90 µm). (b) Consolidation effect of nonlinear Burger model demonstrated on specific creep strain curves at different sustained stresses.

Figure 5

 5 Figure 5.14: (a) -(d) Damage maps in tensile creep simulations at 𝑡 = 115 days: (a) 𝜎 = 60% 𝑓 𝑡 , (b) 𝜎 = 70% 𝑓 𝑡 , (c) 𝜎 = 80% 𝑓 𝑡 , (d) 𝜎 = 89% 𝑓 𝑡 at 𝑡 = 75 days (last time step before failure). (e) Damage map of the uniaxial tensile simulation.

  Figure 5.15: Tensile creep simulation results. (a) Specific creep strains, (b) creep nonlinearity coefficient.

Figure 5 .

 5 Figure 5.16: Tensile creep simulation results. (a) Ratio of average stresses in the matrix on total stress , (b) elastic and creep strains in the matrix for 𝜎 = 89% 𝑓 𝑡 .

  Figure 5.17: Uniaxial compressive simulations on the mesh with VF = 46% with PFM (𝐺 𝑓 ,𝑚 = 0.5 N/m, ℓ 𝑚 = 90 µm). (a) Stress-strain curve. (b) Degraded tangent elastic modulus.

  Figure 5.18: Damage maps for top row: 𝜎 30 = 13.5 MPa; bottom row: 𝜎 60 = 27.0 MPa. Left column: 𝑡 = 1 s (after load application); right column: 𝑡 = 208 days of sustained load.

  Figure 5.22: Histories of (a) the effective creep Poisson's ratio and (b) the average damage in the matrix in compressive creep simulations.

  3 and Figure 5.7(a)). Then, the creep nonlinearity due to ITZ debonding was assessed on generated meshes with varying aggregate volume fractions (see Table 5.5 and Figure 5.10). The ITZ thickness and Poisson's ratio were taken from the Section 4.3.2 as ℎ 𝑖 = 20 µm and 𝜈 𝑖 = 0.25. The elastic shear modulus of the interphase 𝜇 𝑖 was estimated as 𝐸 𝑖 /(2(1 + 𝜈 𝑖 ). This choice of parameters gives the relationship between the tensile strength in normal and tangential directions as 𝑡 𝑚𝑎𝑥 𝑡 = 0.575 𝑓 𝑡 .

  e., simplifying the CZM model into an LSM model). The elastic modulus was varied (i.e., 𝐸 𝑖 = 7 -70 GPa), and in one case the interface thickness was set to ℎ 𝑖 ≈ 0 µm to prevent the interface deformations and to approximate it to perfectly bonded. The specific creep strains and average axial stress in the matrix are shown in Figure 5.23. The introduction of imperfect interfaces gives an increased creep rate in comparison to perfectly bonded matrix and inclusions (Figure 5.23(a)). Interestingly, even if the interface

  Figure 5.23: (a) Specific creep strains and (b) axial stresses in the matrix simulated with different interface stiffnesses.

  Figure 5.24: (a) Interface damage index histories during creep simulations, (b) specific axial creep strains and (c) effective creep Poisson's ratio simulated with different interface fracture properties.

  Figure 5.25: (a) Ratio of average stresses in the matrix in damaged and undamaged samples. (b) Creep nonlinearity coefficient for different aggregate volume fractions. (c) Amplification of specific creep strain in damaged samples.

Figure 5 .

 5 Figure 5.26: Specific creep strains of damaged and undamaged samples and creep nonlinearity coefficient (orange dashed lines) simulated on samples with (a) VF = 40%, (b) VF = 42.5%, (c) VF = 46.3%.

( 2021 )

 2021 Figure 5.27: (a) Mesh for mass loss simulations. (b) Mass loss prediction for 𝐾 0 = 8.0 -23 m 2 .

ℎ

  Figure 5.28: (a) Heterogeneous mesh for drying simulations with a surface layer. (b) Mass loss predictions in the matrix for different meshes.

  Figure 5.29: Drying shrinkage of numerical mortar. (a) 𝑘 𝑠ℎ = 8.6 • 10 -3 (m/m)/%RH, 𝜂 𝑑𝑐 = inf Pa.s, (b) 𝑘 𝑠ℎ = 8.6 • 10 -3 (m/m)/%RH, 𝜂 𝑑𝑐 = 1.5 • 10 9 Pa.s. (c) Stress histories in the matrix subjected to drying shrinkage, basic creep and drying creep.

  Figure 5.30: Damage maps during drying shrinkage simulations; first column 𝑡 = 1.7 days, second column 𝑡 = 260 days. First row -damage description with PFM: (a) -(b) 𝐺 𝑓 ,𝑚 = 15 N/m. Second and third rows -damage description at ITZs with CZM: (c)-(d) 𝑓 𝑡 ,𝑖 = 5 MPa, 𝐺 𝑓 ,𝑖 = 5 N/m, (e)-(f) 𝑓 𝑡 ,𝑖 = 3 MPa,𝐺 𝑓 ,𝑖 = 3 N/m.

  Figure 5.31: Damage simulations of drying shrinkage: (a) drying shrinkage strains and (b) average stresses in the matrix in drying direction.

  Figure 5.32: (a) Stress histories in the matrix during drying shrinkage and drying creep simulations, (b) numerical and experimental total delayed strain of mortar under drying at 70%RH and uniaxial compression at 30% 𝑓 𝑐 , (c) basic creep strains at 30% 𝑓 𝑐 simulated with different BCs.

Figure 5

 5 Figure 5.33: Damage maps obtained with PFM at different times for drying creep at 70%RH and 30% 𝑓 𝑐 . First column -𝐺 𝑓 ,𝑚 = 30 N/m: (a) 𝑡 = 0.44 day, (c) 𝑡 = 1.7 days, (e) 𝑡 = 260 days; second column -𝐺 𝑓 ,𝑚 = 2 N/m: (b) 𝑡 = 1.7 days, (d) 𝑡 = 6.2 days, (f) 𝑡 = 260 days.

Figure 5 .

 5 Figure 5.34: Drying creep modeling with PFM damage model (70%RH, 30% 𝑓 𝑐 ). Total delayed strains of damaged and undamaged samples compared to experimental data

Figure 5

 5 Figure 5.35: Drying creep (70%RH, 30% 𝑓 𝑐 ) with the CZM damage model applied at ITZs: (a) interface damage index, (b) total delayed strains of damaged and undamaged samples compared to experimental data

I.

  The experimental campaign of macroscopic compressive creep tests was designed to investigate and decouple the influence of several factors on the creep behavior. The results of creep tests exhibited differences in the viscous response for homogeneous and heterogeneous cementitious materials depending on their hydric state, applied loading and water exchange. The creep nonlinearity ratio (𝐾 𝑛𝑜𝑛𝑙 ) was estimated as the ratio of the specific creep strains measured at 30% 𝑓 𝑐 (no damage) and 60% 𝑓 𝑐 (damaged) stresses. The following observations were made:a. Basic creep in the saturated state (≈100%) RHThe hardened cement paste exhibited nonlinear creep in the range of stresses up to 60% 𝑓 𝑐 after load application until ≈1-day of loading (𝐾 𝑛𝑜𝑛𝑙 = 1.8). After 1 day, the material showed no pronounced creep nonlinearity. The ratio between creep strains developed after 1 day at 30% 𝑓 𝑐 and 60% 𝑓 𝑐 decreased down 𝐾 𝑛𝑜𝑛𝑙 = 1.17 after 180 days of testing. It was concluded that the basic creep strains of a saturated cement paste were linear in the medium-term in the range of stresses up to 60% 𝒇 𝒄 . In turn, mortar exhibited a nonlinear response from 30% 𝑓 𝑐 to 60% 𝑓 𝑐 . At the beginning of the test the creep nonlinearity was estimated at 2.3, which reduced down to 1.5 after 70 days. Based on these facts, it was hypothesized that the nonlinearity of saturated mortar was due to microcracking accumulation mainly at aggregate-matrix interfaces.b. Basic creep in the pre-dried state at 70%RHThe creep responses of both materials were significantly different. The basic creep strains of HCP pre-dried at 70% RH was reduced by ≈45-55% at low stresses and by ≈40% at medium stresses compared to the water-saturated material. Moreover, pre-dried HCP exhibited a significant nonlinearity from 30% 𝑓 𝑐 to 60% 𝑓 𝑐 levels (𝐾 𝑛𝑜𝑛𝑙 = 2.3 at the beginning of the test, which decreased to 1.6 after 220 days). The basic creep rate of mortar in the pre-dried state (25 (µm/m)/MPa at 30% 𝑓 𝑐 and 36 (µm/m)/MPa at 60% 𝑓 𝑐 after 70 days) was not reduced compared to the saturated state (20 (µm/m)/MPa at 30% 𝑓 𝑐 and 25 (µm/m)/MPa at 60% 𝑓 𝑐 after 70 days). In both states, mortar exhibited similar levels of basic creep nonlinearity at medium stresses (𝐾 𝑛𝑜𝑛𝑙 = 1.5 after 70 days in a saturated state, and 𝐾 𝑛𝑜𝑛𝑙 = 1.4 after 140 days in a pre-dried state). Thus, microstructural changes in HCP induced by water loss and shrinkage i) increased the creep strains in pre-dried mortar in comparison to the water-saturated material in the stress range up to 60% 𝒇 𝒄 , ii) increased the creep nonlinearity in the pre-dried cement paste at 60% 𝒇 𝒄 in comparison to the water-saturated state.c. Drying creep at 70%RHBoth materials showed nonlinear creep strains in the presence of drying (HCP: 𝐾 𝑛𝑜𝑛𝑙 = 2.2 -1.1, mortar:

III.

  Mesoscale modeling of the damage effect on basic and drying creep of mortar (a) Basic creep (no damage)Simulations were run on image-based and artificially generated meshes of mortar. The viscous flow in the cementitious matrix was described with the nonlinear Burger model, which was calibrated on experimental data.Image-based meshes had a reduced aggregate volume fraction (26.0% -28.8%) in comparison to real mortar (48.7%) as the fine sand particles with diameter <≈200 µm could not be accurately segmented on µCT scans, and were attributed to the matrix. It resulted in significant deviations from the experiment. The generated meshes with volume fractions close to real values (38% -46.3%) were generated with inclusions obtained via µCT.These new specific creep predictions as well as experimental data were observed to follow the same linear dependence on the aggregate volume fraction at medium-term. It was concluded that the cementitious matrix behavior, calibrated based on basic creep tests at low stresses on HCP, and heterogeneous meshes with realistic aggregate shapes, consistent volume fractions and size distributions could reproduce the basic creep strains of mortar in accordance with experimental evidence. (b) Basic creep with bulk damage (phase-field approach)The phase-field model for brittle materials was formulated for tensile damage and proved its efficiency. However, the model did not include a damage criterion for compressive (shear) failure. It caused difficulties in modeling realistic damage under uniaxial compression in mortar and compressive creep/damage simulations. Conversely, tensile creep simulations proved the ability of coupled creep/damage model to predict damage growth and even failure under sustained load (i.e., tertiary creep). In other cases, both tensile and compressive creep simulations were showing creep nonlinearity levels much lower (𝐾 𝑛𝑜𝑛𝑙 = 1.05 -1.2) than the experimental levels (𝐾 𝑛𝑜𝑛𝑙 > 1.5). Therefore, creep nonlinearity could not be fully reproduced only with the elastic strain growth due to damage propagation.(c) Basic creep with imperfect interfaces and interfacial damage (cohesive zone approach)

( d )

 d Drying shrinkage and drying creep Drying was added to creep simulations with the model based on Richard's equation. Drying shrinkage and creep of mortar were simulated with the parameters calibrated on the cement paste. Drying shrinkage predictions with no creep were in agreement with experimental data. If creep was "activated" in free-load drying states, the numerical results significantly underestimated the experimental observations. The numerical drying creep strains of mortar at low stresses were reduced in comparison to the experiments. The introduction of damage increased the drying creep rate, but the predictions still underestimated the drying creep strains in the medium-term.

Figure

  Figure A.3: Cement paste specimens after rupture: (a) normal size (Test 1), (b)-(c) reduced size (Test 2).

  Figure B.14: Load sensitivities to the three considered parameters for 𝜖 = 1% variation. The first dashed line depicts the pre-peak part (i.e., elastic regime prior to image #287), the second defines the first step of crack initiation (i.e., at image #325), and the third delimits the series of images used in the first step of the CZM calibration (i.e., image #350)

  Figure B.15(a). When diagonalized (Figure B.15(b)), it was concluded that the condition number was of the order of 200, and all eigen values were very large in comparison to zero.

  Figure B.15: (a) Decimal logarithm of the absolute Hessian [H] (expressed in (N/𝜖) 2 ) for 𝜖 = 1% variation. (b) Decimal logarithm of diagonalized Hessian (expressed in (N/𝜖) 2 ), and (c) corresponding eigen vectors

  

  

  

  

  

  

  

  

  

  

  

Table 2 .

 2 2: Experimental plan.

	Stress level in uniaxial compression

Drying creep 100%RH → drying → 70%RH Cement paste Mortar Cement paste Mortar

One sample of mortar and HCP were tested for each combination of hydromechanical loadings (Table

2

.2).

Table 2

 2 

.3.

Chapter 2. Experimental study of delayed strains in cement paste and mortar at the macroscale

Table 2 .

 2 3: Material constituents.

	Constituents	Proportion, kg Density, kg/m3
	Mortar:		
	Cement CEM I 52.5 N CE CP2 NF Gaurain	320	3100
	Sand 0/4 REC LGP1 thresholded to 2 mm	680.6	2600
	Sikaplast Techno 80	2.6	1060
	Addition water	169.8	1000
	Total water	171.8	1000
	Cement paste:		
	Cement CEM I 52.5 N CE CP2 NF Gaurain	320	3100
	Total water	167.9	1000

Cement paste and mortar batches were prepared according to the fabrication protocols of Table

2

.4. It was intended to use the minimum number of different batches in this campaign in order to minimize batch-to-batch variability. All mortar specimens

Table 2 .

 2 

Table 2

 2 

	Saturated saline solution	Air humidity, %
	Barium chloride (BaCl 2 )	93
	Potassium bromide (KBr)	83
	Strontium chloride (SrCl 2 )	70
	Potassium iodide (KI)	

.5: Saturated saline solutions used in a pre-drying procedure.

Table 2 .6: Specimen characteristics and testing conditions. Material Specimen designation Diameter, mm Height, mm Mass, g Age of loading Compressive strength at 90 days 𝒇 90 𝒄 , MPa Loading, MPa Material RH, % (approximate) Test duration, days Cement paste

 2 

		B-100%-C-0.3fc 30.6 61.4	84.24	183 days		0.3 𝑓 90 𝑐 = 9.6	100%	202
		B-100%-C-0.6fc 30.6 61.1	83.95			0.6 𝑓 90 𝑐 = 19.2
		B-70%-C-0.3fc	30.6 62.7	81.43			0.3 𝑓 90 𝑐 = 9.6
		B-70%-C-0.6fc	30.6 63.48 80.83	681 days		0.6 𝑓 90 𝑐 = 19.2	70%	221
		B-70%-C-CS1	30.5 64.25 81.72		31.97	0
		B-70%-C-CS2	30.6 63.48 80.53			0
		D-70%-C-0.3fc	30.6 62.37 84.63			0.3 𝑓 90 𝑐 = 9.6
		D-70%-C-0.6fc	30.6 62.55 85.46	110 days		0.6 𝑓 90 𝑐 = 19.2	100% → 70% 170
		D-70%-C-S	30.6 63.7	87.55			0
		B-100%-M-0.3fc 30.6 64.1 104.50	157 days		0.3 𝑓 90 𝑐 = 13.4	100%	70
		B-100%-M-0.6fc 30.6 63.8 104.17			0.6 𝑓 90 𝑐 = 26.8
		B-70%-M-0.3fc 30.6 62.78 99.04			0.3 𝑓 90 𝑐 = 13.4
	Mortar	B-70%-M-0.6fc 30.6 62.23 100.53 B-70%-M-CS1 30.6 63.7 101.39	411 days	44.63	0.6 𝑓 90 𝑐 = 26.8 0	70%	153
		B-70%-M-CS2	30.6 60.63 96.69			0
		D-70%-M-0.3fc 30.6 63.98 104.62			0.3 𝑓 90 𝑐 = 13.4
		D-70%-M-0.6fc 30.7 63.90 105.40	461 days		0.6 𝑓 90 𝑐 = 26.8	100% → 70% 232
		D-70%-M-DS	30.6 63.53 104.32			0
		D-70%-M-ML	30.6 62.45 101.73			0
	The loading was applied by a hydraulic intensifier system where the pressure level was controlled by a dead weight (Fig-
	ures 2.19(c),(d) -2.20(c),(d), C.1(c),(d) -C.4(c),(d)). Before starting the test, the specimens were monitored for swelling
	and shrinkage for several days, and then preloaded with ≈1 kN force. Afterwards, the remainder of the loading was applied
	instantaneously. The load level was not actively regulated, therefore it was weakly dependent on the temperature in the testing

  The drying creep test on HCP included only one control specimen for Chapter 2. Experimental study of delayed strains in cement paste and mortar at the macroscale drying shrinkage measurements. In the drying creep test of mortar, a control sample for simultaneous mass loss measurements was added (Table2.6). Mass loss measurements were performed automatically and continuously during the test with no manual intrusion with a Mettler Toledo ® PR503 scale. For the loaded specimens, three gauges with angle 120°and two with angle 120°p er axial and radial directions respectively were used. The control specimens for drying shrinkage were instrumented with two axial strain gauges with angle 180°. The applied stress histories during drying creep tests on the cement paste and mortar are presented in Figures 2.20

Table 2

 2 

	.7. Overall, weight losses were

Specimen Initial mass, g Mass loss, g Relative mass loss, %

  The axial and transverse specific creep strain for low and medium stress levels are presented in Figure2.28. The nonlinearity ratio for axial strain started around 2.0 at the beginning of the test and then gradually decreased. At the end of the test, 𝐾 𝑛𝑜𝑛𝑙

	B-70%-C-0.3fc	81.43	-0.213	-0.26
	B-70%-C-0.6fc	80.83	-0.239	-0.30
	B-70%-C-CS1	81.72	-0.152	-0.19
	B-70%-C-CS2	80.53	-0.188	-0.23

approached 1.57 (Figure 2.28(a)).

  The effective creep Poisson's ratio was estimated in the beginning of the test to 0.16 for the 60% 𝑓 𝑐 loaded sample, and 0.14 for the 30% 𝑓 𝑐 loaded sample (Figure2.29). During the test, the ratio for the 60% 𝑓 𝑐 stress is decreasing and for the 30% 𝑓 𝑐 loaded sample is increasing. The effective creep Poisson's ratio remained less than the elastic Poisson's ratio value measured during loading for both samples. Based on the evidence from transverse specific creep and effective Poisson's ratio, lateral creep strains

Table 2 .

 2 8: Mass loss measured after basic creep tests on pre-dried mortar specimens.

Specimen Initial mass, g Mass loss, g Relative mass loss, % Remarks

  

	B-70%-M-0.3fc	99.04	0.098	0.10	Immediately after testing, it was
					kept at 70% RH
	B-70%-M-0.6fc	100.53	0.14	0.14	Immediately after testing, it was
					kept at 70% RH
	B-70%-M-CS1	101.39	0.679	0.67	After testing, it was kept at ambient
					air humidity (≈50% RH) for
					approx. 100 days.
	B-70%-M-CS2	96.69	0.152	0.16	Immediately after testing, it was
					kept at 70% RH

Table 2 .

 2 9: Mass loss during drying creep tests on HCP and mortar.

	Specimen	Initial mass, g Mass loss, g Relative mass loss, %
			Cement paste	
	D-70%-C-0.3fc	84.63	-5.80	-6.85
	D-70%-C-0.6fc	85.46	-6.27	-7.33
	D-70%-C-DS	87.55	-5.81	-6.64
			Mortar	
	D-70%-M-0.3fc	104.62	-2.30	-2.20
	D-70%-M-0.6fc	105.40	-2.83	-2.69
	D-70%-M-DS	104.32	-2.51	-2.41
	D-70%-M-ML	101.62	-2.85	-2.81

The axial specific creep strains of cement paste and mortar in drying and basic creep are reported in Figure

2

.33. At the very beginning of the test, positive strains were observed on axial

(Figures 2.33 

Table 2 .

 2 10: Mass loss during drying test of HCP.

	Specimen	Age,

day Diameter, mm Height, mm Initial mass, g Mass loss, g Relative mass loss, %

  

	ML-70%-C	590	30.7	65.13	89.62	-5.86	-6.54
	DS-70%-C		30.7	64.82	89.16	-5.57	-6.25

Table 2 .

 2 11: Compression tests results on intact specimens (Average±Standard error).

	Properties	100%RH, 28 d 100%RH, 90 d 100%RH, 2 years 70%RH, 2 years
			Cement paste		
	Elastic modulus, GPa	11.7±0.2	13.2±0.1	15.0±0.2	12.0±0.4
	Compressive strength, MPa	32.5±0.3	32.0±0.8	33.7±0.9	39.9±0.5
	Poisson's ratio, -	0.26±0.01		0.22±0.01	0.20±0.01
			Mortar		
	Elastic modulus, GPa	29.0±0.01	29.5±0.1	31.7±0.6	30.9±0.4
	Compressive strength, MPa	40.6±0.3	44.7±0.6	49.7±1.3	55.9 ±0.8

  Chapter 3. Damage quantification via Digital Volume Correlation with heterogeneous mechanical regularization: application to an in situ meso-flexural test on mortar field. In finite-element techniques, a region of interest (ROI) is divided into finite elements connected via nodes. The global DVC can be enhanced with regularization techniques

al., 2008)

; the registrations are performed at the level of the whole region of interest (global methods). The main difference of subset-based local and global algorithms is that in the first ones, the displacements of calculation points are followed independently with no continuity constraints applied to the global displacement

  . The study of damage development was possible by analyzing displacement or strain fields as they normally indicate crack locations (Hild et al., 2015) respectively as discontinuities or high values. Another way of displaying crack networks was via residual fields measured with global FE-DVC, which are the difference images between the reference volume and the deformed volume corrected with the measured displacement field (

Table 3

 3 

	Parameters	High Quality Scan	In situ Scan
	CT device	GE Phoenix v|tome|x M
	Target	high-flux|target
	Filter	0.1 mm Cu
	Voltage	180 kV	200 kV
	Current	57 µA	90 µA
	Tube to detector	807.3 mm
	Tube to object	21.5 mm	35.5 mm
	Detector	GE Dynamic 41|100
	Definition	1992 × 2000 (2 × 2 binning)
	Number of projections	2500	1600
	Angular amplitude	360°F
	rame average	5 per projection	3 per projection
		61	

.1: DVC hardware parameters.

Table 3

 3 

	.1 -continued from previous page	
	Frame rate	2 fps	3 fps
	Acquisition duration	2.5 h	45 min
	Gray Level amplitude	14 bit (16 bit format)
	Pixel size	5.3 µm	8.8 µm
	Avizo		

® data visualization and analysis software was used for further image processing. After mechanical testing (see later,

Table 3 .

 3 2: Characteristics of the phases in the mesh. The physical size of one voxel is 8.8 µm.

		Aggregates	Matrix Interphase Bulk matrix
	Elements	74,120	272,352	134,474	137,878
	Nodes	7,863	-	16,232	39,279
	Volume, vx 3	1.57•10 7	5.50•10 7	2.61•10 7	2.89•10 7
	Volume fraction	22%	78%	37%	41%
	Element size, vx	6	6	6	6
	Young's modulus, GPa	70.0	13.3	13.3	13.3
	Poisson's ratio, -	0.26	0.26	0.26	0.26

Table 3 .

 3 3 gathers the DVC parameters utilized in the following analyses. For the sake of simplicity, ℓ 𝑟 𝑒𝑔 also denotes the regularization length in the matrix phase (i.e., ℓ 𝑚 𝑟 𝑒𝑔 ), if heterogeneous regularization is performed since in the present case, 𝐶 < 1 is very unlikely.

	Table 3.3: DVC analysis parameters.	
	DVC software	Correli 3.0 (Leclerc et al., 2015)
	Image filtering	none
	Element length ℓ (mean) 6 vx (53 µm) in in situ configuration
	Shape functions	linear (4-noded tetrahedra)
	Mesh	see Figure 3.4(b,c)

Table 3 .

 3 5: Damaged zone characteristics.

	Parameters	Total	Bulk matrix Interphases Aggregates
	Number of elements in damaged zone	18,206	8,340	8,329	1,537
	Percentage of elements in damaged zone 100%	46%	46%	8%
	Damaged volume, mm 3	2.42	1.10	1.09	0.23
	Average COD, µm	6.8	6.2	7.3	7.2
	COD standard deviation, µm	4.6	4.2	4.7	5.6

The study thus demonstrated the potential of mechanically regularized FE-DVC enriched with microstructure-based features for the quantification of damage at lower scales.

  The estimation of crack opening displacements and crack morphology was carried out and gave more insight into the damage mechanisms at the mesoscale.Damage quantification showed that the damaged zones corresponding to cracks were approximately equally distributed between bulk matrix and interphases.

It can be concluded that the mechanisms of crack propagation in bulk matrix and at the ITZs are equally important.

  The crack occasionally crossed the aggregates, but this portion of fracture is relatively small.

The crack opening displacements were larger near matrix-aggregate interfaces. Therefore, numerical damage models accounting for the various damage mechanisms discussed herein should be applied to simulate crack propagation.

  

Table 4

 4 

	Test	Measured peak	Residual	Corrected peak	Corrected flexural
		force, N	force, N	force, N	strength, MPa
	A	28.4	7.5	20.9	8.1
	B	29.6	1.8	27.8	9.1

.1), which is higher than the tensile strength of standard VeRCoRs mortar 6.6 MPa (S/C = 2.127) measured by Brazilian tests on 30-mm in diameter disks

(Table A.5

). Table

4

.1: Experimental peak forces measured in the two meso-flexural tests.

Table 4 .

 4 2: Combined FE mesh characteristics.

	Mesh A	Mesh B

Full mesh dimensions, Width × Height × Length, mm 4.7 × 4.

73 × 13.95 4.51 × 4.84 × 15.31 

Table 4 .

 4 3: DVC software parameters.

		Test A	Test B
	Reconstructed volumes	
	Voxel size, µm	17.6	17.6
	Dynamic range	16 bits	16 bits
		DVC meshes	
	Dimensions, vx	323 × 311 × 888 325 × 338 × 907
	Number of elements	186 × 10 3	199 × 10 3
	Mean element size, vx	7	7
	Uncertainty		

quantification (ℓ 𝒓𝒆𝒈 = 30 vx) RMS residual, gray level 1364 1422 Displacement noise floor, µm

  

		0.6	2.2
		DVC (ℓ 𝒓𝒆𝒈 = 30 vx)	
	RMS residual, gray level	1475	1699

Table 4

 4 

	.4.			
	Table 4.4: Average displacements of nodes belonging to different contact zones.	
	BCs	Support contact line 1	Support contact line 2	Central contact line
	Test A	28.0±0.7 µm	30.2±0.7 µm	16.8±0.3 µm
	Test B	49.8±0.4 µm	52.9±0.9 µm	31.6±0.4 µm

  .13). Identification of mesoscale fracture properties based on in situ flexural test When the interphase is thin and compliant with respect to inclusion, and satisfies the conditions ℎ 𝑖 𝑅 𝑎𝑔 , 𝐸 𝑖 𝐸 𝑎𝑔 , 𝜇 𝑖 𝜇 𝑎𝑔 (4.23)

	Chapter 4.
	96

  𝑐 is an equivalent traction, 𝜆 0 the yield traction, 𝑓 𝑡 the tensile strength, and 𝐺 𝑓 the fracture energy. The potential Φ of the deformed body ℬ 𝑡 reads

					29)
	𝑓 𝑡 exp -	𝑓 𝑡 (𝜆 𝑖 -𝜆 0 )	otherwise	(4.30)
		𝐺 𝑓		
	where 𝜎 Φ =	∫	𝜎 𝑐 (𝜆 𝑖 )𝑑ℬ 𝑡	(4.31)
		ℬ 𝑡			
	The traction 𝒕 𝑡 𝑐𝑛 =	𝜕Φ	= 𝜎 𝑐 (𝜆 𝑖 )	𝑢 𝑛	(4.33)
		𝜕𝑢 𝑛		𝜆 𝑖	
	and				
	𝑡 𝑐𝑡 ,𝑖 =	𝜕Φ			
	𝜕𝑢 𝑡 ,𝑖			

𝒄 consists of normal 𝑡 𝑐𝑛 and tangential 𝑡 𝑐𝑡 ,𝑖 components

{𝒕 𝒄 } = {𝑡 𝑐𝑛 𝑡 𝑐𝑡 ,1 𝑡 𝑐𝑡 ,2 } (4.32)

that are formulated as partial derivatives of the potential Φ with respect to normal and tangential displacement jumps = 𝜎 𝑐 (𝜆 𝑖 ) 𝑢 𝑡 ,𝑖 𝛿 𝑡 𝜆 𝑖

  Chapter 4. Identification of mesoscale fracture properties based on in situ flexural test Equations (4.29)-(4.30) only apply in mode I opening (i.e., 𝑢 𝑛 > 0). To simulate crack closure with restoration of the load-bearing capacity in normal direction in compression (𝑢 𝑛 < 0), the normal traction becomes

	𝑡 𝑐𝑛 = 𝑘 𝑛 𝑢 𝑛	(4.35)
	The traction-separation law in the normal and tangential directions defined by Equations (4.29), (4.30), (4.33)-(4.35) are
	illustrated in Figure 4.14.	

Table 4 .

 4 5: Models and parameters for the meshed phases.

	Phase	Cementitious	Limestone	Siliceous	Homogeneous
		matrix	aggregates	aggregates	regions
	Constitutive model	Phase Field Model	Linear Elastic Isotropic
	Young's modulus, GPa	𝐸 𝑚 = 13.3	𝐸 𝑎𝑔,𝐶 𝑎 = 50	𝐸 𝑎𝑔,𝑆𝑖 = 70	𝐸 ℎ𝑜𝑚𝑜 = 21

Table 4 .

 4 6: Initial parameters of the cohesive zone model (with no damage).

	Parameter	Interface thickness	Poisson's ratio 𝜈 𝑖	Fracture energy 𝐺 𝑓 ,𝑖	Tensile strength, 𝑓 𝑡 ,𝑖
		ℎ 𝑖 , µm		N/m	MPa
	Value	20	0.25	∞	∞

In Test A, inclusions had a greater impact on the crack path. Therefore, this test was chosen for the initial parametric study

  Two basic configurations are the so-called Kelvin-Voigt model (i.e., parallel coupling) and the Maxwell model (i.e., series coupling). Both models are oversimplifications to describe real viscoelastic responses. Series or parallel couplings of base models derive generalized chains able to recover realistic creep behaviors with non-constant creep rate and relaxation (e.g., generalized Maxwell model, generalized Kelvin-Voigt model, Burgers model). Common models are listed in Table 5.1.

Table 5 .

 5 1: Rheological linear viscoelastic models and corresponding compliance or relaxation functions (reproduced from Bažant

Table 5 .

 5 2: Identified parameters of the Burger model.

Table 5 .

 5 3: Realistic volume mesh characteristics.

	Designation	Volume	Aggregate volume fraction Number of elements	Mean element size, 𝒉 𝒆𝒍
	CT-Mesh-1mm 3	1 mm 3	26.0%	245 • 10 3	1.58 • 10 -2 mm
	CT-Mesh-27mm 3	27 mm 3	28.8%	2.15 • 10 6	2.25 • 10 -2 mm

Table 5 .

 5 4: Model and input parameters for the creep simulations.

	Phase	Constitutive model	E, GPa	𝝂	Creep model parameters
	Matrix	Nonlinear Burger creep model	13.3	0.25	see Table 5.2
	Aggregate	Linear Elastic Isotropic			

Table 5 .

 5 5: Realistic mesh characteristics for four different generated mesostructures.

	Designation	Aggregate	Number of	Max.	Min.	Number of	Mean
		volume	whole	aggregate	aggregate	elements	element size
		fraction	inclusions	diameter,	diameter,		𝒉 𝒆𝒍 , mm
				mm	mm		
	Mesh-64mm3-VF38	38.0%	194	1.05	0.18	6.8 •10 5	4.6 •10 -2
	Mesh-64mm3-VF40	40.0%	211	1.05	0.18	7.0 •10 5	4.5 •10 -2
	Mesh-64mm3-VF43	42.5%	250	1.05	0.18	7.5 •10 5	4.4 •10 -2
	Mesh-64mm3-VF46	46.3%	280	1.07	0.19	7.7 •10 5	4.4 •10 -2

Table 5 . 6 :

 56 Sample stiffness reduction in tensile creep simulations.

	Applied

stress 𝜎 Maximum 𝑑 after loading, - Degraded elastic modulus after loading, GPa Stiffness degradation after loading,% Degraded elastic modulus after unloading, GPa Stiffness degradation after unloading,%

  

	No damage	0.0	27.5	-	27.6	-
	60% 𝑓 𝑡	0.09	26.0	94%	26.3	95%
	70% 𝑓 𝑡	0.14	25.1	91%	25.0	91%
	80% 𝑓 𝑡	0.29	22.5	82%	22.5	82%
	89% 𝑓 𝑡	1.0	18.8	68%	1.2	4%

  2.4 with varying aggregate volume fractions (i.e., VF = 40.0%, 42.5%, 46.3%). The interface thickness was set ℎ 𝑖 ≈ 0 µm based on several observations presented earlier. First, in crack growth calculations, compliant interfaces altered the fracture path in a way that was less consistent with the experiment (see Sections 4.3.2 -4.3.2). Second, the

  ).

	Kelvin's equation was used to calculate the water pressure 𝑃 generated by the relative humidity ℎ	
	𝑃 = 𝜌	𝑅𝑇 0	ln (ℎ)	(5.49)
		𝑀		

Drying shrinkage predictions with no creep contribution was in agreement with the experimental observations. However, if creep was "activated" in free-load drying states, the simulated drying shrinkage strains were significantly lower than the experimental data.

  . The viscous behavior of the ITZs can be introduced in further studies. Drying was added to creep simulations with the model based on Richard's equation. Drying shrinkage and creep of mortar were simulated with the parameters calibrated on the cement paste. The drying shrinkage simulations with damage did not change significantly predicted strains or stresses.

The numerical drying creep strains of mortar at low stresses were reduced in comparison to the experiment

  

. Other methods for modeling drying shrinkage and drying creep strains based on hydric forces

[START_REF] Benboudjema | A viscoelastic approach for the assessment of the drying shrinkage behaviour of cementitious materials[END_REF][START_REF] Sellier | Vers une modélisation simple et unifiée du fluage propre, du retrait et du fluage en dessiccation du béton[END_REF][START_REF] Sellier | Concrete creep modelling for structural applications: non-linearity, multi-axiality, hydration, temperature and drying effects[END_REF] 

can be tested in mesoscopic simulations for comparison purposes. The introduction of damage increased the drying creep rate, but the prediction still underestimated the drying creep strains in the medium-term.

Overall, the creep nonlinearity at 𝝈 > 40% 𝒇 𝒄 could

not be fully reproduced only with the strains caused by microcracking growth or stiffness degradation

  

. Therefore, it may be suggested that an introduction of a microcracking/creep coupling law based on microscale physical phenomena is necessary. In

[START_REF] Rossi | Basic creep behavior of concretes investigation of the physical mechanisms by using acoustic emission[END_REF]

, the microcracks were assumed to create a local hydric imbalance, inducing subsequent water and vapor movements, which could affect the creep rate. Relating the hydric forces to the local damage state will also impact drying shrinkage and drying creep predictions, which can allow to simulate the nonlinear creep in drying conditions.

Additionally, creep/damage simulations under medium stresses may result in sample degradations, which are not commonly observed in experiments.

  It may be due to the fact that creep modeling did not account for the positive effect of creep on the mechanical properties and microcrack healing due to material consolidation and hydration

  may Table A.2: Results of uniaxial compression tests.

	Test -Age	Material	Specimen	Compressive	Elastic	Poisson's
			designation	strength,	modulus,	ratio
				MPa	GPa	
			C-NORM-1	40.9	13.5	0.24
	Test 1 -28 days	Cement paste Mortar	C-NORM-2 C-NORM-3 Average±SE M-NORM-1 M-NORM-2	42.3 41.1 41.5±0.3 49.6 47.1	13.0 13.4 13.3±0.1 25.9 25.2	0.26 0.28 0.26±0.01 0.19 0.17
			M-NORM-3	48.2	25.0	0.24
			Average±SE	48.3±0.5	25.4±0.2	0.20±0.02
			C-RED-T-1	32.94	11.9	
		Cement paste	C-RED-T-2	32.09	11.4	
	Test 2 -28 days	Mortar	C-RED-3* Average±SE M-RED-T-1 M-RED-T-2 M-RED-3*	39.69 32.5±0.3 41.2 40.0 57.3	11.7 11.7±0.2 29.0 29.0 26.6	

Table A

 A .4: Flexural test results.

		Cement paste			
		Test 1 -28 days			
	Specimen	C1-1 C1-2 C1-3 C1-4 Average±SE
	Fracture energy, N/m	7.0	4.5	8.1	6.6	6.6±0.5
	Flexural strength, MPa	1.7	1.4	1.8	1.6	1.6±0.1
		Test 2 -28 days			
	Specimen	C2-1 C2-2	C-3		Average±SE
	Fracture energy, N/m	5.8	3.6	4.7		4.7±0.4
	Flexural strength, MPa	1.0	1.2	1.5		1.2±0.2
		Test 2 -90 days			
	Specimen	C2-4 C2-5			Average±SE
	Fracture energy, N/m	7.6	5.2			6.4 ±0.8
	Flexural strength, MPa	1.1	1.3			1.2±0.2
		Mortar			
		Test 1 -				

28 days Specimen M1-1 M1-2 M1-3 M1-4 Average±SE Fracture energy, N/m

  

		35.5	35.1	43.2	33.0	37.1±1.6
	Flexural strength, MPa	5.2	5.0	4.7	5.0	4.9±0

.1 Test 2 -28 days Specimen M2-1 M2-2 M2-3 Average±SE

  

	Fracture energy, N/m	51.2	35.1	47.6	52.7±2.5
	Flexural strength, MPa	5.8	4.9	4.9	5.2±1.0
		Test 2 -90 days	
	Specimen	M2-4 M2-5 M2-6	Average±SE
	Fracture energy, N/m	40.5	46.2	40.6	42.4±1.5
	Flexural strength, MPa	4.4	4.5	5.4	4.7±0.7
	A.3				

Splitting tensile strength tests (Brazilian tests)

  Tests were carried out on discs with 𝑑 = 30.6 mm diameter and 𝑙 ≈ 13 -14 mm width (TableA.5) with the DEBEN ® Tension,

case, the creep nonlinearity is mostly conditioned by elastic strains associated with damage growth, rather than an increase in the creep rate. (a) (b)

(a) (b) (c)

Compression & Torsion (TTC) rig for X-ray CT imaging of the LMT. The force is measured with a ± 20 kN capacity load cell
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Chapter 3. Damage quantification via Digital Volume Correlation with heterogeneous mechanical regularization: application to an in situ meso-flexural test on mortar Chapter 5

Numerical study of the influence of mesoscopic damage on the creep rate in a heterogeneous material

Introduction

This chapter is dedicated to the numerical study of creep coupling with damage in a heterogeneous cementitious materials in sealed and drying conditions. Interactions between creep, microcracking and drying in mortar were modeled with a mesoscopic approach based on the following elements:

• Heterogeneous volume meshes, representing mortar mesostructures.

Heterogeneous meshes representative of the mortar were built with two methods. In the first, volume meshes were reconstructed based on segmented µCT scans. In the second, in order to have greater control of the generated volume properties, mesostructures were obtained by randomly distributing realistic inclusions, the shape of which was obtained with µCT, in a given volume.

• Delayed behavior of the cementitious matrix, characterized on the basis of the experimental data on pure cement paste.

The basic creep strain rate of the saturated HCP at low stresses (Section 2.3.5) was used to identify the creep model. The drying shrinkage and drying creep parameters were adopted from the work of [START_REF] Kinda | Impact of drying rate on delayed strain behavior of cement-based materials -experimental and numerical study[END_REF], where the experiments were carried out on HCP with similar formulation.

• Microcracking at the mesoscale, represented with two approaches:

-In the previous chapter, the Phase-Field Model (for a brittle material, Section 4.2.4) demonstrated a good agreement for crack propagation under tension. In this chapter, the model calibrated on the micro-flexural in situ tests on mortar (Section 4.3.1) was supplemented to the creep model to simulate microcracking in the cementitious matrix in Chapter 6. Conclusions and perspectives improve the trustworthiness of numerical predictions. Also, a part of viscous strains may be taken into account to govern the evolution of damage.

VI.

Drying creep predictions for heterogeneous mortar obtained with the nonlinear Burger model, which was calibrated on pure cement paste, were underestimated. Creep models based on poromechanical approaches [START_REF] Sellier | Vers une modélisation simple et unifiée du fluage propre, du retrait et du fluage en dessiccation du béton[END_REF][START_REF] Sellier | Concrete creep modelling for structural applications: non-linearity, multi-axiality, hydration, temperature and drying effects[END_REF][START_REF] Aili | A viscoelastic poromechanical model for shrinkage and creep of concrete[END_REF], where drying shrinkage and drying creep strains depend on capillary forces, may be used in mesoscopic drying creep simulations for comparison purposes.

VII. Numerical models could address the positive effect of creep on the mechanical properties and microcrack healing due to material consolidation and hydration occurring under sustained stresses [START_REF] Liu | Microstudy on creep of concrete at early age under biaxial compression[END_REF].

Appendix A

Experimental characterization of the mechanical properties of VeRCoRs materials

The following appendix presents the results of basic mechanical tests carried out on VeRCoRs hardened cement paste and mortar during the associated M2 internship project and PhD thesis. The characterizations were:

1. Uniaxial compression tests to measure elastic modulus and compressive strength;

2. Three-point flexion tests to measure fracture energy and flexural strength;

3. Splitting tensile strength tests (brazilian tests).

Compressive strength measurements were necessary for defining the stress levels in creep tests (see Chapter 2). Other mechanical properties were used in FE and DVC simulations (see Chapters 3-5). Material formulations and storage conditions were identical to Section 2.3.2.

A.1 Compression tests

A.1.1 Materials and specimens

The specimen fabrication procedure is described in Section 2. 

Appendix A. Experimental characterization of the mechanical properties of VeRCoRs materials

The dimensions of all specimens are given in Table A.1. In the specimen designation, the first index stands for the type of material (M-mortar, C-cement paste). The second index (NORM -normal, RED -reduced) marks the size. In Test 1, the mortar (M-NORM) and cement paste (C-NORM) specimens were longer in shape (≈100 mm for mortar and ≈80-90 mm for cement paste). However the corresponding mechanical properties were observed to be lower in comparison with available data for the same materials [START_REF] Huang | Comportement vieillissant du béton en fluage : application au béton VeRCoRs[END_REF]. In Test 2, the specimen height (M-RED, C-RED) was reduced by cutting off the upper part with higher W/C and, as a consequence, higher porosity and lower mechanical properties. Index -T-notes that Teflon patches were used on the contact surfaces to reduce friction. The specimen faces were rectified to ensure orthogonality and planar surfaces.

In Test 1, specimens were tested at 28 days of age. In Test 2, tests were carried at 28 and 90 days of age. 

A.1.2 Experimental set-up

Compression tests were carried out on an Instron ® closed-loop displacements-controlled machine with 250 kN capacity. The loading rate was 0.1 mm/min. The force is measured by the load cell of the 250 kN testing machine. Linear strain gauges with a 20-mm measuring grid (HBM, serial number 1-LY4-20/120) were used to measure axial and radial strains. The strain gauges were glued with X60 HBM ® adhesive that provides a good adhesion for strain measurements. Strain gauge signals were acquired with the quarter bridge acquisition system (HBM QuantumX ® ). In Test 1, two axial strain gauges with angle 180°and one transversal strain gauge were applied to each specimen. In Test 2 at 28 days, only two axial strain gauges with angle 180°w ere used. In Test 2 at 90 days, measurement robustness was improved by using three axial strain gauges with angle 120°were used for measurements.

A.1.3 Experimental results

During the compression tests, forces were measured as a function of the longitudinal and transverse strains. Furthermore, the compressive strength is calculated as the maximum force divided by the initial cross-section. Young's modulus is calculated as the tangent to the stress-strain curve in its initial (undamaged) linear elastic part. The Poisson's ratio is calculated as the ratio of tangents to the transverse and longitudinal strain-stress curves at their non-degraded linear elastic part. The first results of Test 1 were lower compared to the available data [START_REF] Huang | Comportement vieillissant du béton en fluage : application au béton VeRCoRs[END_REF]. Moreover, it was noticed that the damage localized mostly in the upper part of the specimen (Figure A.3(a)). It was concluded that casting in vertical molds causes an increased W/C ratio at the top of the specimen. Therefore, in the following tests, the cylinder height was reduced by cutting off ≈3 cm from the top. In Test 2, a subsequent increase in strength is observed: the compressive strength of the shorter specimen tested without Teflon is 57.3 MPa, while for longer specimens with the same boundary conditions the average value is 48.3 MPa.

In addition, cracking became more uniform along specimens

Another interesting point is how the compressive strength is changing depending on the boundary conditions. The friction forces together with uniaxial compressive load create a triaxial stress state at the boundaries. Teflon reduces the friction and brings the stress state closer to the expected uniaxial loading. In uniaxial compression, the failure is caused by positive transverse deformations. Boundary friction forces restrain these deformations, which cause the rupture in the middle part of the specimen.

During the tests, it was observed that the frictional forces on the steel/mortar (cement paste) contact surface delay the reach of the failure criterion, which significantly increases the compressive strength. Elastic modulus showed some variability for different batches with the same formulation. However, the dispersion of measured properties for the same batch is small, which indicates good repeatability. 

A.2 Three-point flexion tests

A.2.1 Specimens

Appendix A. Experimental characterization of the mechanical properties of VeRCoRs materials

The interest of this test is derivation of the fracture energy for the cement paste and mortar. The fracture energy is the energy dissipated during propagation of the crack per unit of newly created fracture surface. The calculation of fracture energy is based on the idea that the energy absorbed by a unit surface of crack is equal to the work 𝑊 0 done by the external forces. The work 𝑊 0 is represented by the area under the curve force-deflection curve that is measured at final fracture. The fracture energy is calculated based on CMOD-force curve with the following equation [START_REF] Jci | Method of test for fracture energy of concrete by use of notched beam[END_REF]:

where 𝑊 𝑐 1 is the area below CMOD curve up to rupture of specimen, 𝑊 𝑐 1 is the work done by deadweight of the specimen and loading jig, CMOD 𝑐 is the CMOD at the failure, 𝐴 𝑙𝑖𝑔 is the area of the broken ligament, 𝑚 1 is mass of specimen, 𝑆 is the loading span, 𝐿 is the total length of specimen, 𝑚 2 is the mass of jig not attached to the testing machine but placed on specimen until rupture. In these calculations it is assumed that the fracture surface is perfectly plane, what is in case of mortar and cement is a rough simplification. However, as no tool for precise measurements of irregular surfaces was available during this study, this simplification was accepted. Moreover, more refined surface measurements would also introduce some scale dependency of the fracture energy through the measurement apparatus. The equation for flexural strength reads (AFNOR, 2019) of the testing machine. The loading rate was 0.06 mm/min. Teflon interlayers were used on the contact surfaces. The tensile strength reads (AFNOR, 2012a)

A.2.3 Experimental results

Experimental force-CMOD curves are presented in

The experimental results are summarized in Table A.5. Tensile strength, N/m 6.9 7.4 6.1 6.4 5.9 6.9 6.6±0.2

The measured tensile strength was higher than the flexural resistance for both cement paste and mortar. The ratio between the tensile and compressive strength is 9% for the cement paste and 16% for mortar. For concretes, the approximate ratio is 𝑓 𝑡 = 7-11% 𝑓 𝑐 [START_REF] Mehta | Concrete: Microstructure, Properties, and Materials[END_REF], so the mortar tensile resistance was slightly higher than the expected value.

A.4 Conclusion

In this study, VeRCoRs materials (mortar and cement paste) were characterized by means of the experimental study. Results of compression, three-point flexion tests and tensile split tests seemed to be reasonable. However they showed some variability for different batches with the same formulation. The small differences in production process that could cause differences in porosity and homogeneity brought noticeable changes in mechanical properties.

Appendix B

On the identification of cohesive zone model for curved crack in mortar

The following appendix, which was published by [START_REF] Vargas | On the identification of cohesive zone model for curved crack in mortar[END_REF], proposes an approach to defining the path of a curved crack in a single edge notched specimen with gray level residuals extracted from digital image correlation, followed by the calibration of the parameters of a cohesive zone model. Only the experimental force is used in the cost function minimized via finite element model updating. The displacement and gray level residual fields allow for the validation of the calibrated parameters. Last, the results are confronted with those given by a straight crack to highlight the benefits of accounting for the actual crack path.

B.1 Introduction

The safety of double wall Concrete Containment Buildings (CCB) that are widely used in the French nuclear industry primarily depends on the integrity of concrete. The delayed deformations of concrete induced by creep and shrinkage cause microcracking and a loss of pre-stress that is the major factor in reducing the leak tightness of the CCB internal wall in accidental conditions [START_REF] Charpin | A 12year EDF study of concrete creep under uniaxial and biaxial loading[END_REF]. Creep of concrete is a complex phenomenon and its rate depends on several factors among which microcracking itself is of major significance Bažant and Yunping (1994), which is also crucial for other analyses (e.g., fracture mechanics).To improve the predictive capabilities of models describing the mechanical response of concrete, the coupling of damage and viscous behavior is currently studied at the mesoscale, and starts with an accurate modeling of the fracture behavior. The latter is the focus of the present paper where a cohesive zone model Barenblatt (1962) will be considered. [START_REF] Hillerborg | Analysis of crack formation and crack growth in concrete by means of fracture mechanics and finite elements[END_REF] proposed a cohesive zone model that was not only suitable for finite element (FE)

analyses of concrete but also described damage in other brittle materials during the development of fracture processes [START_REF] Elices | The cohesive zone model: advantages, limitations and challenges[END_REF]. It is one way of representing damage in materials that keep some cohesion between the newly created surfaces of a propagating crack, which can be related to adhesives in some applications or to the crack wake effect [START_REF] Elices | The cohesive zone model: advantages, limitations and challenges[END_REF]. Elices et al. [START_REF] Elices | The cohesive zone model: advantages, limitations and challenges[END_REF] discussed many features of cohesive elements and exemplified their use in three different materials, i.e., castable, polymethyl-methacrylate (PMMA), and steel to demonstrate the potential and relevance of these models. The authors showed how to define cohesive properties and how useful they were for mixed-mode (e.g., mode I and II) loading, even if they were obtained for mode I fracture. They also checked that two out of the four parameters of one of the cohesive laws needed stable crack propagation in order to be calibrated.

Moslemi et al. [START_REF] Moslemi | Cohesive zone parameters selection for mode-I prediction of interfacial delamination[END_REF] studied the differences between a bilinear model and the modified Park-Paulino-Roesler (PPR) model [START_REF] Park | A unified potential-based cohesive model of mixed-mode fracture[END_REF]; [START_REF] Park | Computational implementation of the PPR potential-based cohesive model in ABAQUS: educational perspective[END_REF]. The authors also estimated the cohesive zone size and its discretization, and reported where care should be exercised on the used mesh. Aure et al. [START_REF] Aure | Simulation of crack propagation in concrete beams with cohesive elements in abaqus[END_REF] used the cohesive elements implemented in the commercial code Abaqus™ to demonstrate how to model cracks in concrete by comparing with results reported in the literature. The simulation properties were given through the thickness of the cohesive elements, with some characteristics that influence the results, e.g., that usual Newton-Raphson routines should not be used in such cases. Last, they checked that the traction-separation laws were the more suitable for concrete among those implemented in Abaqus™.

Evangelista et al. [START_REF] Evangelista | Three-dimensional cohesive zone model for fracture of cementitious materials based on the thermodynamics of irreversible processes[END_REF] proposed a new formulation of cohesive elements to be used in Abaqus™ to analyze concrete fracture. The traction-separation of the element was based on damage mechanics [START_REF] Lemaitre | A Course on Damage Mechanics[END_REF], conventional experiments were conducted to define parameters with physical meaning, and considering the irreversible mechanisms that occur during fracture. The proposed formulation used zero thickness elements. Besides, they also discussed the stability of the obtained model by using a Riks algorithm instead of the standard Newton-Raphson scheme, and the robustness for cyclic loading, which is usually problematic for cohesive elements.

Digital Image Correlation (DIC Sutton ( 2013)) may be applied to monitor crack propagation tests measuring displacement fields that ensure experimental insight into the fracture wake zone (i.e., localized damage) that would not be possible using common extensometry [START_REF] Choi | Measurement of deformations on concrete subjected to compression using image correlation[END_REF]; [START_REF] Perdomo | Experimental analysis and mathematical modeling of fracture in RC elements with any aspect ratio[END_REF]Carpiuc-Prisacari et al. (2017b). DIC measurements can be used as inputs to FE analyses for identification purposes [START_REF] Fedele | Identification of adhesive properties in GLARE assemblies using digital image correlation[END_REF], and also for validating their predictions [START_REF] Vargas | Analysis of a castable refractory using the wedge splitting test and cohesive zone model[END_REF]. Moreover, FE analyses facilitate the stress analysis and allow the original geometry to be modeled even with its complexities [START_REF] Vargas | Comparison of two full-field identification methods for the wedge splitting test on a refractory[END_REF]. Other studies were reported in the literature where DIC was utilized for calibrating CZM parameters. For example, [START_REF] Ferreira | On the analysis of notched concrete beams: From measurement with digital image correlation to identification with boundary element method of a cohesive model[END_REF] used the Boundary Element Method coupled with DIC to prove that a linear cohesive law was suitable for concrete. Even with small displacements in comparison to measurement uncertainties, the use of measured displacement fields allowed for parameter identification of the studied model. When dealing with very small displacements, Réthoré et al. [START_REF] Bibliography | Identification of a cohesive zone model from digital images at the micron-scale[END_REF] calibrated the parameters of a CZM at the microscale to model crazing in PMMA using crack-tip displacement fields (i.e., provided by integrated DIC analyses [START_REF] Roux | Stress intensity factor measurements from digital image correlation: post-processing and integrated approaches[END_REF] at the macroscale) and relied on comparisons of crack tip positions. Such path will not be followed herein.

Shen et al. [START_REF] Shen | Direct extraction of cohesive fracture properties from digital image correlation: A hybrid inverse technique[END_REF] used DIC coupled with FE analyses for parameter identification of a fiber-reinforced cementitious composite. A 4-point bend test and a Newton-Raphson routine were used to obtain the elastic properties. For the cohesive model, a pre-notched 3-point bend test was selected, and the Nelder-Mead optimization procedure was used due to difficulties to obtain initial guesses for derivative-based methods such as Newton-Raphson schemes. [START_REF] Fedele | Identification of adhesive properties in GLARE assemblies using digital image correlation[END_REF] reported how a sensitivity analysis on the displacement field gave insight into the identifiability of CZM parameters in an adhesive joint. The sensitivity to parameter identification of cohesive properties using full-field measurements was also reported by [START_REF] Alfano | Global sensitivity analysis in the identification of cohesive models using full-field kinematic data[END_REF]. The authors discussed how separating the data throughout the test can improve the identification process. For instance, the cohesive strength was better identified with images before the peak load of the test, while the cohesive energy should be identified after the peak. [START_REF] Vargas | Analysis of a castable refractory using the wedge splitting test and cohesive zone model[END_REF] presented a similar approach, in which each CZM parameter showed a higher influence at different time steps of the analysis, namely, a boundary condition correction at the very beginning of the experiment, then the cohesive strength close to the peak load, and last cohesive energy on the post-peak steps. This type of analysis will also be used herein to guide the calibration procedure. Last, in a very recent paper, Ruybalid et al. [START_REF] Ruybalid | Mixed-mode cohesive zone parameters from integrated digital image correlation on micrographs only[END_REF] calibrated a mixed-mode CZM using only micrographs, without coupling force data. In the present analysis, the load data will be the primary information used for calibrating the sought parameters.

It is worth noting that in most of the previous studies, a simple crack path was chosen, most often straight in a well-defined position. The present paper will deal with a curved crack path, which is often present experimentally, especially for concrete and mortar. The experimental crack path will be determined thanks to correlation residuals of global DIC Hild et al. (2015).

Further, DIC-measured displacements will be used to drive the boundary conditions of the calibration procedure based on load data in which the uncertainty levels are assessed and explicitly accounted for. One point to address consists in checking whether the exact description of the crack path is necessary for such identification or if a simple (i.e., straight) path is sufficient. 

B.2 Experimental analyses B.2.1 Three-point flexural test

The sample was made of VERCORS (VErification Réaliste du Confinement des Réacteurs Galenne and Masson (2012);

Mathieu et al. ( 2018)) mortar. The formulation was derived from that of VERCORS concrete (Table B.1). The water to cement ratio was W/C = 0.525. Such formulation corresponds to the matrix surrounding coarse aggregates.

The specimen was stored at 100% relative humidity before the test that was carried out at 28-day age.

Prior experiments were performed to evaluate its mechanical properties (Table B.2) for modeling purposes [START_REF] Huang | Comportement vieillissant du béton en fluage : application au béton VeRCoRs[END_REF].

The Young's modulus, Poisson's ratio and compressive strength were determined by means of compression tests on cylindrical specimens of size 30 × 65 mm. The strain measurements were performed in the central parts of the cylinders. The average tensile strength evaluated with 6 Brazilian tests was 6.6 MPa (cylinder diameter: 30 mm, width: 13.5 mm AFNOR (2012a)). The experiment analyzed herein is a three-point flexural test on a single edge notched beam (Figure B.1). The length of the beam was 160.5 mm, its height equal to 40 mm, and its width 38.5 mm. The notch depth was 11.8 mm, and its width 0.5 mm. The notch was obtained with a wire saw (with very low applied force and speed) and water lubrication. This method induces very limited damage around the notch root whose diameter is equal to 0.5 mm. The outer span was equal to 120 mm. 

B.2.2 Digital Image Correlation

The hardware parameters of the optical setup are reported in In FE-based DIC [START_REF] Besnard | Finite-Element" displacement fields analysis from digital images: Application to Portevin-Le Chatelier bands[END_REF], the global gray level residual

is minimized over the region of interest (ROI) with respect to the nodal displacements 𝜐 𝑖 associated with the selected shape functions 𝚿 𝑖 by finding the optimal displacement field to correct the image 𝑔 of the deformed configuration to make it as close as possible to its reference state 𝑓 . The ROI considered herein is shown in elasticity is enforced at a local level (to be defined hereafter), and if the bulk is free from external forces, the mechanical equilibrium gap to be minimized reads

where {𝜐} is the column vector that gathers all the nodal displacements, and [K] the stiffness matrix. The gray level residuals are now penalized by the equilibrium gap so that the weighted sum 𝜙 2 𝑐 + 𝑤 𝑚 𝜙 2 𝑚 is minimized with respect to {𝜐}. It was shown that the weight 𝑤 𝑚 is proportional to the regularization length ℓ 𝑟 𝑒𝑔 raised to the power 4 [START_REF] Réthoré | An extended and integrated digital image correlation technique applied to the analysis of fractured samples: The equilibrium gap method as a mechanical filter[END_REF]; [START_REF] Tomičevć | Mechanics-aided digital image correlation[END_REF]. When the regularization length is greater than the element size ℓ, the displacement fluctuations that are not mechanically admissible are filtered out over a spatial domain of size ℓ 𝑟 𝑒𝑔 . This regularization length also defines the characteristic size of the domain over which elasticity is enforced.

The images were processed using the Correli 3.0 framework Leclerc et al. (2015) in which the elastic regularization was implemented (Table B.4). With the selected regularization length (i.e., ℓ 𝑟 𝑒𝑔 = 200 pixels), the standard displacement uncertainty was equal to 0.015 pixel (or ≈ 1 µm). The corresponding noise-floor level associated with the maximum eigen strain is found to be equal to 6 × 10 -5 . These levels were achieved thanks to the regularization strategy used herein. These residual fields prove that the registration was successful. There are however small zones where the residuals are very high in which the crack has propagated. This is due to the fact that in this first analysis, the presence of the crack was not accounted for (i.e., the displacement field was assumed to be continuous everywhere within the ROI). This hypothesis was satisfied except where the crack initiated and propagated. It is also worth noting that the "thick" crack in the maximum eigen strain fields (Figures B.4 Further, the variance of edge nodes is on average twice that of bulk nodes Hild and Roux (2012a). Therefore, it is expected that the standard COD uncertainty is two times that of nodal displacements, which is exactly what was observed. Given the fact that the COD amplitudes reached up to 6 pixels, such levels were deemed trustworthy since they were two orders of magnitude greater than the measurement uncertainties.

The mode I (i.e., opening) component was generally higher than the absolute mode II (i.e., in-plane shear) contributions, except close to the notch root, which indicated that crack initiation occurred under mixed mode condition. This observation may explain why the crack did not initiate parallel to the notch direction but at an angle of about 45° (Figure B.5). The notch root geometry associated with material heterogeneities (e.g., air bubbles, aggregates in the millimeter range) and superficial drying cracks of the cementitious matrix (although minimized by sample conservation at 100% relative humidity) may promote off-axis crack initiations (as observed in other samples). Last, special caution has to be exercised since these analyses only rely on one lateral surface and may depend on the underlying microstructure.

Appendix B. On the identification of cohesive zone model for curved crack in mortar

The DIC measurements using the first mesh ( consistent with an RMS difference of 11.7 µm (i.e., 0.16 pixel) for the full curve, but considerably smaller if only the first 324 images are considered, namely, 2.2 µm (i.e., 0.03 pixel, which is of the order of the measurement uncertainty). This difference may be due to the fact that when the crack propagates, 3D effects are more important, and the two responses no longer coincide exactly. It is worth noting that thanks to DIC, it may be possible to fully suppress the need for clip gauges, not only reducing costs but also obtaining more information of the test to feed simulations and identification procedures, as proposed in this paper.

One additional advantage of using DIC for the NOD measurement in comparison to the clip gauge is the direct access to the Last, an estimate of the fracture energy can be obtained as the integral of the load vs. NOD curve divided by the nominal cracked surface, namely, 𝐽 𝑐 ≈ 66 J/m 2 , which is very close to the estimate obtained with the clip gauge (Table B.2). These new results additionally validate the DIC analysis in the presence of a major crack.

B.3 Numerical procedures

The following section summarizes the numerical procedures applied herein. First, the geometry, boundary conditions, and constitutive models for the FE simulations are described. Then, the identification procedure is briefly discussed.

B.3.1 Finite element model

The The parameters of the PPR model that defines the curve, i.e., the shape parameters (𝛼 and 𝛽) and the initial slope (𝜆 𝑛 and 𝜆 𝑡 )

were chosen equal to 7 and 0.005 respectively [START_REF] Vargas | Analysis of a castable refractory using the wedge splitting test and cohesive zone model[END_REF]. To illustrate the selected CZM, Figure B.13 shows the traction-separation law using the PPR model with the initial parameters. The initial slope was selected to be steep enough to make sure that spurious elastic softening was mitigated, but not too much for numerical purposes. With the selected shape parameters, the softening response at the end (i.e., beyond 20 µm separations) can help better describe fracture phenomena in concrete-like materials [START_REF] Elices | The cohesive zone model: advantages, limitations and challenges[END_REF]. For the converged properties, it was checked that considering 𝛼 = 2 (i.e., linear decay) did not significantly change the results reported hereafter (in terms of residual levels) as it essentially alters the cohesive 

B.3.2 Identification procedure

The identification was carried out using the Finite Element Model Updating (FEMU Pagnacco et al. ( 2012)) scheme. The where [H] is the Hessian matrix, and {h} the Jacobian vector. For these quantities, the load sensitivities S F to each considered parameter of 𝐹 FE were calculated [START_REF] Tarantola | Inverse Problems Theory. Methods for Data Fitting and Model Parameter Estimation[END_REF]. Herein, it was chosen to use finite differences with a 1% perturbation of each individual parameter. At each time step 𝑡, a line vector was obtained The FEMU-F procedure was implemented within the Correli 3.0 framework [START_REF] Mathieu | Estimation of elastoplastic parameters via weighted FEMU and integrated-DIC[END_REF] in which Abaqus™ is called whenever needed for updating a current solution or computing the load sensitivities. The convergence criterion was set for the RMS of the parameter updates reaching less than 1% their current level.

B.4 Results

This section gathers the results of all the numerical analyses. First, uncertainty and sensitivity analyses are carried out to check whether the sought parameters are identifiable, and if so, at which time steps of the experiment. Further, the identification procedure uses different steps to avoid as much as possible local minima. Last, the results are validated with pieces of information of the experiment that were not used in the calibration, namely, displacement fields and registration residuals.

B.4.1 Load uncertainty due to Dirichlet boundary conditions

It is proposed to calibrate the CZM parameters using only the loading curve of the test via a FEMU-F procedure. The load uncertainty is important to check whether the parameters can be calibrated. Although the load cell had a nominal standard uncertainty of about 2.5 N, it is proposed to evaluate the contribution of the DIC displacement uncertainties on the reaction forces when they are applied as Dirichlet boundary conditions on the FE model (Figure B.7).

A first simulation is run with the proposed model, for the first 100 time steps to ensure that no crack propagation occurred.

It is worth noting that the Young's modulus calibrated in Section B.4.3 is used instead of its initial level in the identification procedure. Then, for each time step, each of the six applied displacements (i.e., horizontal and vertical components for each of the three nodes highlighted in Figure B.7) was perturbed with a random centered Gaussian noise with a standard deviation equal to the standard displacement uncertainty (i.e., 0.015 pixel or 1.1 µm, which was subsequently filtered with a moving average using 25 temporal data as performed with the experimental measurements). The standard deviation of the reaction force difference of the top node (Figure B.7) for all time steps of these two analyses is calculated to estimate the load uncertainty. The procedure is then repeated 100 times and resulted in an average standard deviation of 40 N, namely, about sixteen times higher than the load cell uncertainty. It is worth noting that if the temporal filtering is not accounted here, this estimate reached 110 N, which points toward the need for temporal filtering. All these analyses show that, in the present case, displacement uncertainties in the micrometer range (or possibly below) are required to get good estimates of elastic parameters.

As will be shown hereafter, this is a major source of limitation. For the sake of comparison, a standard load uncertainty 𝛾 𝐹 = 40 N will be considered in all subsequent analyses.

B.4.2 Sensitivity analysis

Before performing the calibration itself, sensitivity analyses are very useful to make sure that all the parameters of the selected model are identifiable [START_REF] Fedele | Identification of adhesive properties in GLARE assemblies using digital image correlation[END_REF]; [START_REF] Alfano | Global sensitivity analysis in the identification of cohesive models using full-field kinematic data[END_REF]; [START_REF] Vargas | Analysis of a castable refractory using the wedge splitting test and cohesive zone model[END_REF]. In the present case, the load sensitivities were computed for parameter offsets 𝜖 = 1%. The considered parameters were the ones gathered in Table B.2 (Poisson's ratio excluded) that were used to start the calibration procedure. 

B.4.3 Parameter calibration

In this section, the identification consists of calibrating one parameter related to the elastic behavior (i.e., Young's modulus 𝐸) and two for the CZM (i.e., cohesive strength 𝜎 max and fracture energy 𝐽 𝑐 ). As shown in Figure B.14, both CZM parameters induced no sensitivity in the initial loading steps (since no crack had initiated yet). For the numerical approach, it is important to initialize the identification with reasonable values for avoiding local minima or divergence [START_REF] Tarantola | Inverse Problems Theory. Methods for Data Fitting and Model Parameter Estimation[END_REF].

Three steps were considered in the identification procedure. First, the Young's modulus was calibrated, and then both CZM parameters, using few time steps, and then the full curve. The initial parameters were based on the data gathered in Table B.2.

The Young's modulus was directly the measured property, and the value for the cohesive strength was assumed to be equal to the ultimate tensile strength. The fracture energy was selected higher than its estimate obtained with the load vs. NOD curve (Section B.2.2), as will be explained in Section B.4.3.

Elastic parameter

The load sensitivity to the Young's modulus is shown in The Young's modulus decreased significantly between its initial guess and the converged solution. One reason may be related to the fact that only one surface was analyzed herein. Had the two opposite surfaces been monitored via DIC, different levels may have possibly be observed since the experimental boundary conditions would have been better captured Carpiuc-Prisacari et al. (2017a). This point highlights that measurements of Young's modulus using only data from one side of the specimen may lead to very different results.

CZM parameters

Once the Young's modulus was calibrated, the CZM parameters were determined. It was chosen not to let the former change.

For this case, only the first 350 images were considered since the crack was already well formed (see gray level residuals shown in Figure B.17 for the first DIC mesh, for image #350) even though its opening was still small ( in the calibration of the elastic parameter). In the FEMU-F analysis, since the dependence to the parameters were nonlinear, the updates per iteration were limited (i.e., 5% in the present case) to avoid very sever fluctuations at the beginning of the optimization process. In the present case, the initial cohesive strength 𝜎 max = 5.8 MPa was considered (i.e., identical to the net flexural strength). However, the initial fracture energy was set to 𝐽 𝑐 = 100 J/m 2 , i.e., about 1.5 times the estimate from the load vs. NOD curve (Table B.2). Consequently, the identification quality associated with the Young's modulus, and cohesive parameters is identical.

The calibrated parameters are gathered in Table B.5. It is worth noting that the fracture energy is 20% higher than the estimate obtained from the load vs. NOD curve. If 10 images are added in this calibration, the cohesive strength 𝜎 max converges to 4.7 MPa, while 𝐽 𝑐 remains closer to the last estimate, converging to 74 J/m 2 . Conversely, the cohesive strength is less stable in the calibration in comparison to the ultimate tensile strength, as expected from the sensitivity analysis. which is very small. This observation also explains why the sensitivities to 𝜎 max and 𝐽 𝑐 are rather low for the second part of the experiment (Figure B.14), and that no secondary crack was detected.

Full curve

Last, the identification is performed using all time steps, and the parameters reported in Table B. Although the initial curve shows a better fit right after the peak, the converged state improves especially after the time step #350, which was not included in the previous identification step. However, the overall identification quality has degraded by a factor of two in comparison with the previous result that focused on the first 350 images. This result indicates that the cohesive model does not fully account for the final stages of crack propagation.

The converged parameters of this analysis are gathered in Table B.6. The calibration of the CZM parameters using the full curve was more stable than in the previous step, since the parameter sensitivities were higher. However, initializing with 𝜎 max = 4.7 MPa or 𝜎 max = 6.2 MPa, FEMU-F converged to the same final parameters. The fact the two sets of parameters led to the order of magnitude of load residuals (i.e., about 4 times the standard load uncertainty) is that the model error is similar in both cases. Considering this last set of parameters (Table B.6) in Equation (B.10), the characteristic fracture length now becomes ℓ 𝐻 = 5.9 cm, which is twice higher than for the previous estimate, but still leading to millimetric fracture process zone sizes. 

B.4.4 Validation

A large part of the information that could be extracted from the test was not used in the identification procedure, i.e., displacement fields and gray level residuals. Thus they can be used to validate the calibration results. The nodal displacement difference between FE simulations using the last set of parameters (Table B B.20. The RMS residual is on average equal to 0.15 pixel for the first set of images (i.e., about 10 times the standard displacement uncertainty), and increases to 0.39 pixel (i.e., about 26 times the standard displacement uncertainty) from image #325 until the last one. From these results, it is also concluded that a higher model error occurs in the second part of the experiment (even though there is already a model error in the first part), namely, the selected CZM and the numerical model are not able to fully capture the complexity of the cracking mechanism. comparison to using 𝜎 max = 6.2 MPa and 𝐽 𝑐 = 79 J/m 2 (Table B.5). This observation shows that the first set of parameters should not be discarded, and is at least as good as the second one to describe the experiment analyzed herein.

It is noteworthy how the identified fracture properties were close to those obtained for the material with experiments, especially when approaching a noisy data set, and identifying a very different Young's modulus. Considering that most of the effects of the out of plane crack propagation are gathered in the energy parameter, it may be argued that to estimate the fracture energy in such cases, it is better not to use the full set of data, and only until the crack is well defined but has not fully propagated. For the cohesive strength, a higher uncertainty (related to smaller sensitivity, see Figure B.18(a)) is seen, and although more uncertain, it may give a first estimation for more complex models and avoid the need for other experiments.

B.4.5 Geometrical validation

One may wonder whether the effort to describe a curved crack was necessary. To answer that question, one last study was performed. A mesh with a straight crack (see Figure B.23) was used to check whether the properties obtained by the identification with the curved crack would be reasonable for this case. The same GMSH procedure was followed but the crack was assumed to be vertically straight and centered about the notch root. The mesh density is approximately the same as before with the same number of cohesive elements (i.e., the vertical coordinates of the new cohesive nodes are identical to the previous case). 𝐽 𝑐 = 170 J/m 2 . These levels are higher than those observed for the curved crack ( From the simulated kinematic fields, the gray level residuals can be computed for the same reasons as those discussed above.

They are shown in Figure B.26. Before image #324, small differences are seen (i.e., they are slightly higher for a straight crack), but more discrepancies thereafter. Since the crack path is not well described, the residuals increase a lot more once that the crack is more developed. At the end of the test, while the curved crack led to residuals about 50% higher than DIC, the straight crack induced levels up to 200% higher. If only a straight crack were considered, one could mistakenly conclude that by having low force residuals, and the properties would be well identified. This is the case if only global (i.e., at the macroscopic scale) load data are used. When kinematic fields are then used for validation purposes, the geometric details of the crack path at the mesoscopic scale have a more significant influence. These results emphasize the importance of validating the calibrated models against independent data at various scales (i.e., here the displacement fields at the mesoscale and gray level residual maps at the microscale).

B.5 Summary and perspectives

A numerical approach to identify the parameters of a cohesive zone model of a curved crack was presented. Starting from digital image correlation analyses, the gray level residuals were used to construct a suitable mesh for finite element simulations and model updating of a curved crack. It is worth noting that no artificial pattern was applied to the monitored surface.

The uncertainty related to using noisy displacements as Dirichlet boundary conditions was assessed, and the sensitivities to each parameter provided an insight into their identifiability. Displacement fields and gray level residuals allowed the calibration to be validated since only the load measurements of the tests were used in the calibration scheme in addition to displacements of three points.

When the calibration is performed on the first propagation stage only, the level of the cohesive strength is similar to that of the tensile strength of the material obtained from flexural and Brazilian tests. Similarly, the cohesive energy has the same order of magnitude as the fracture energy evaluated from the load vs. notch opening displacement curve. Conversely, when the full propagation stage is considered, higher fracture energies were estimated with a higher model error. It is worth noting that the RMS load residuals varied between 2 and 4 times the uncertainties associated with the fact that measured boundary conditions were prescribed to FE simulations. Given the complexity of the present situation, such levels are remarkably low and show that the CZM considered herein can be used to model cracking of the studied mortar.

The validity of CZM was studied for the actual crack path and a straight crack. If the predictive capacity is only probed at the macroscale with the load residuals, there is no significant gain in accounting for the geometric details of the propagation path. In the present case, lower RMS residuals were observed for the straight path. Conversely, when displacement fields and gray level maps were compared at more local (i.e., mesoscopic and microscopic) scales, the actual geometry led to significantly better results.

Similar approaches are of special interest when an increasing R-curve behavior is expected and can be applied to many other brittle materials. Although it was shown that a difficult case for DIC could be used, after this analysis it is believed that the uncertainty of the identification could be reduced mainly along three directions, namely, applying a speckle pattern on the sample surface for achieving higher contrasts, controlling the test with the clip gauge measurement instead of stroke to reduce the likelihood of crack jump between small time steps (e.g., due to snap-back responses), by monitoring opposite faces of the test (e.g., for a better calibration of the Young's modulus, and possibly by using other CZMs).

For further studies, tackling different experimental setups (e.g., 4-point flexural or wedge splitting tests), different materials, or analyzing more samples to check the consistency, would be straightforward follow-ups. Combining more kinematic data than used herein for calibration purposes (or directly the pictures in an integrated framework [START_REF] Leclerc | Integrated digital image correlation for the identification of mechanical properties[END_REF]; [START_REF] Mathieu | Estimation of elastoplastic parameters via weighted FEMU and integrated-DIC[END_REF]) was considered to be out of this paper scope. Last, crack branches, coupling opposite face analyses, and 3D models could give further insight into crack propagation and its interaction with the material microstructure.

Appendix C

Histories of relative humidity, temperature and applied stress in basic and drying creep tests