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In response to the ongoing climate crisis, efforts to decarbonize global energy production have led to a surge in demand for renewable energy sources. This trend, which had been ongoing for decades, has been accelerated by recent geopolitical events such as the COVID-19 pandemic and the war in Ukraine: global supply chain disruptions, inflationary pressure, and increasing fossil fuel prices have made nations aware of the importance of developing renewable energies to reduce electricity costs and ensure energy security. In this context, offshore wind energy has presented itself as a highly promising energy alternative: According to the International Energy Agency (IEA) [START_REF]Offshore Wind Outlook 2019[END_REF], the offshore wind market grew by 30% per year between 2010 and 2018, making it the second-fastest growing source of electricity after solar photovoltaic during this period. In 2021, the deployment of new offshore wind projects reached a record high, bringing the global installed capacity to over 50GW [START_REF] Musial | Offshore Wind Market Report: 2022 Edition Technical Report[END_REF], as shown in Fig. 1.1. This expansion is set to continue at a fast pace in the coming years. By IEA's estimates, global capacity is expected to increase fifteen times until 2040, with new offshore wind installations being deployed worldwide, especially in Europe and China.

Technology has been rapidly developing to keep up with this growth trend. New Offshore Wind Turbines (OWT) in the 15M W range are under development by major manufacturers, and are set to enter commercial application as soon as 2024, according to Musial et al. [START_REF] Musial | Offshore Wind Market Report: 2022 Edition Technical Report[END_REF]. These massive structures are expected to be as high as 150m with rotor diameters upwards of 240m [START_REF] Gaertner | IEA wind TCP task 37: definition of the IEA 15-megawatt offshore reference wind turbine tech. rep[END_REF], the length of two football fields placed end-to-end.

The development of floating turbine technologies, which ironically often take inspiration from the decades-long experience of the oil and gas industry, have also contributed to these prospects in the last decades. These new types of platforms, such as the ones exemplified in Fig. 1.2, enable the exploitation of high-depth fields where there is still enormous untapped potential. The world's first commercial floating offshore wind farm, the Hywind Scotland project, was commissioned in 2017, employing 6M W turbines mounted on spartype platforms. Since the start of production, the installation has achieved the highest average capacity factor among all UK offshore wind farms each year, demonstrating the potential of floating offshore wind farms [START_REF] Scotland | [END_REF]. More recent projects include the 2021 Kincardine offshore wind farm in Scotland, the largest floating offshore wind project built to date, with a capacity of 50M W [START_REF] Kowl | World's largest floating windfarm fully operational[END_REF]. The wind farm is located in water depths ranging from 60 to 80m and relies on newly developed semi-submersible platforms. Another example of this recent expansion is the TetraSpar Demonstration Project installed in Norway in the same year. At a water depth of 200m [START_REF]The TetraSpar full-scale demonstration project[END_REF], the project uses an innovative spar semi-submersible platform concept, shown in Fig. 1.3. In summary, offshore wind energy is a promising alternative for achieving a global transition to renewable energies. With a growing market and advancing technologies, offshore wind power presents itself as a viable option for meeting increasing energy demands while reducing carbon emissions. However, this transition will not come without challenges. The TetraSpar full-scale demonstration project. [START_REF]The TetraSpar full-scale demonstration project[END_REF].

Collisions involving ships and OWTs

Recently, a 37200-ton rudderless cargo ship drifted into the Hollandse Kust Zuid offshore wind farm in the Dutch North Sea during a storm [START_REF] Julietta | causes damage to foundation of wind farm Hollandse Kust Zuid[END_REF]. The vessel impacted a monopile foundation and caused a significant dent in the structure, as demonstrated in Fig. 1.4. Fortunately, the incident had no major consequences apart from this structural damage, but it sets a precedent for the potential risks of such accidents. This collision event exemplifies one of the main challenges faced by the expansion of offshore wind energy: maritime safety. As the number of offshore wind installations increases, the likelihood of collision events involving passing ships and OWTs rises, particularly for wind farms situated near maritime traffic lanes. Additionally, OWTs require regular maintenance, that entails service vessels to be frequently transporting personnel and equipment through the wind farm. Despite occurring at relatively low speeds, these interactions may still pose a considerable collision hazard [START_REF] Dai | Risk of collision between service vessels and offshore wind turbines[END_REF].

Collisions between ships and OWTs can result in economic losses, environmental degradation, and even casualties. From a strictly structural perspective, for the OWT, outcomes may range from minor deformations to the complete failure of the structure depending on a wide variety of factors, notably the striking ship's impact energy, shape, and foundation geometry, as well as environmental conditions such as soil-stiffness, wind, and waves. While high-energy impacts may severely harm support components such as monopile foundations, towers and floater, leading to considerable permanent damage and even collapse, low-energy impacts may be less significant in this regard but can still generate highly dynamic responses that may impair sensitive equipment in the Rotor-Nacelle Assembly (RNA) and ultimately disable the turbine.

Therefore, in order to prevent or minimize these outcomes, the structural design of OWTs must ensure their crashworthiness based on collision accidental limit states (ALS) defined by established standards and regulations (e.g., DNV-GL [START_REF]Recommended practice for determining design loads for offshore wind turbines Recommended Practice DNVGL-RP-C204[END_REF][START_REF]Certification of offshore wind turbines Standard[END_REF], BV [START_REF] Bv | Rules for the classification and certification of floating offshore wind turbines Standard NI572 R02[END_REF], IEC [START_REF]Wind turbines -Part 3-2: Design requirements for offshore wind turbines[END_REF]). These assessments are risk-based, meaning that the probability of failure is evaluated for a large number of collision scenarios.

Ship-OWT collision assessment methods

Extensive risk assessments are generally performed in early design stages of the development of wind farms. The procedure is aimed at building a thorough understanding of the collision risk and required mitigating measures. At the level of an individual wind turbine, in order to ensure the crashworthiness of the structure given a particular ALS, structural analysts must rely on different methodologies, usually based on either explicit Non-Linear Finite Element Analysis (NLFEA) or simplified formulations, to estimate resulting damage and residual strength.

NLFEA is a high-fidelity method that is widely applied in the field of ship collisions. Explicit NLFEA solvers, such as LS-DYNA [START_REF] Hallquist | DYNA Theory Manual[END_REF], have been used in a number of research works devoted to ship collisions against OWTs. The method is capable of accurately modelling the complex physical phenomena that take place in a ship-OWT collision event, including large deformations, plasticity, complex contact, Soil-structure interaction (SSI) and Fluid-structure interaction (FSI).

However, despite its capabilities, NLFEA presents a major drawback: it is time intensive, not only in terms of computation, but also with regard to model preparation. This is especially problematic in the context of risk assessments, where up to thousands of collision scenarios involving different striking ships and different impact conditions must be simulated [START_REF] Moan | Development of accidental collapse limit state criteria for offshore structures[END_REF], rendering the method completely unpractical.

An alternative that has often been applied in the field, even before the widespread use of NLFEA, are simplified methods. Fundamentally, these methodologies rely on decoupling a ship collision into two aspects: structural response (internal mechanics), and rigid-body motions, which are affected by hydrodynamic loads acting on the structure (external dynamics). This approach allows for an independent analysis of these physical aspects and therefore greatly simplifies the problem. Specifically for the internal mechanics of offshore structures subjected to impact, simplified methods are generally based on plastic limit analysis and aim at deriving closed-form expressions to model local and global deformation mechanisms that compose this response.

These methods also typically approach the problem in a quasi-static manner. There are, however, other types of methodologies, generally based on Classical Beam Theory, that focus on estimating the global elastic dynamic response of the structure.

In any case, simplified methods present an interesting compromise between accuracy and rapidity that is undoubtedly very convenient for applications such as pre-project risk assessments, probabilistic damaged stability analyses, and structural optimization.

Simplified methods for OWT supports

The literature is particularly rich when it comes to simplified methodologies focused on individual tubular structural components, which are largely used in general offshore structures. Specifically for OWT supports, a few simplified methods have been developed, for jacket foundations [START_REF] Pire | Development of a code based on the continuous element method to assess the crashworthiness of an offshore wind turbine jacket[END_REF] and, more recently, spar-type floaters [START_REF] Echeverry | Numerical and analytical study of a spar-like floating offshore wind turbine impacted by a ship[END_REF]. These methods are, however, based on plastic limit analysis and completely neglect elastic mechanisms, which is unrealistic for certain scenarios.

The methodology developed in the thesis of Echeverry [START_REF] Echeverry | Numerical and analytical study of a spar-like floating offshore wind turbine impacted by a ship[END_REF] for spars, for instance, presents good accuracy for high-energy collisions, when neglecting elastic effects is generally acceptable. However, the methodology is not capable of capturing the response for low-energy impacts. In these cases, a significant contribution of elastic mechanisms is present in the energy transfer process and needs to be included for an accurate estimation.

To the author's knowledge, there have not yet been similar developments combining both elastic and plastic responses for OWT support structures. Nevertheless, the rapid expansion of these technologies calls for developments in this direction. The aim of the present research work is, therefore, to construct a simplified analytical methodology that is capable of predicting the quasi-static elasto-plastic impact response of standalone tubular OWT supports, bridging this gap. It is in a way an extension of the work presented by Echeverry [START_REF] Echeverry | Numerical and analytical study of a spar-like floating offshore wind turbine impacted by a ship[END_REF]. In addition, the method is aimed at general standalone tubular OWT supports, and may be applied to either monopiles or spar-type floaters.

Objectives

It is important to highlight that this thesis is part of a larger effort, the ColFOWT (Collision against Floating Offshore Wind Turbines) project, carried out in France. The main objective of this project is the development of a rapid assessment tool for ship-OWT collisions. It will integrate closed-form analytical expressions to predict the multimechanism energy transfer process that takes place during such a collision event, including local and global deformation mechanisms, hydrodynamic effects and mooring response. This tool will provide a user-friendly and computationally efficient way for analysts to estimate the impact response of wind turbines in applications such as risk analyses and optimization procedures.

The main goal of this PhD research is the development of a structural solver based on simplified methodologies to assess the ship collision response of standalone OWT supports such as monopile foundations and spar-type floaters, with the inclusion of elastic mecha-nisms, and the capability to address both low and high-energy impacts. The research is divided into three central objectives:

• The first is concerned with the quasi-static elasto-plastic response of such structures.

A series of numerical impact simulations will provide a thorough understanding of the complete deformation process. Once main deformation modes are identified, a comprehensive methodology based on analytical formulations is developed to model the entire process. It will be integrated in a structural solver, which is to be validated against numerical simulations.

• Ship impacts often result in a global elastic dynamic response of the OWT, generating severe accelerations at the level of the RNA. This effect can be highly damaging for sensitive equipment contained in this component. Thus, the second objective is to devise a simplified method to model this response, enabling a fast and simple-to-use estimate of the RNA acceleration resulting from a ship impact. This methodology will be validated by comparison with NLFEA collision simulations.

• Numerical simulations of a ship-spar OWT collision performed in Echeverry [START_REF] Echeverry | Numerical and analytical study of a spar-like floating offshore wind turbine impacted by a ship[END_REF] using the LS-DYNA/MCOL NLFEA package presented an issue regarding final energy balances. Although obtained results were valuable for preliminary use, these simulations raised some doubts regarding the reliability of MCOL for such applications. As this code will not only be integrated in the final ColFOWT collision assessment tool, but also used in conjunction with LS-DYNA for future validations, it is crucial to understand the source of this inconsistency. Thus, the third goal of this thesis was to explain this problem and provide guidelines for further use of MCOL.

Outline of the thesis

The aim of this chapter is to provide a description of the impact simulations on tubular members that were developed in this thesis as a preliminary finite element model calibration stage.

Chapter 5 -Elasto-plastic damage analysis of OWT supports In this chapter, the campaign of numerical impact simulations for standalone tubular OWT supports carried out in the scope of this thesis is detailed. Results are used to identify the main deformation modes that compose the response.

Chapter 6 -Ship-monopile OWT collision: RNA kinematics Numerical simulations of ship collisions against a typical monopile offshore wind turbine are presented. This model provides a reference to validate the developed methodology for the estimation of RNA kinematics.

Chapter 7 -LS-DYNA/MCOL energy balance investigation An assessment of the LS-DYNA/MCOL issue is described in this chapter. Simplified numerical models are used to investigate the problem. Results are presented and discussed.

Chapter 8 -Elasto-plastic damage analysis

Based on the observations from Chapter 5, analytical formulations are derived or adapted to model the deformation mechanisms that compose the elasto-plastic response. They are integrated into a structural solver and validated against numerical simulations.

Chapter 9 -RNA kinematics assessment

A simplified framework is derived and validated for the assessment of RNA accelerations of a monopile OWT subjected to ship impact.

Chapter 10 -Summary, contributions and perspectives

This chapter summarizes the work done in the scope of this thesis, as well as the personal contributions of the author. Recommendation for further research are provided.

Chapter 2

Physics of ship-OWT collisions

Introduction

Ship collisions against offshore wind turbines, whether fixed or floating, are complex multiphysics events that encompass various physical phenomena, which may interact to a lower or higher degree depending on the collision scenario. These phenomena include:

• Elastic-plastic deformations of the striking ship and the struck OWT support;

• Water inertial effects;

• Hydrodynamic damping effects such as drag and wave radiation;

• Soil-structure interaction in the case of fixed OWTs;

• Hydrostatic restoring and mooring dynamics in the case of floating OWTs.

Different methodologies exist to model these phenomena and may be applied in diverse manners according to the level of required accuracy, available computational resources and suitability to realistically model a particular ship-OWT collision scenario. This chapter is concerned with the basic physical principles that govern each of these aspects and how they influence the outcome of a ship-OWT accident. A particular focus is placed on how these physical phenomena can be modelled.

General physics

From an energy dissipation perspective, while there are some basic similarities between a collision involving two ships and a ship collision against an OWT, there are also important differences in the way energy is transferred. Specifically, these differences are due to additional effects such as SSI in the case of fixed structures, and hydrodynamic and mooring forces for Floating Offshore Wind Turbines (FOWTs). These aspects play a significant role in the collision energy transfer process and need to be taken into account when assessing the structural response of the collided bodies.

Main effects that take place in ship-OWT collisions are illustrated in Fig. 2.1. Based on the energy conservation principle, the most general formulation for the energy balance in a collision between a ship and an OWT may be written as:

K 0 = U ship + U owt + K ship + K owt + E hydro + E moor + E soil (2.1)
This equation takes into account the various factors that influence the energy dissipation during a collision event. Here, in the case of fixed or floating OWTs at rest, K 0 represents the initial kinetic energy of the impacting ship, while U ship and U owt refer to the energy absorbed by the deforming bodies, which includes both elastic and plastic mechanisms. The resulting kinetic energies of the ship and OWT after the collision event are denoted by K ship and K owt , respectively.

Other factors that contribute to energy dissipation include E hydro , which represents the energy dissipated through diffraction, radiation, and viscous hydrodynamic forces, and E moor , which represents the energy dissipated by the mooring system (this includes potential, kinetic, and deformation energy in the case of a catenary mooring). E soil refers to the energy dissipated by pressure and friction in the soil-structure interface.

It is important to note that Eq. 2.1 can be modified depending on the type of structure involved and the specific dissipation mechanisms at play. For example, E soil would be zero for a floating structure, while E moor would be zero for a fixed structure.

Assessing each term of Eq. 2.1 is crucial in ship-OWT collision analysis, and can be particularly challenging due to the complexity of accurately modelling non-linear phenomena such as SSI and hydrodynamic coupling.

Classical ship collision theory typically divides collision dynamics into two processes:

• External dynamics

• Internal mechanics

The external dynamics aspect focuses on the rigid-body motions of the floating bodies involved in the collision, accounting for hydrodynamic forces such as water added mass, buoyancy, wave radiation, and drag forces. In contrast, the internal mechanics aspect studies how the initial kinetic energy is dissipated into different structural deformations and frictional mechanisms.

Separating physical phenomena in a ship collision event into external and internal mechanisms is a convenient way to understand and approach the problem. However, it must be highlighted that rigid-body dynamics, hydrodynamic effects and deformation mechanisms are not independent and may interact significantly depending on the collision scenario.

External dynamics

The analysis of ship collisions involves an examination of the external dynamics of the structures, namely, the rigid-body motions that occur during and after the collision event.

The kinematics of the colliding bodies can be determined using principles of energy and momentum conservation, or by solving the resulting equations of motion (EOM) derived from classical mechanics.

For example, consider a collision event where a spar FOWT is impacted by an approaching vessel in still-water condition, as shown in Fig. 2.2. Both structures have body-fixed reference frames (B) defined at their respective centers of gravity (CoG), and a general earth-fixed frame (O) is fixed in space.

Focusing on the FOWT, the equilibrium of forces and moments that describe the 6degrees-of-freedom (6-DOF) rigid-body motion of the structure is given as:

M ẏ + Gy -[F w (y, x) + F v (y, x) + F h (y, x) + F m (x)] = F c (x) (2.2)
In Eq. 2.2, x denotes the position of the structure's CoG with respect to the earth-fixed reference and y denotes its absolute body-fixed velocity. The relationship between ẋ and y is given by Eq. 2.3:

ẋ = R 0 0 Q y (2.3)
where R is the rotation matrix that transforms the vector components from the body-fixed frame to the earth-fixed frame, and Q is the matrix that relates the angular velocities of the structure from the body-fixed frame to the earth-fixed frame. Together, they describe the transformation of the position and velocity vectors of the structure between the two frames. Details on these terms can be found in Le Sourne et al. [START_REF] Le Sourne | External dynamics of shipsubmarine collision[END_REF].

Note that Eq. 2.2 has been structured in such a way that the left-hand side is composed of terms that describe the external dynamics, whereas the right-hand side is made up of the internal mechanics term, represented by the contact force.

The mass matrix M is the sum of the rigid-body M rb and water added mass M a matrices:

M = M rb + M a (2.4)
while G is the gyroscopic matrix, defined by the sum of rigid-body G rb and water added mass G a gyroscopic matrices:

G = G rb + G a (2.5)
Together, these terms describe the inertial properties of the structures.

On the left-hand side of Eq. 2.2, in addition to the inertial terms, there are forces and moments from external sources. These are:

• F h (y, x), the hydrostatic restoring force/moment;

• F v (y, x), the viscous drag damping force/moment;

• F w (y, x), the wave radiation damping force/moment;

• In the present case of a FOWT, F m (y, x) defines the mooring force/moment. For a fixed OWT, this term can be replaced by the forces and moments produced by the SSI.

Because the forces and motions are all interdependent, solving Eq. 2.2 is not straightforward. However, there are different approaches to consider these interactions that can simplify this task.

For instance, in the case of fixed offshore structures, a common simplification relies on the assumption that the duration of the collision event is very short compared to the natural period of the structures involved [START_REF] Søreide | USFOS -A computer program for progressive collapse analysis of steel offshore structures[END_REF][START_REF] Bai | Offshore Structures Under Impact Loads[END_REF]. Since the surrounding fluid does not have time to significantly affect the motion of the bodies during the short duration of the collision, we can neglect hydrodynamic effects, and assume a constant water added mass contribution. This allows us to linearize or completely disregard fluid-related terms in the EOM and decouple external dynamics from internal mechanics, greatly simplifying the problem.

For a general ship-OWT collision event, the conservation of momentum in the system can be derived from the simplified EOMs of both colliding bodies. The obtained relationship is written as:

M ship v 0,ship + M owt v 0,owt = M ship v f,ship + M owt v f,owt (2.6) 
where M ship and M owt are matrices representing the masses of the ship and OWT, respectively. Initial and final velocities are denoted by v 0 and v f . This principle is the basis for a series of simplified decoupled methods based solely on external dynamics [START_REF] Pedersen | Ship impact analysis for bottom supported offshore structures[END_REF][START_REF] Pedersen | On impact mechanics in ship collisions[END_REF][START_REF] Jonge | Collision between a spar platform and a tanker[END_REF][START_REF] Pedersen | Ship collisions against wind turbines, quays and bridge piers. Collision and grounding of ships and offshore structures[END_REF][START_REF] Song | Numerical and analytical analysis of a monopilesupported offshore wind turbine under ship impacts[END_REF]. From this derivation, closed-from expressions can be obtained for the contact force and energy transferred into the structural response.

These simplified methods can be very useful in early design stages, as they provide a rapid estimate of the energy dissipation in rigid body motions for a specific collision scenario. However, their accuracy may not be sufficient to capture the complete response, depending on the complexity of the collision scenario. In such cases, alternative ways of dealing with coupling, such as semi-coupled or fully-coupled approaches, are better suited. Further details on these coupling methods can be found in Section 2.5.

Internal mechanics

The internal mechanics of a ship collision deals with the absorption of energy resulting from the structural deformation of the colliding bodies. This deformation energy, represented by U ship and U owt in Eq. 2.1, arises from various elastic and plastic mechanisms that occur over the course of the collision event. The specific contribution of these mechanisms depends both on the structures involved and the collision scenario.

Quasi-static response

In classical ship collision theory, it is generally assumed that the energy absorbed by elastic deformations is negligible when compared to that absorbed by plastic deformations. Indeed, according to Pedersen & Li [START_REF] Pedersen | On the global ship hull bending energy in ship collisions[END_REF], this contribution typically remains under 6% of the total deformation energy for ship-ship collisions. This assumption is critical because it allows for the use of Plastic Limit Analysis, a methodology that provides a practical framework for estimating the structure's collapse load and the corresponding deformation energy.

Plastic limit analysis assumes that the ship's structure is composed of a rigid-perfectly plastic material (see Fig. 2.3). The methodology is based on two fundamental principles: the principle of virtual work and the Upper Bound Theorem [START_REF] Jones | Structural impact[END_REF]. It is also the underlying methodology for a number of simplified methods to address internal mechanics. The material's flow stress, denoted as σ 0 , is often determined by the average of the static yield stress σ y , and the static ultimate stress σ u [START_REF] Zhang | Probability and Mechanics of Ship Collision and Grounding[END_REF]:

σ 0 = σ y + σ u 2 (2.7)
However, as Eq. 2.7 does not provide an upper bound solution, a more conservative approach relies on assuming that σ 0 = σ y [START_REF] Le Sourne | A ship collision analysis program based on upper bound solutions and coupled with a large rotational ship movement analysis tool[END_REF]. This definition will be followed throughout this thesis.

The principle of virtual work states that the work done by external forces acting on a system is equal to the internal work done by the internal forces of the system [START_REF] Jones | Structural impact[END_REF]. In the context of a ship collision, this means that the work done by the external collision force is equal to the internal work done by the structural deformation of the ship/structure. It can be expressed mathematically in terms of the work rates as:

Ėext = Ėint (2.8)
where Ėext is the virtual work rate associated to external forces and Ėint is the virtual work rate associated to internal forces. The first one, Ėext writes as:

Ėext = F • δ (2.9)
Here, F is the collision force and δ is the rate of penetration of the striking ship, that is to say, the penetration velocity. This equation asserts that the dot product of the external collision force and the velocity is the rate of energy (power) supplied by the collision force.

On the right-hand side of Eq. 2.8, the work rate resulting from the internal forces Ėint can be expressed as:

Ėint = V σ ij • εij dV (2.10)
where V is the solid body volume, σ ij is the stress tensor and εij is the strain rate tensor. Eq. 2.10 can be understood as the energy rate absorbed in the deformation of the structure.

According to Chen & Han [START_REF] Chen | Plasticity for structural engineers[END_REF]:

"If a compatible mechanism of plastic deformation is assumed which satisfies the boundary conditions, then the loads determined by equating the rate at which the external forces do work to the rate of internal dissipation will be either higher than or equal to the actual collapse load."

In other words, if a kinematically admissible collapse mechanism is assumed (i.e., a deformation mechanism that satisfies the equilibrium and compatibility conditions of the system), the upper bound theorem can be applied and the resistance of any collided structural member can be obtained from Eqs. 2.9 and 2.10.

Nevertheless, it is worth noting that this formulation requires a preliminary definition of an arbitrary displacement field that represents the deformation pattern resulting from a given collision scenario, which is in fact the most challenging step. These displacement fields are typically approximated to those observed on numerical or experimental impact tests for specific structural components with specific boundary conditions. The use of plastic limit analysis allows for the derivation of simple closed-form expressions and has been widely employed in various works for different ship structural components [START_REF] Zhang | Probability and Mechanics of Ship Collision and Grounding[END_REF][START_REF] De Oliveira | Crushing analysis of rotationally symmetric plastic shells[END_REF][START_REF] Wierzbicki | Concertina tearing of metal plates[END_REF][START_REF] Amdahl | Energy absorption in ship-platform impacts[END_REF][START_REF] Simonsen | Experiments and theory on deck and girder crushing[END_REF][START_REF] Paik | Ultimate Limit State Analysis and Design of Plated Structures[END_REF][START_REF] Hong | Plastic design of laterally patch loaded plates for ships[END_REF][START_REF] Cho | Experimental and analytical investigations on the response of stiffened plates subjected to lateral collisions[END_REF][START_REF] Kote Lko | Plastic strength of thinwalled plated members-Alternative solutions review[END_REF]. It has also been successfully applied to bottom-fixed offshore structures, such as bottom fixed monopiles and jacket structures, as demonstrated in Echeverry [START_REF] Echeverry | Numerical and analytical study of a spar-like floating offshore wind turbine impacted by a ship[END_REF], and Pire [START_REF] Pire | Development of a code based on the continuous element method to assess the crashworthiness of an offshore wind turbine jacket[END_REF]. Developments from the aforementioned works are used in this thesis.

A more detailed discussion on related literature is presented in Section 3.1.3.

Global elastic dynamic response

The dynamic response of an OWT collided by a ship can be divided into two categories: local and global. The local dynamic response is influenced by material strain rate sensi-tivity and the inertia of impacted and adjacent members, but is generally limited in the normal range of ship impact velocities [START_REF] Jones | An experimental study on the lateral impact of fully clamped mild steel pipes[END_REF][START_REF] Zhang | Plastic behavior of circular steel tubes subjected to low-velocity transverse impact[END_REF]. Therefore, it can be treated in a quasistatic manner (i.e., neglecting inertial effects) in combination with plastic limit analysis.

In contrast, the global dynamic response can be quite significant for slender structures such as OWTs. Depending on the relative dynamic stiffness and the initial kinetic energy of the colliding bodies, as much as 50% of the impact energy may be transferred into a global elastic dynamic bending response of the structure. This is especially relevant in minor collision events involving ships and OWTs, where the impact energy may not be sufficient to cause plastic deformation. Instead, the structure may undergo significant elastic deformation before bouncing back to its original shape. This has been demonstrated by Pedersen [START_REF] Pedersen | Ship collisions against wind turbines, quays and bridge piers. Collision and grounding of ships and offshore structures[END_REF] for monopile OWTs, and later by Echeverry et al. [41] for spar FOWTs.

During the elastic deformation phase, the collision energy is stored as potential energy in the deformed structure, which is later released as the structure returns to its original shape. Thus, for low energy impacts, energy dissipation through elastic deformation mechanisms may be more significant than plastic deformation mechanisms, since the energy is not dissipated immediately during the impact but rather stored temporarily in the deformed structure before being released as the structure returns to its original shape.

Due to its dynamic elastic response, the topside of the turbine tower, where the RNA is located, may experience extreme accelerations, particularly right after impact when an elastic shock wave is induced in the structure. The resulting "whipping" response can pose a significant problem because equipment within the RNA can be sensitive to this dynamic response. In fact, research in earthquake engineering suggests that such equipment can be adversely affected by moderate to high accelerations. For example, generators, inverters, and electrical controls may experience issues at acceleration levels between 0.5 to 1g, 1 to 1.5g, and 1.5 to 2g, respectively [START_REF] Dueñas-Osorio | Unavailability of wind turbines due to wind-induced accelerations[END_REF]. These types of equipment are commonly used in wind turbines, so high impact-induced acceleration levels can result in the failure of acceleration-sensitive equipment. Additionally, other wind turbine components, including yaw systems, mechanical control and brakes, hydraulic systems, gearboxes, and connections to the power grid, may also be vulnerable to acceleration. Furthermore, according to Bela et al. [43], Zhang et al. [44], and Yu et al. [START_REF] Yu | Numerical modelling and dynamic response analysis of a 10 MW semi-submersible floating offshore wind turbine subjected to ship collision loads[END_REF], operational safety limits for OWT RNA accelerations are set in the range of 0.2 -0.3g.

Simplified methods that are applied to estimate the global elastic dynamic response of offshore structures usually rely on reduced DOF equivalent systems. That is, the structure is idealized either as a single-degree-of-freedom (SDOF) mass-spring system, or as an Euler-Bernoulli cantilever beam with a tip mass. The analysis can then be divided into two fundamental problems:

1. The free vibration problem, concerned with obtaining the modal properties (i.e., eigenfrequencies and eigenmodes) that compose the structure's response;

2. The force vibration problem, from which a solution to the dynamic response associated to a certain impact load can be derived.

From classical beam theory, the free transverse vibrations of an Euler-Bernoulli beam are governed by the following equation [START_REF] Meirovitch | Fundamentals of vibrations[END_REF]:

EI ∂ 4 u (y, t) ∂y 4 + ρA ∂ 2 u (y, t) ∂t 2 = 0 (2.11)
where E is the modulus of elasticity, I is the second moment of inertia about the neutral axis, ρ is the material density, A is the cross-sectional area and u(y, t) is the transverse displacement in function of the position y along the beam and time t. Modal properties are obtained by solving Eq. 2.11.

Once the structure's eigenfrequencies and eigenmodes are known, methods such as modal superposition or Rayleigh-Ritz can be applied to derive its transient response to an impact load [START_REF] Géradin | Mechanical vibrations: theory and application to structural dynamics[END_REF]. Modal superposition takes advantage of the fundamental property of mode orthogonality and involves combining the obtained response of each vibration mode in order to derive the structure's response. The advantage of modal superposition is that it provides a simple and efficient way to analyze the elastic response of a structure subjected to any arbitrary load.

In contrast, the Rayleigh-Ritz energy-based method involves approximating the structure's response by a linear combination of trial functions, each chosen to represent a possible mode of vibration. The coefficients of the linear combination are then determined by minimizing the difference between the exact and approximate solutions. The advantage of the Rayleigh-Ritz method is that it provides an accurate approximation of the response of a structure using a small number of trial functions.

The first step for both approaches consists in expressing the response displacements in terms of a series expansion of the form [START_REF] Abrate | Vibration of non-uniform rods and beams[END_REF]:

u(x, t) = ∞ n=1 q n (t)X n (x) (2.12)
where u(x, t) is the displacement of the structure at time t and position x, q n (t) is the amplitude of the n -th mode of vibration, and X n (x) is the n -th mode shape or trial function, respectively, for modal superposition and Rayleigh-Ritz.

In summary, the main difference between modal superposition and the Rayleigh-Ritz method is that modal superposition provides an exact solution to the response of a structure, while the Rayleigh-Ritz method provides an approximate solution using a small number of trial functions.

A simplified methodology based on this general approach for ship collision against offshore platforms can be found in Travanca & Hao [49]. Other methodologies dealing with this matter are presented in Section 3.1.3.

On a final note, the current thesis presents an analytical framework for the global elastic dynamic response of OWTs subjected to ship impact applying by modal superposition.

Coupling approaches

As previously discussed in Section 2.3, a common approach to general ship collision analysis relies on basic simplifying assumptions in order to enable the separation of external dynamics and internal mechanics processes. This is the basis for so-called decoupled methods.

However, in collision scenarios with varying degrees of coupling between external dynamics and internal mechanics, other methods may be necessary to accurately account for this interaction. Ship collision analysis methods can be broadly categorized into three groups based on how coupling is defined: decoupled, semi-coupled, and fully-coupled methods.

Decoupled approaches

Decoupled methods assume that external dynamics and internal mechanics can be treated independently, simplifying the problem by allowing each aspect to be calculated separately, as explained in Section 2.3. This approach enables the derivation of simplified methods for both external dynamics and internal mechanics calculations, which have been widely applied in ship collision analysis for their practicality and relative accuracy.

In general, a simple rigid body model that either completely neglects structural deformation or assumes that it is limited to a small area within the impact zone is applied. To decouple and simplify the effects of the surrounding fluid, different assumptions can be utilized. For ship-ship collisions, the motion of the striking ship can be assumed to follow a prescribed path while the struck ship is fixed in space. The forces associated with the surrounding fluid are solely considered through a constant added mass, and other velocity-dependent effects are neglected [START_REF] Tabri | Influence of coupling in the prediction of ship collision damage[END_REF].

In the case of ship collisions against fixed offshore structures, as previously explained in Section 2.3, a common assumption is that the duration of the collision is shorter than the period of the structure's dominating motion period. From these base assumptions, common rigid-body kinematics and the impulse-momentum principle can be applied to derive the impact energy that is absorbed by deformation, which can be used as an input for the internal mechanics analysis.

Decoupled methods can be a cost-effective alternative to more complex analysis methods such as Finite Element Analysis (FEA). They can be particularly valuable for collision risk assessments, damage stability probabilistic analyses, and structural optimization routines where modelling preparation and computation are time-consuming.

However, it is important to note that while decoupled approaches can be advantageous in certain applications, they may not always provide accurate results for all collision scenarios. Oblique impacts, where the forces and moments acting on the colliding bodies are not aligned with the principal axes of the bodies, are a good example of such cases where significant coupling effects cannot be ignored. In such scenarios, decoupled methods can greatly underestimate the extent of resulting damage [START_REF] Tabri | Influence of coupling in the prediction of ship collision damage[END_REF][START_REF] Yu | Influence of 6DOF ship motions in the damage prediction of ship collision and grounding accidents[END_REF].

Long-duration impacts are another scenario where decoupled methods can lead to in-accurate results, as the assumption of a constant added mass becomes increasingly unrealistic [START_REF] Motora | Equivalent added mass of ships in collisions. Selected Papers[END_REF]. In these cases, the influence of hydrostatic restoring, wave radiation, and drag loads may also become significant. This has been demonstrated in various studies, such as in Kim et al. [53] for ship grounding and collisions, in Le Sourne et al. [START_REF] Le Sourne | External dynamics of shipsubmarine collision[END_REF] for ship-submarine collisions, and in Echeverry et al. [START_REF] Echeverry | Numerical crashworthiness analysis of a spar floating offshore wind turbine impacted by a ship[END_REF] for ship-FOWT collisions.

Therefore, certain collision scenarios, among which ship collisions against FOWTs, require alternative approaches.

Semi-coupled approaches

Semi-coupled approaches maintain the separation between external dynamics and internal mechanics processes, but solve the two components sequentially, often using time-step iterative algorithms. Specifically, rigid-body motions are evaluated at each step, taking into account hydrodynamic loads with an external dynamics model. The results are then used as input to calculate the structural response, which is applied to the next step for the external dynamics. This creates a feedback loop, where the motion of the structure affects the external loads acting on it, which in turn affects the motion of the structure. This process is represented schematically in Fig. 2.4. An interesting aspect of this framework is that it allows for the application of different methodologies for both internal mechanics and external dynamics. One such example is the application of the rigid-body dynamic solver MCOL [START_REF] Le Sourne | External dynamics of shipsubmarine collision[END_REF]. It has been widely applied in ship collision analysis both in combination with LS-DYNA and super element solvers, such as in the SHARP [START_REF] Le Sourne | A ship collision analysis program based on upper bound solutions and coupled with a large rotational ship movement analysis tool[END_REF] and FLAGS [START_REF] Pineau | A fast simulation tool for ship grounding damage analysis[END_REF] programs.

In general, semi-coupled methods offer a balance between accuracy and computational efficiency. By leveraging simplified models for either external dynamics or internal mechanics calculations, the computational cost can be greatly reduced, while ensuring appropriate accuracy. Alternatively, for applications where high-fidelity is required, methods such as NLFEA can be applied for structural calculations. In other words, the semicoupled approach offers a degree of flexibility in the cost/accuracy trade-off depending on how the framework is defined.

Furthermore, algorithmic techniques such as sub-cycling can enhance efficiency. By dividing the simulation time-step into larger intervals, sub-cycling allows for external dynamics calculations to be performed at a lower frequency than internal mechanics calculations, thereby improving computational efficiency.

Despite its benefits, this approach has a few limitations. Hydrodynamic calculations, for instance, typically require initial input from external seakeeping codes in the form of characteristic hydrostatic matrices, drag and water added mass coefficients, and wave radiation matrices, depending on the methodology employed.

Fully-coupled approaches

Fully-coupled approaches such as Arbitrary Lagrangian Eulerian (ALE) can simulate highly coupled collision events by explicitly modelling the fluid, without the need for external seakeeping calculations. Computational Fluid Dynamics (CFD) and Smoothed Particle Hydrodynamics (SPH) are also available techniques. However, their application in ship collision analysis is very limited due to the extreme computational costs associated with CFD and the novelty of the technique for this particular application in the case of SPH.

In the ALE method, the fluid is modelled using Eulerian elements while the solid (i.e., colliding structures) is modelled using Lagrangian elements. The interaction between the fluid and solid components is achieved by transferring forces between them using coupling algorithms, while contact algorithms are used to transfer forces between solid components. This methodology allows for accurate modelling of complex collision events involving fluid-structure interactions.

While ALE can realistically model fluid-structure interaction, it can be highly unstable and requires a cumbersome calibration process of governing parameters and mesh size beforehand. Moreover, computation time is typically significantly higher due to the explicit modelling of fluid domains if compared to semi-coupled methodologies. Therefore, although ALE is capable of accurately modelling complex collision scenarios without further external calculations, it requires considerable modelling efforts and computational resources that can outweigh potential gains in accuracy. As a result, its applications in ship collisions is still limited.

Material modelling

During a ship-OWT impact event, structural members in the collision zone are subject to high-intensity stresses and localized deformations for a short period, where factors such as prescribed failure criteria, crack propagation behavior, and strain rate effects become significant. Therefore, the selection of adequate constitutive models for either metallic or cementitious materials becomes crucial for obtaining meaningful results, especially when carrying out NLFEA. An overview of material modelling for ship-OWT collision analyses is presented in this section, with focus on steel and particular considerations for numerical FEA material modelling.

Typically, OWT structures are built using low to medium grade structural steels with yield strengths ranging from 240 to 355M P a. The mechanical properties of these mild steels for structural design are commonly derived from uniaxial tensile tests on specialized "dog-bone" specimens, in accordance with established standards. From these tests, an engineering stress-strain curve is produced, which synthesizes the material's mechanical behavior. This curve typically identifies key parameters such as the initial yield stress (σ 0 ), the ultimate tensile stress (σ u ), and the stress at fracture (σ f ), as illustrated in Fig. The plastic stress increase resulting from hardening can be described using either a power hardening law or a piece-wise hardening curve, depending on the effective plastic strain ε p . For mild steel, a yield plateau exists up to the beginning of hardening at ε plateau , and the power-law and yield function can be expressed as:

σ y (ε p ) = σ 0 if ε p ≤ ε plateau K(ε 0 -ε plateau + ε p ) n if ε p ≥ ε plateau (2.13) Y (J 2 , σ y ) = 0 (2.14)
where K and n are the hardening parameters that are determined experimentally. The yield function Y in Eq. 2.14 is based on the second deviatoric invariant (J 2 ) and the yield stress σ y , whose evolution depends on the hardening law employed. The most commonly used hardening law in ship collision analyses is isotropic hardening.

The effect of strain rate is often taken into account using the model proposed by Cowper & Symonds [START_REF] Cowper | Strain-hardening and strain-rate effects in the impact loading of cantilever beams tech[END_REF] in 1957, which is widely used. This model scales the static stress with a dynamic hardening factor that depends on the strain rate ε:

σ dyn = σ sta 1 + ε C 1 p (2.15)
The values of the parameters C and p are obtained from dynamic tensile tests and are typically calibrated for mild steels with C = 40.4s -1 and p = 5. High strength steels, on the other hand, require larger values of C and p, with C = 3200s -1 and p = 5, as suggested by Paik & Thayamballi [57].

Nevertheless, it is worth noting that ship collisions against OWTs generally occur at relatively low speeds (less than 10m/s), for which the effect of strain rate on the structural response of both the striking ship and the wind turbine structure is limited, as recently demonstrated by Cerik & Choung [START_REF] Cerik | On the modelling of strain-rate effects in nonlinear FE analysis of ship collisions[END_REF]. Furthermore, due to the significant uncertainties associated with strain rate effects and the challenges in their implementation, Yu & Amdahl [START_REF] Yu | A review of structural responses and design of offshore tubular structures subjected to ship impacts[END_REF] recommended that strain rate effects should be neglected in the analysis of ship collisions against offshore structures.

Regarding FEA material modelling, accurately simulating fracture initiation and propagation is the main challenge when predicting steel behavior, as these phenomena are localized on the length scale of plate thickness and difficult to capture using large shell elements. Additionally, fracture is highly dependent on the material stress state and is sensitive to the adopted mesh size used in the model. Fracture criteria that account for stress biaxiality or triaxiality have been proposed in the literature for structures modelled with large shell elements, where the shell size is several times the shell thickness. The Bressan-Williams-Hill [START_REF] Alsos | Analytical and numerical analysis of sheet metal instability using a stress based criterion[END_REF] and Rice-Tracey and Cockcroft-Latham [START_REF] Tørnqvist | Design of Crashworthy Ship Strucures[END_REF] fracture criteria have shown reasonable and consistent predictions in several benchmark studies based on small and large scale tests [START_REF] Calle | A review-analysis on material failure modeling in ship collision[END_REF][START_REF] Storheim | On the accuracy of fracture estimation in collision analysis of ship and offshore structures[END_REF][START_REF] Calle | Benchmark study of failure criteria for ship collision modeling using purpose-designed tensile specimen geometries[END_REF].

A recent study by Kõrgesaar [65] demonstrated that the material deformation history also plays a crucial role in simulation results. Specifically, they found that using two fracture criteria that provided the same failure strain but accounted for damage history differently resulted in significantly different force-displacement curves in impact simulations with varying stress states.

The difference between fracture behavior of thin sheets under plane strain bending and tension was investigated by Woelke et al. [START_REF] Woelke | Fundamental differences between fracture behavior of thin sheets under plane strain bending and tension in IOP Conference Series[END_REF], which showed that fracture initiation was delayed under bending-dominated loads. Recent approaches have been developed to distinguish between membrane and bending deformation, such as those formulated by Costas et al. [START_REF] Costas | A throughthickness damage regularisation scheme for shell elements subjected to severe bending and membrane deformations[END_REF] and Pack & Mohr [START_REF] Pack | Combined necking & fracture model to predict ductile failure with shell finite elements[END_REF]. The latter was demonstrated by Cerik et al. [69] to produce consistent results independent of element size for a stiffened plate ruptured under membrane tension.

Numerical simulations of different ship structure components were carried out by Kõrgesaar & Storheim [70] using different mesh sizes and fracture criteria, including approaches that can distinguish between membrane and bending deformation modes. In this study, it appears that Pack and Mohr's approach [START_REF] Pack | Combined necking & fracture model to predict ductile failure with shell finite elements[END_REF] does not yield better accuracy compared to approaches that do not distinguish deformation modes. Instead, Cockcroft-Latham failure criterion associated to a bending mode indicator to account for bending damage [START_REF] Costas | A throughthickness damage regularisation scheme for shell elements subjected to severe bending and membrane deformations[END_REF] gave the least scatter among the different analyzed cases.

Soil-structure interaction

During a collision event involving a fixed OWT, a portion of the impact load is transmitted to the soil adjacent to its foundation through friction and pressure. Soil composition plays a crucial role in determining not only the overall stiffness of the structure during the collision but also in its post-collision serviceability.

In an ideal scenario, ship-OWT collision analyses should consider the non-linearities of SSI and the heterogeneity of soil materials. However, it is often challenging, for technical or economic reasons, to have a precise soil composition profile for a given offshore location during the early phases of the design process. Despite these challenges, SSI effects can be approximated with the use of simplified models, as shown in Fig. For instance, in the Effective Fixity (EF) model, the monopile is idealized as a flexible cantilever beam (see Fig. 2.6a). Its dimensions and penetration below the mudline are calibrated to reproduce the equivalent response of a high-fidelity soil model. Whereas, above the mudline, the monopile's real properties are maintained. This approach is rather simple and can be easily applied. However, the response is only realistic for a particular set of conditions, and calibrations need to be performed for each specific loading scenario (e.g., normal operation, parked condition) [START_REF] Jonkman | Offshore code comparison collaboration (OC3) for IEA Wind Task 23 offshore wind technology and deployment tech. rep[END_REF].

In the so-called Coupled Springs (CS) model, the soil stiffness is represented as a set of coupled springs in translation and rotation located at the mudline, as depicted in Fig. 2.6b. Tower lateral displacement ϱ and inclination θ are determined using the linear relationship expressed in Eq. 2.16 for a given lateral force F x and overturning moment M z [START_REF] Bhattacharya | Design of foundations for offshore wind turbines[END_REF].

F x M z = K L K LR K LR K R ϱ θ (2.16)
where K L is the lateral soil stiffness, K R the rotational soil stiffness and K LR the crosscoupling stiffness. This approach, although useful for considering the overall reduction in stiffness compared to a fully clamped model, is only valid for small rotations and fails to capture essential SSI effects (i.e. material non-linear effects and soil reaction through depth).

Alternatively, an approach that is often applied in OWT design is the Distributed Springs (DS) model, whereby the flexible foundation is idealized as a free-free beam with the actual cross-sectional properties of all components, including the monopile's penetration depth. Lateral (Winkler-type) springs are distributed along the subsoil section of the monopile (see Fig. 2.6c). The stiffness coefficients of these springs are dependent on depth and are determined by linearizing the lateral soil force versus lateral monopile displacement (p-y curves) [START_REF] Arany | Design of monopiles for offshore wind turbines in 10 steps[END_REF].

This approach is quite effective as it incorporates both soil non-linearity and stratification. It is commonly used in ultimate strength calculation tools, such as USFOS, for both monopile and jacket foundations. In USFOS, the piles are discretized into several spring and beam elements based on the soil layer profile provided by the user, as explained by Søreide et al. [START_REF] Søreide | USFOS -A computer program for progressive collapse analysis of steel offshore structures[END_REF].

However, the most accurate way to account for SSI effects is by performing high-fidelity non-linear finite element (NLFE) simulations using solid elements along with geomaterial models. In this approach, each soil layer is explicitly modelled throughout its depth, as shown in Fig. 2.7. However, this method requires significant computational resources and expertise from the designer in terms of geological material modelling and non-linear simulations. 

Mooring dynamics

According to Jonkman [START_REF] Jonkman | Dynamics modeling and loads analysis of an offshore floating wind turbine[END_REF], the function of a mooring system is primarily to anchor FOWTs to the seabed, thus maintaining them in a fixed position. In some platform concepts, such as Tension-Leg Platforms (TLPs), moorings also provide a means to ensure stability. A mooring system is composed of multiple cables that connect to the floating support platform through fairlead connections and anchors to the seabed on the other end. The cables can be made of chain, steel, synthetic fibers, or a combination of these materials.

Mooring arrangements vary depending on several factors, including water depth, wind and wave conditions, and the type of floating platform used to support the turbine [START_REF] Ma | Mooring system engineering for offshore structures[END_REF]. Catenary moorings are, in general, more suitable for relatively shallow water depths and less severe environmental conditions, while taut moorings are more suitable for deeper water depths and more severe environmental conditions. Spar and semi-submersible floaters are typically moored using catenary moorings, while TLPs are typically moored using taut moorings. The choice of mooring arrangement for a floating offshore wind turbine requires careful consideration and analysis to ensure safe and efficient operation.

Forces acting on the fairleads are generated by the tension in the mooring lines, which is influenced by various factors such as the buoyancy of the support platform, the weight and buoyancy of the cables in water, the cable's elasticity, viscous drag, boundary separation effects, and the geometrical layout of the mooring lines. As the tension in the cables is constantly changing due to the platform's motion, mooring restoring forces are highly dynamic and non-linear [START_REF] Jonkman | Dynamics modeling and loads analysis of an offshore floating wind turbine[END_REF].

These forces can also be very sensitive to hydrodynamic effects such as drag forces and water added mass, particularly during fast loading scenarios when either the mooring system stiffness or its inertial properties are significant [START_REF] Hall | Hybrid Modeling of Floating Wind Turbines[END_REF]. Despite this, only a few authors have investigated the influence of mooring dynamic effects specifically in the context of ship-OWT collisions. Echeverry et al. [54] and Zhang et al. [78] conducted numerical simulations of ship collisions against a spar-type FOWT that was moored using a catenary mooring arrangement. The research showed that the effect of mooring lines on the resulting collision force is limited for this particular cable arrangement. Mooring forces remained within a safe range, without risk of rupture, for head-on collisions up to a speed of 3m/s. Nevertheless, the motion of the platform was directly influenced by the mooring response. This highlights the importance of considering the mooring system in collision simulations, but its degree of influence on the FOWT's response will greatly depend on the duration of the impact, the floater type and the mooring arrangement.

Various formulations have been developed to calculate the restoring forces that arise from mooring systems. Depending on the floater's response for a given load case, either quasi-static or dynamic models can be applied. Quasi-static approaches assume that the inertia and damping of the mooring systems can be neglected. Closed-form expressions can then be used to describe the system's compliance. This approach is suitable when low computational costs are desirable, and when the overall FOWT's response is not dominated by the mooring system, as it could be the case of some catenary mooring arrangements [START_REF] Andersen | Verification and validation of multisegmented mooring capabilities in FAST v8[END_REF]. It can also be applied confidently when the platform undergoes small motions. This approach has been applied, for instance, by Jonkman [START_REF] Jonkman | Dynamics modeling and loads analysis of an offshore floating wind turbine[END_REF].

However, when the platform experiences larger motions, significant non-linear effects arise, and dynamic analysis approaches are required to accurately predict mooring restoring forces. Dynamic models are distinct from quasi-static models because they can account for inertia effects, internal damping, and drag loading. These methods usually rely on FEA, finite difference or lumped-mass approaches. They are typically computationally intensive, but can provide accurate predictions of the mooring system's response under extreme environmental loads [START_REF] Masciola | Extending the capabilities of the mooring analysis program: A survey of dynamic mooring line theories for integration into FAST[END_REF].

Chapter 3

State of the art

Structural analysis

The objective of this section is to present a bibliographical review on methodologies used for structural damage analysis applied to ship collisions against offshore wind turbines. These methodologies may be classified into three broad categories:

• Experimental methods

• Numerical methods

• Simplified methods

Additionally, coupling approaches for the external dynamics and internal mechanics are also presented and discussed.

Experimental methods

One of the primary challenges in modelling ship collisions is the limited feasibility of verifying theoretical models against large-scale experimental tests due to inherent technical and economic complexities. Although there have been some experimental full-scale collision campaigns, they are relatively rare. One noteworthy example is the side collision test of two inland waterway vessels conducted in the Netherlands, which was documented by Vredeveldt [START_REF] Vredeveldt | Full scale ship collision test results tech[END_REF].

Alternatively, reduced-scale experiments can also provide valuable results for understanding both the external dynamics and internal mechanics of ship collisions. Examples of such experimental studies involving small-scale ship models can be found in Blok & Dekker [START_REF] Blok | On hydrodynamic aspects of ship collision with rigid or nonrigid structures in Offshore Technology Conference[END_REF] and Blok et al. [83], Tabri et al. [START_REF] Tabri | Model-scale experiments of symmetric ship collisions[END_REF], and more recently, Oshiro et al. [START_REF] Oshiro | Experimental study of collision in scaled naval structures[END_REF]. Additionally, large-scale ship collision experiments have also been conducted, such as the 1:3 scale collision of a bulbous bow against a side hull described by Lehmann & Peschmann [START_REF] Lehmann | Energy absorption by the steel structure of ships in the event of collisions[END_REF].

It is important to note that there are very few experimental studies of this nature available in the literature. This limited availability can be attributed to the high degree of uncertainty associated with commonly used similarity principles, which include geometrical and material scaling. When constructing reduced-scale models, imperfections and alterations in the heat-affected zone are not taken into account, and the assumption of equivalent impact velocities introduces a scaling factor in the strain rates. Consequently, the failure mode of a scaled structure may differ from that of a full-scale one, as noted by Jones [START_REF] Jones | A literature survey on the collision and grounding protection of ships tech[END_REF] and Oshiro et al. [88]. In other words, small-scale experiments can provide valuable insights, but they must be designed and executed with care to minimize the impact of scaling effects and accurately represent real-world scenarios. No literature has been found for experimental ship collision tests involving OWTs or general offshore structures.

Nevertheless, there has been a significant effort towards experimental impact tests of ship structural sub-assemblies, such as side panels [START_REF] Hagiwara | A proposed method of predicting ship collision damage[END_REF][START_REF] Paik | On Rational Design of Double Hull Tanker Structures against Collision English[END_REF][START_REF] Calle | Ship collision and grounding: Scaled experiments and numerical analysis[END_REF] and bulbous bows [START_REF] Amdahl | Energy absorption in ship-platform impacts[END_REF][START_REF] Oshiro | Experimental study of collision in scaled naval structures[END_REF][START_REF] Yamada | Buffer Bulbous Bows: A Measure to Reduce Oil Spill in Collisions English[END_REF], where the use of larger scales is feasible. The main objective of these experiments is to observe the collapse mechanisms of various structural members in a collision event and to quantify the reaction loads arising from such deformations in the form of contact forcepenetration curves. These curves serve as validation references for simplified and discrete numerical models. A broader review of experiments conducted for ship-ship collision and grounding events can be found in the works of Ehlers [START_REF] Ehlers | A review of collision and grounding damage assessment methods[END_REF] and Liu et al. [START_REF] Liu | Review of experiments and calculation procedures for ship collision and grounding damage[END_REF].

Within the field of offshore structures, there have been numerous studies dedicated to impact testing on tubular members. These components, which typically have circular cross-sections, are utilized in a variety of offshore structures, including jackets, tripods, semi-submersibles, jack-ups, monopiles, and spar floaters. Depending on their intended application, these tubular members can vary greatly in size, ranging from relatively small chords, columns, and braces to very large standalone supports, such as those used in monopile and spar floater OWTs. Impact tests on tubular members designed for offshore structural applications often focus on the tube's response to a lateral load. Experimental setups generally involve a tubular specimen that is either simply-supported or clamped at both extremities. An indenter is then used to impact the tube, either dynamically (via free drop tests) or quasi-statically. The mass and shape of the indenter may vary depending on the specific collision scenario being studied, with wedge-shaped indenters being the most commonly used.

The response of aluminum and steel tubes with various geometries and support conditions to quasi-static loads was investigated experimentally by Thomas et al. [96] and Watson et al. [97,[START_REF] Watson | Large deformations of thin-walled circular tubes under transverse loading-III: further experiments on the bending of simply supported tubes[END_REF]. They reported three main deformation mechanisms: (1) local denting, (2) combined denting and bending, and (3) plastic collapse. Similarly, Yamanoi et al. [START_REF] Yamanoi | Collapse load and absorbed energy estimation of tubular members subjected to local lateral loads[END_REF] 103] demonstrated the significant impact of membrane forces that develop when the tube is axially restrained at the extremities, while Reid [104] and Paik et al. [105] observed the interaction between global bending and local denting. Ong & Lu [106] derived empirical expressions to estimate collapse loads and energy absorbing capability of the tubes.

The interaction between axial compression and dynamic lateral loading on tubular members was shown in Zeinoddini et al. [107,108], Khedmati & Nazari [109], and Firouzsalari & Showkati [110]. Results suggest that pre-compression has a significant effect on the resulting damage for extremity-supported tubes. Meanwhile, Ruggieri & Ferrari Jr [111] found that axial pre-traction has little influence on the tube's lateral strength in quasistatic tests.

More recently, Cho & Lee [START_REF] Cho | Experimental and analytical investigations on the response of stiffened plates subjected to lateral collisions[END_REF] and Cerik et al. [112] presented experimental campaigns on low-velocity dynamic impacts on H-shaped tubular members. These studies are particularly relevant to the present work, as they simulate the impact conditions that could occur during ship collisions with OWTs. Although the boundary conditions do not correspond exactly to what is found in standalone OWT tubular supports. Furthermore, these impact tests were used as a reference to calibrate numerical simulations developed in this thesis. Details are discussed in Section 4.2.

In conclusion, experimental investigations have been instrumental in providing valuable insights into the response of tubular structures to impact. Various researchers have conducted quasi-static and low-velocity dynamic impact experiments on tubular members, examining their behavior under different loading conditions and support configurations. These experimental studies have identified the presence of different deformation mechanisms, such as local denting, combined denting and bending, and plastic collapse, and have shown the influence of membrane forces and axial loading. The results of some of these studies were used to derive and validate analytical and empirical formulations, as well as numerical models, for predicting the response of tubular structures to impact.

This section provides an overview of particularly relevant examples. It should be noted, however, that there is no intention to cover the entire available literature on this subject, which is quite extensive.

Numerical methods

Since the mid-1990s, rapid progress in computer technology has led to a significant increase in computational power, making large-scale numerical simulations of ship collisions possible [113]. Among these methods, NLFEA stands out as particularly valuable for its ability to capture large deformations, plasticity, and complex contact conditions. In addition to providing greater accuracy than simplified analytical methods, numerical methods offer a more practical and cost-effective alternative to complex experimental setups.

In the field of ship collision analysis, LS-DYNA and USFOS are widely used NLFEA codes. LS-DYNA employs shell finite elements and explicit solution schemes, providing high-fidelity calculations of both global and local responses. On the other hand, US-FOS uses a hybrid approach, combining beam-column models to simulate global behavior and conventional shell finite element for local deformations. This approach significantly reduces computational cost, while still achieving reasonably accurate results.

While there are comprehensive reviews available on the use of numerical methods for ship collisions against oil and gas offshore structures, such as those by Ellinas & Valsgard [95] and Yu & Amdahl [START_REF] Yu | A review of structural responses and design of offshore tubular structures subjected to ship impacts[END_REF], studies on collisions against offshore wind turbines, especially floating ones, remain scarce. However, given the growing interest in these technologies, rapid developments in this field are likely to occur. The objective of this section is to review the available numerical studies on collisions between ships and offshore wind turbines, both fixed and floating.

Fixed OWTs

In a study by Biehl & Lehmann [114], finite element simulations were conducted to investigate lateral ship-OWT collisions using different vessel types and supports, including a monopile, a jacket, and a tripod. The study aimed to evaluate the effectiveness of OWT supports in reducing ship damage. Preliminary calculations of stress, displacement, and contact forces due to quasi-static loads were performed using LS-DYNA's implicit solver. The explicit collision simulation incorporated the ship's motions, influenced by the surrounding fluid, and was calculated using the MCOL rigid-body subroutine in LS-DYNA. The study identified various failure modes for different supports and found that tripods were less able to absorb energy through deformation, resulting in more severe damage to the ship. Additionally, the study revealed that collapse represented a significant risk for both monopiles and jackets due to the potential for the upper structure to fall on the ship, causing significant damage.

In a subsequent study, Amdahl & Holmas [115] used USFOS to simulate a drifting tanker colliding against a jacket-supported OWT. The jacket was modelled using jointto-joint beam-column elements, while the piles and soil stiffness were represented by tubular beams and non-linear springs. The tower was also modelled using tubular beam elements, which could approximate global bending but not local deformation. However, USFOS allows for a hybrid meshing technique using shell elements in areas of interest in order to capture such local effects. Notably, the ship was not explicitly modelled, but rather defined using non-linear springs and a concentrated mass to describe its stiffness and inertia properties. Despite considerably decreasing computation cost, a pre-calculated force-penetration curve for the ship is required with this approach. The study showed that the struck leg suffered major deformation, leading to the collapse of the entire jacket when the tanker approached at 2m/s.

A study by Le Sourne et al. [116] used LS-DYNA to investigate ship collisions against jacket supported OWTs. The study aimed to explore the impact of different factors, such as gravity loading, the inclusion of the wind turbine tower and soil stiffness, and to analyze the crushing response and energy dissipation for various ship velocities. Both rigid and deformable striking ships were used in the simulations, and the study found that leg impact caused more damage than brace joint impact for a 5000-ton Offshore Supply Vessel (OSV) approaching at 6m/s. The study also suggested that assuming the jacket to be clamped into the ground was acceptable, and considering a rigid impactor for an ice class bulk carrier was a reasonable assumption. Results showed that gravity loading and the presence of the wind turbine did not have a significant effect on the OWT's response. In a similar study, using LS-DYNA, Bela et al. [START_REF] Bela | Ship collision analysis on offshore wind turbine monopile foundations[END_REF] investigated the impact of rigid and deformable OSVs on a monopile supported OWT. The study examined the influence of various factors such as approaching velocities, impact locations, wind loads and soil stiffness on the OWT's response. Results highlighted the significant impact of the velocity on the OWT's behavior, with collapse occurring at velocities above 5m/s (see Fig. 3.

2).

The study also revealed that the wind may have significant effects, specially when the impact force acted in the opposite direction of the wind. In this scenario, for normal wind operation conditions, a ship approaching at 3m/s led to the collapse of the tower. Neglecting soil flexibility was shown to lead to an overestimation of plastic deformations. Additionally, simulations indicated that the nacelle can suffer significant damage, including damage to sensitive internal equipment due to induced high accelerations. Further investigations on the transient response of a monopile OWT subjected to simultaneous ship impact and wind loads were recently performed by Song et al. [START_REF] Song | Numerical and analytical analysis of a monopilesupported offshore wind turbine under ship impacts[END_REF].

Floating OWTs

Floating structures present unique challenges due to hydrodynamic effects and mooring lines, which are discussed in detail in Section 2.3. These factors add significant complexity to the numerical modelling of collisions with FOWTs, making it substantially different from those involving fixed supports. Therefore, in order to accurately model the external dynamics and internal mechanics of FOWTs, semi-coupled or fully-coupled approaches are generally required.

In a study conducted by Echeverry et al. [41], the structural behavior of a spar FOWT during ship collisions was investigated using LS-DYNA in conjunction with MCOL. The study examined the FOWT's response to various parameters such as gravity loading, mass of the nacelle, mooring lines, ballast, hydrodynamic forces, and deformability of the impactor. The main deformation modes observed on the FOWT (see Fig. 3.3) included:

• Local plastic denting at the impact zone;

• Beam-like elastic response of the global structure;

• Buckling at the interface between the ballast tank and the floater;

• Buckling at the interface between the tower and the nacelle.

The study demonstrated that neglecting hydrodynamic effects led to a significant underestimation of the collision force. Hydrostatic restoring forces, which counteract the spar's resulting pitch and heave motions, were the main source of energy dissipation due to the surrounding fluid. Additionally, the study found that the mass of the nacelle and the ballast tank had a strong influence on the FOWT's dynamic response, particularly in the first moments of impact when the structure's beam-like elastic global bending subjected the nacelle to high acceleration levels. For lower ship initial kinetic energies, the contribution of elastic deformation to the internal energy was even more pronounced. Lastly, the study showed that mooring lines deformation had a more significant influence on the long-term FOWT rigid body motions. Note that this study was used as one of the main references in this thesis.

Another recent numerical study on ship collisions with a spar FOWT was conducted by Zhang et al. [START_REF] Zhang | Dynamic responses analysis of a 5 MW spar-type floating wind turbine under accidental ship-impact scenario[END_REF] and Zhang & Hu [117]. The study used the user-defined LOADUD subroutine in LS-DYNA to model hydrodynamic, aerodynamic, and mooring loads in the collision model. Potential flow theory was employed to calculate radiation forces, including water added mass at infinite frequency and wave radiation damping. Hydrostatic restoring forces were also considered, but large rotational motions were not taken into account. The wind thrust was calculated using a simplified formulation that assumed a constant relative wind velocity. Moorings were not explicitly modelled using finite elements but were instead represented using a linearized model that did not consider inertia and damping. The study focused primarily on the global motions of the spar and the resulting acceleration of the nacelle. Results suggested that while the FOWT structure may not suffer critical damage during a ship impact, the high acceleration induced by the collision may cause equipment inside to fail.

The study conducted by Yu et al. [45] is a recent investigation of the response of a semisubmersible FOWT to ship collisions using the non-linear finite element code USFOS. The focus was on a DTU 10 MW turbine mounted on the OO-STAR floater, which was constructed of post-tensioned concrete. A modern supply vessel weighing 7500 tons and a shuttle tanker of 150000 tons were chosen as striking ships. The FOWT model in USFOS was described in detail, including the floater, turbine blades, tower, and mooring system. The study performed a global collision response analysis of the FOWT in both parked and operating conditions, with the ship's resistance modelled as non-linear springs in USFOS using force-displacement curves obtained from LS-DYNA simulations. The results were discussed in terms of the global responses of the FOWT and the energy absorption. The study demonstrated that, for this particular collision scenario, the structure is generally safe. However, high nacelle accelerations were observed, which could potentially lead to equipment failure. Furthermore, wind loads appeared to exacerbate the sustained damage.

Reinforced concrete (RC) floaters have recently been the subject of numerical investigations, as presented by Márquez et al. [118]. To validate a proposed simplified collision mechanical model, the study simulated a collision between a 3000-ton OSV and the ITI Energy barge [START_REF] Jonkman | Dynamics modeling and loads analysis of an offshore floating wind turbine[END_REF], which supported the NREL 5MW OWT, using LS-DYNA/MCOL. The proposed model considers the deformability of both striking and struck ships, evaluates the elastic-plastic response of RC slabs with normal horizontal restraints, and accounts for contact area effects and punching shear failure. Additionally, it couples internal mechanics with external body dynamics and considers hydro-mechanical effects, such as hydrostatic restoring, viscous, and wave damping forces. MCOL is used to account for these effects acting on collided bodies. Results show that the proposed model accurately captures penetrations in both structures, as well as their body dynamics and contact force generated through collisions. Importantly, the proposed model achieves this with significantly lower computational costs compared to traditional NLFE models. These findings indicate the potential of the proposed model to simulate collisions and related phenomena in structures with improved computational efficiency.

Recent studies have also explored the dynamic responses of other types of floating structures. For example, Sha et al. [119] investigated the global and local responses of a floating bridge girder when collided by a ship. In their study, they first conducted a simulation using LS-DYNA to identify the detailed local damage occurring in both structures. The resulting force-displacement curve was then used to define non-linear springs and nodal mass systems employed to model the ship's bow collision in USFOS, allowing for estimation of the global response of the floating bridge. Similarly, Yu et al.

[120] employed a similar approach to analyze a ship collision against a floating fish farm.

Simplified methods

This section provides a brief overview on simplified methodologies for the internal mechanics modelling of ship collisions. The discussion is divided into methods that focus on quasi-static plastic damage analysis and those that concentrate on the global elastic dynamic response of the OWT. Note that the focus is put on offshore structures, in particular methods that can be applied for OWTs.

Quasi-static plastic damage analysis

When analyzing the impact of a ship on an offshore structure made up of tubular members, the problem is often simplified to the idealization of a tube under lateral loading. This simplification can be applied to both tubular assemblies, like jackets, and individual tubular structures, such as monopiles, depending on the assumed boundary conditions.

The impact response of tubular members, typically consists of a combination of local denting damage at the point of impact, a global beam-like behavior and membrane deformation. These modes interact in a complex manner that may be influenced by axial loading, impact locations, initial inclination angles of the tubes, and the shape of the impactor, among other factors. Because of this, early research generally treated local and global modes separately in order to enable the derivation of simple theoretical models.

Literature is abundant on simplified formulations for tubular members under lateral loading. Derivations for the local denting resistance of fully clamped tubes have been proposed, for instance, by [125]. These models assume that the deformation process is divided into two clearly separated phases. Initially, only local denting occurs. This process then ceases when plastic hinges are formed, and a second, purely global bending phase takes place.

Alternatively, analytical formulations that consider the simultaneous action of local and global modes have been proposed by Jones & Shen [126] and Buldgen et al. [127]. Both rely on plastic limit analysis (see Section 2.4). The latter extends the formulation by Wierzbicki & Suh [122] for the local mode to consider the shape of the impactor (i.e., a ship's bow) and the position and orientation of the struck tube. This methodology has been adopted in the developments of this thesis. For a detailed discussion on the aforementioned methods, refer to Yu & Amdahl [START_REF] Yu | A review of structural responses and design of offshore tubular structures subjected to ship impacts[END_REF] and Cerik et al. [112].

Simplified calculation methods used to model the response of ship and offshore structures to collision loads are often based on the following concept: complex structures, such as ship hulls or offshore jacket foundations, are broken down into smaller, more manageable, sub-assemblies. This approach is similar to traditional Finite Element Methods (FEM) in that the structure is discretized using simple elements. However, unlike FEM, where a single structural component is divided into several finite elements, these methods use a single element for each structural component. Analytical or semi-analytical formulations are then applied to model their behavior. This approach significantly reduces the number of elements required to model a structure compared to FEM, which results in a significant decrease in the computational cost of solving the problem. This concept was first introduced in the works of Yukio & Rashed [128] under the name Idealized Structural Unit Method (ISUM). This method represents the non-linear behavior of each structural element (unit) using a set of failure functions that define various failure modes (such as yielding and buckling), and stiffness matrices that relate nodal force increments to nodal displacement increments before and after failure [129].

The ISUM method has been demonstrated to be quite effective in reducing computational cost, whilst maintaining sufficient accuracy [130]. Despite this, it has mostly been applied to ultimate strength analyses of ships. An example of ISUM units developed for offshore structures can be found in Ueda & Rashed [131].

Another application of the same concept has been proposed by Lützen [132] for head-on ship-ship collisions. The so-called Super Elements (SE) developed in this work, similarly to ISUM units, are designed to represent large structural subcomponents. In this case, super elements describing the resistance of the bow and the deck of the colliding ships, including stiffening components, were developed. Their deformation behavior was described using closed-form expressions based on plastic limit analysis. Unlike ISUM, however, the SE approach assumes that the super elements behave independently of each other. The total resistance is then calculated by summing the contributions of all deformed super elements. This methodology served as a basis for a number of rapid calculation tools such as SHARP [START_REF] Le Sourne | A ship collision analysis program based on upper bound solutions and coupled with a large rotational ship movement analysis tool[END_REF] for ship collisions, and more recently, FLAGS [133] for ship grounding analysis.

In the context of offshore wind turbines, the super element approach has been applied by Pire [16] and Buldgen et al. [127]. They developed super elements to estimate the resistance of different tubular members that compose an OWT jacket foundation and the associated deformation modes that occur as a result of a ship impact. These deformation modes were observed from preliminary numerical simulations (see Fig. 3.4) and consisted of:

• Local plastic denting of the impacted member [127];

• Global plastic bending with the development of membrane forces [127];

• Punching of the legs by the compressed braces [134];

• Buckling of the legs at the base of the jacket [135];

• Overall deformation of the jacket. By integrating the proposed models for each deformation mode, a rapid collision assessment tool was developed and presented by Pire [START_REF] Pire | Development of a code based on the continuous element method to assess the crashworthiness of an offshore wind turbine jacket[END_REF]. The tool uses a time step iterative framework, where at each time step, resistant forces for all four deformation modes are computed, and the mechanism associated with the lowest force is activated. Note that the overall deformation is assessed with a similar approach to that of conventional FEM. For each element, an elementary stiffness matrix is computed to account for elastic behavior, the appearance of plastic hinges, second-order geometrical effects, and semi-rigid connections. The displacement of the striking ship governs the deformation of the collided jacket at each increment. A schematic diagram of the algorithm is shown in 

Pire et al.

[136] and Le Sourne et al. [137] stated that the developed analytical solver can be confidently used for rigid ship-deformable jacket collision simulations as it was observed that the energy dissipated plastically by the jacket and its resistant force, which were both calculated by the analytical solver, closely matched those obtained from LS-DYNA.

More recently, the formulations proposed by Buldgen et al. [127] and Pire [START_REF] Pire | Development of a code based on the continuous element method to assess the crashworthiness of an offshore wind turbine jacket[END_REF] for local plastic denting, global plastic bending and buckling of tubular members were extended for ship collisions against spar OWT floaters by Echeverry [START_REF] Echeverry | Numerical and analytical study of a spar-like floating offshore wind turbine impacted by a ship[END_REF]. In contrast to the aforementioned works, where the tubular members were assumed to be fully clamped, the standalone tubular support was idealized as a cantilever beam in this study. Numerical simulations showed that the proposed method was reasonably accurate for high energy impacts, where plastic deformation mechanisms absorb a significant portion of the impactor's energy. However, for lower energy impacts, a significant elastic response was also observed, which decreased the accuracy of the method.

As highlighted in Le Sourne et al. [START_REF] Le Sourne | A ship collision analysis program based on upper bound solutions and coupled with a large rotational ship movement analysis tool[END_REF], the main challenge in developing plastic limit analysis-based super elements lies in obtaining kinematically admissible displacement fields that realistically represent the deformation behavior of the element. Furthermore, the approach is obviously limited to responses that are mainly governed by plastic mechanisms. This limitation was clearly observed in the work of Echeverry [START_REF] Echeverry | Numerical and analytical study of a spar-like floating offshore wind turbine impacted by a ship[END_REF]. It is worth noting that this thesis presents an extension of this work, aiming at including the contribution of elastic mechanisms and thus improving both the accuracy and applicability of the super element approach.

Global elastic dynamic response

Structures such as offshore platforms and wind turbines are exposed to a variety of dynamic loads, from wind, waves, and earthquakes, to ship collisions. Therefore, understanding their dynamic behavior and being able to predict their response to these loads is of critical importance to structural engineers. In this context, calculating the modal properties of the structure (i.e., natural frequencies and mode shapes) is an essential preliminary step in assessing their dynamic behavior. A commonly used simplified approach for the modal analysis of fixed OWTs assumes that the structure can be idealized as a cantilever beam with a tip mass, as illustrated in Fig. 3.5. The first bending natural frequency f T of an OWT tower with fixed base can be calculated with the following equation:

f T = 3E T I T (m RN A + µm T )L 3 T (3.1)
where m RN A is the mass of the RNA, m T is the mass of the tower, µ is the equivalent mass ratio (mass/length), and 3E T I T /L 3 T is the tower's bending stiffness, with E T denoting its material's modulus of elasticity, I T its second moment of area and L T its length.

The literature reports different values for the equivalent mass ratio. For instance, according to DNV-GL [138], the earthquake analysis of offshore wind turbines using response spectrum methods should assume a value of 0.25 for µ. On the other hand, IEC [139] recommends a value µ = 0.50 to establish accelerations at the first tower bending eigenfrequency in the normalized design response spectrum earthquake analysis. Additionally, applying the static deflection shape of a beam under a concentrated load at the beam tip as shape functions leads to a value of µ = 33/140. This value approximates the one used in the formulas proposed in van der Tempel & Molenaar [140] and Tong [141]:

f T = 1 2π 3.04E T I T (m RN A + 0.227m T )L 3 T (3.2)
This formulation provide the simplest closed-form expression for the modal analysis of an OWT tower, which can be quite useful for first-order calculations. When the monopile foundation is considered, Arany et al. [142] proposes an equation for the first bending natural frequency of an OWT taking into account the influence of the foundation:

f OW T = f T 1 1 + (1 + λ) 3 χ -χ (3.3)
where χ = E T I T /E P I P / is the bending stiffness ratio of the tower and the pile, and λ = L P /L T is the length ratio between the pile above the mudline and the tower.

There are, however, additional factors affecting the modal characteristics of offshore wind turbines. One such effect is the soil stiffness in the case of monopile foundations. Geometric and material discontinuities should also be considered, since an OWT is typically composed of tubular beams with varying cross-sections, some of which may be tapered (such as the tower). In addition, the depth of the foundation can affect the surrounding fluid and consequently impact the modal behavior of the turbine. These aspects contribute to the complexity of modelling the dynamic behavior of such structures.

There is a significant amount of literature available that provides exact solutions for the free vibration problem of continuous or discontinuous beams, with different boundary conditions and attachments. These solutions can be applied to simplify the modal analysis of offshore wind turbines. Various researchers have presented formulations for uniform cantilever beams carrying tip masses under clamped or elastic boundary conditions, including Laura et al. [143,144] [159]. These solutions generally assume that the surrounding fluid's effects can be accounted for by adding its mass density to that of the "wet" part of the structure, resulting in an increase in effective inertia. Although this approach neglects important dissipation mechanisms like wave radiation damping, vortex shedding, and turbulence, it is generally accepted for slender fixed vertical structures, as demonstrated by previous studies [160][161][162].

It is important to note, however, that in the case of monopile OWTs, which are typically installed in shallow waters (≤ 30m) and have a submerged part that is constrained by a fixed bottom, the added mass has a negligible influence on the system's dynamic response [163]. Additionally, in the event of collisions, hydrodynamic effects generally do not impact the dynamic response because the period of the governing bending mode is much larger than the impact duration [START_REF] Zhang | Probability and Mechanics of Ship Collision and Grounding[END_REF].

Regarding simplified methodologies that encompass the dynamic response of offshore structures to ship collision, literature is more scarce. A recent example can be found in the work of Travanca & Hao [49]. They used LS-DYNA to simulate ship collisions with jacket and jack-up platforms. The platform's global response was calculated by employing an equivalent single-degree-of-freedom system. According to their findings, the equivalent SDOF models were generally successful in simulating the global response of the platforms. However, for jack-up platforms involved in eccentric collisions, significant lateral and torsional responses were observed.

Another noteworthy example that provides interesting insights on the assessment of the global dynamic response of a monopile OWT can be found in Pedersen [START_REF] Pedersen | Ship collisions against wind turbines, quays and bridge piers. Collision and grounding of ships and offshore structures[END_REF]. The focus is put on the external dynamics. However, the developed energy/momentum conservationbased approach can also estimate the structure's dynamic response in terms of RNA accelerations.

Finally, more, recently, Yu & Amdahl [164] proposed a Rayleigh-Ritz solution to calculate high-order natural frequencies and eigenmodes of monopile OWTs. The model considers tapered towers and soil-pile interaction, accounting for different soil conditions using equivalent cross-coupled springs.

Coupling approaches

This section provides a concise overview of the methodologies commonly used in ship collision analysis to account for the interaction between external dynamics and internal mechanics. The discussion is divided into three parts: decoupled, semi-coupled, and fullycoupled approaches. The first topic focuses on simplified methodologies that primarily consider the external dynamics. The second and third topics present different approaches used to model the coupling of the two aspects. The advantages and limitations of each approach are also briefly discussed.

Decoupled approaches

Early examples of decoupled methods used to model the external dynamics of ship-ship collisions and ship collisions against offshore platforms can be found in the works of Pedersen & Jensen [START_REF] Pedersen | Ship impact analysis for bottom supported offshore structures[END_REF] and Pedersen & Zhang [START_REF] Pedersen | On impact mechanics in ship collisions[END_REF]. Closed-form expressions to calculate the energy released into crushing and the associated impact impulse were developed. They assume that deformation is constrained to a small local impact zone and that hydrodynamic effects can be simplified with a constant added mass coefficient. These assumptions allow for the application of momentum and energy conservation principles to obtain the dissipated energy, which can be determined by integrating the contact force and relative rigid-body motions. However, these methods are limited to 3-DOF planar collisions (surge, sway, and yaw). This methodology was extended to ship collisions against fixed OWTs by Pedersen [START_REF] Pedersen | Ship collisions against wind turbines, quays and bridge piers. Collision and grounding of ships and offshore structures[END_REF] (see Fig. 3.6) and to ship collisions against a spar platform by Jonge & Laukeland [START_REF] Jonge | Collision between a spar platform and a tanker[END_REF]. More recently, a similar procedure was adopted by Song et al. [START_REF] Song | Numerical and analytical analysis of a monopilesupported offshore wind turbine under ship impacts[END_REF] for the analysis of a monopile-supported OWT subjected to simultaneous ship impact and wind loads. A detailed explanation of the core principles adopted in these derivations is provided in Zhang [165].

To address the limitations of 2D approaches, Liu & Amdahl [166] proposed a methodology based on the works of Stronge [167] on rigid body impacts. The method relies on the definition of global and local reference systems, and equations of motion are solved in the local coordinate system to allow the dissipation of energy to be determined along each of the axes of a 3D coordinate system. This method was applied to assess energy dissipation in a ship collision against an iceberg, where the results are highly dependent on the vertical geometry of the colliding bodies.

Liu & Amdahl [168] developed a consistent matrix formulation that unified prevailing models for 6-DOF impact dynamics of two rigid bodies. Multiple methods were compared against experimental data, and an equivalent friction factor was proposed that accounted for both Coulomb friction force and deformation resistance of the structures due to sliding. Decoupled methods can be advantageous for some applications due to reduced computational costs, but they may not be accurate enough in certain scenarios, such as long-duration impacts, oblique collisions, and complex interactions between structural deformations and hydrodynamic forces in floating offshore wind turbines. These limitations have been demonstrated in various studies, where neglecting significant coupling effects and hydrostatic restoring, wave radiation, and drag loads can lead to inaccurate predictions of damage and highly non-linear responses. Therefore, they should be used with caution, and more advanced techniques should be employed for accurate predictions in these scenarios.

Semi-coupled methods

Petersen & Pedersen [169] and Petersen [170] were among the first to develop of semicoupled time domain procedures to simulate collisions between ships and offshore structures. In this method, it was assumed that deformations were confined to the contact area and that the collision force-displacement relationship was known in advance. The stiffness of the structure was modelled using equivalent non-linear springs, while transient hydrodynamic forces were calculated using linear potential-flow theory. A constant added inertia force (with respect to an infinite wave radiation frequency) and impulse response functions for the wave damping force (dependent on the radiation frequency) were applied to the structure via a strip approach.

The main disadvantage of this method resides in that it requires preliminary knowledge of the force-displacement curve, thereby limiting its applicability to certain scenarios. Additionally, the model is restricted to motions in the horizontal plane.

To overcome these limitations, Tabri [171] proposed a similar method, but extended to 3D motions. In this case, collision forces were estimated by integrating normal and tangential traction components along the contact surface of the colliding ships. The global dynamic bending response of the ships' hull and sloshing effects due to partially filled tanks were also considered in this work.

Another semi-coupled method, the Simplified Collision Model (SIMCOL) program, was developed by Brown [172] for probabilistic ship collision assessments. SIMCOL uses a time-stepping algorithm, combining empirical approaches for internal mechanics and external dynamics. Empirical formulas, such as the well-known relationship for volume of structural damage and energy dissipation proposed by Minorsky [173], are applied for the structural response, depending on the struck member. External dynamics calculations are similarly limited to horizontal motions and take hydrodynamic effects into account by considering constant added mass coefficients. The method is suitable for risk-based analyses and optimization models, but is restricted to ship-ship collisions.

In cases where a detailed assessment of local damage is necessary, methods such as NLFEA provide more accuracy as compared to plastic limit analysis, for instance. A commonly applied semi-coupled approach using a high-fidelity internal mechanics solver relies on the LS-DYNA/MCOL package, which combines the NLFEA code LS-DYNA with the rigid-body dynamics program MCOL.

Originally developed by Mitsubishi in the 1990s, MCOL was subsequently updated by Le Sourne et al. [START_REF] Le Sourne | External dynamics of shipsubmarine collision[END_REF] to enable simulations of large rotational movements, as well as Coriolis and drag damping effects. This updated version takes into account a range of physical effects, including added inertia from the surrounding fluid, hydrostatic restoring forces, wave radiation, and drag damping forces. It was included as a subroutine in LS-DYNA and used to analyze ship-submarine impacts in the study mentioned above. The principle of interaction between LS-DYNA's explicit structural solver and MCOL is illustrated in Fig. 3.7. In order to calculate added inertia and wave radiation damping loading, MCOL applies linear potential-flow theory, a similar approach to the one used by Petersen & Pedersen [169]. Additionally, the program assumes that there is no significant boundary-layer separation, allowing for the calculation of viscous damping forces as a function of the velocity and drift angle of the defined hydrodynamic surface. Hydrostatic restoring forces, which depend on the body's displacement volume, are determined based on the body's position and its characteristic hydrostatic stiffness matrix. MCOL uses a 4th order Runge-Kutta numerical integration to account for the ship's equations of motion at each time step (see Eq. 2.2).

Examples of the use of LS-DYNA/MCOL package may be found in [START_REF] Le Sourne | External dynamics of shipsubmarine collision[END_REF][START_REF] Kim | The influence of fluid structure interaction modelling on the dynamic response of ships subject to collision and grounding[END_REF][START_REF] Echeverry | Numerical crashworthiness analysis of a spar floating offshore wind turbine impacted by a ship[END_REF][174][175][176]. Moreover, MCOL has been coupled with super element structural solvers for ship collision [177], and more recently, ship grounding [START_REF] Pineau | A fast simulation tool for ship grounding damage analysis[END_REF], and ship collision against concrete FOWT floaters [118].

Note that LS-DYNA has also been used as a coupled structural solver in the works of [178][179][180]. In these studies, however, a different approach is used to calculate the external dynamics: hydrodynamic forces are calculated either through a 6-DOF steady-state maneuvering model based on a series of experimental coefficients [178], or through linear potential-flow theory [180], and then applied to the structure's CoG via the user defined load subroutine LOADUD available in LS-DYNA. Resulting displacements, velocities and accelerations are used to update hydrodynamic loads at each time-step. This method was recently applied in the study of ship collisions against icebergs and floating offshore wind turbines, respectively, by Yu & Amdahl [181] and by Zhang & Hu [117].

In summary, semi-coupled methods provide a balance between accuracy and computational efficiency by leveraging simplified models for external dynamics or internal mechanics calculations. These methods are suitable for early-design applications and optimization routines, where computational cost is a primary concern, and as well for applications where high-fidelity calculations are required. The semi-coupled approach offers a degree of flexibility in the cost/accuracy relation, and efficiency can be further improved through algorithmic techniques like sub-cycling. However, hydrodynamic calculations typically require input from external seakeeping codes.

Fully-coupled methods

Fully-coupled approaches such as ALE have been applied to ship collision analysis in some instances. For example, ship-ship collisions and ship grounding simulations using ALE in LS-DYNA were performed by Song et al. [182] and Rudan et al. [175]. A comparison of the energy dissipation results obtained from ALE and an analytical method based on momentum conservation was performed by Song et al. [182], while Rudan et al. [175] compared ALE to LS-DYNA/MCOL. These studies showed that despite the method's realistic FSI modelling capabilities, the need for time-consuming calibration of FSI parameters and mesh, high instability, and longer computation time resulting from explicit modelling of fluid domains can be greatly disadvantageous. In contrast, Rudan et al. [175] emphasized the stability and considerable speed of MCOL.

There is no literature on fully-coupled methods for offshore wind turbines. Overall, despite their potential to accurately model complex collision scenarios, the considerable modelling efforts and computational resources required make their application in ship collisions limited.

Chapter 4

Calibration of FE impact simulations

Introduction

As part of this thesis, a series of NLFEA simulations were conducted, including simulations of impact tests on single tubular members, and full-scale ship collisions against OWTs. Simulations aimed to provide a detailed observation of the impact response of such structures and served as a reference to validate the proposed simplified collision assessment methods.

To ensure the reliability of the finite element models that were employed, a preliminary validation was carried out. This process consisted of selecting an adequate experimental impact test from the available literature and using it as a reference to calibrate the developed numerical models. For this purpose, the drop tests on tubular members performed by Cho et al. [183] and Cerik et al. [112] were chosen. These tests were also reproduced numerically in the same studies, where the simulation setups are thoroughly described.

Subsequently, impact simulations of single OWT support tubes were performed to provide a detailed understanding of the deformation process of these structural components in a collision event. By simplifying a ship collision against a standalone OWT support to a controlled impact test setup, additional uncertainties that are associated with such collision events could be avoided, allowing for a focus on the structural response alone. The results of these numerical simulations were used to further validate the simplified method developed in the frame of this thesis to assess the quasi-static elasto-plastic impact response of an OWT.

In addition, two case studies of ship collisions against OWTs were conducted for a monopile and a spar floating OWT. These case studies were used to validate the developed simplified methods on real collision scenarios. Moreover, the latter was necessary to investigate the energy balance issue that was observed by Echeverry [START_REF] Echeverry | Numerical and analytical study of a spar-like floating offshore wind turbine impacted by a ship[END_REF] on simulations using the LS-DYNA/MCOL package. This was an essential step to ensure the reliability of this tool for future use in the ColFOWT project.

This section provides a detailed description of the preliminary numerical validation campaign.

Experimental setup

The experimental drop tests on tubular members conducted by Cho et al. [183] and Cerik et al. [112] are well documented, making their reproduction relatively straightforward. It should be noted that these tubular members are small when compared to much larger OWT tubular support tubes. However, given that the impact arrangement was generally representative of the conditions that are expected for typical ship collisions, these drop tests still provided a suitable reference for calibrating the numerical models. Additionally, as far as the author is aware, experimental impact tests on large dimension cantilever tubes were not available in the literature.

The experimental setup used in these tests involved a simple wedge impactor that was dropped from a predetermined height. Depending on the required impact energy, the drop height and mass of the impactor could be varied. The test specimens were H-shaped tubular members composed of a main brace (D/t ratio ranging from 20 to 60) connecting two transversal chords. These components were clamped at their extremities, as shown in Fig. 4.1. In the present study, the NLFEA software LS-DYNA was used. The numerical model setup is described in the following section.

Model setup

The impactor was positioned directly above the brace's contact point at mid-length and defined as a rigid body with assigned inertial properties (mass = 460kg). The impact velocity measured experimentally was used to assign an initial velocity to the impactor (v 0 = 4.86m/s and 5.25m/s, depending on the tube specimen). The impactor was only allowed to translate in the z-direction. As for the tubular member, the chords' extremi-ties were constrained in all degrees-of-freedom. The general arrangement of the setup is depicted in Fig. 4.2. Test specimens OWT-B3 and OWT-D1, as they were denoted in the experiment, were selected. They were specifically chosen due to their relative large size differences, which ensures that the simulations were reliable independent of specimen geometry. Respective dimensions are described in Table 4.1. The tubes were made out of low-carbon steel, which was modelled in LS-DYNA using a piece-wise linear plasticity behavior law (Mat-024). Its mechanical properties were characterized from quasi-static tensile tests detailed in Cho et al. [183]. The corresponding characteristic true stress versus equivalent plastic strain curves are presented in Fig. 4.3.

The strain-rate hardening effect was modelled using the well-known Cowper-Symonds formulation available in LS-DYNA. It is defined by Eq.4.1: 

σ d 0 σ 0 = 1 + ε C 1 q (4.1)
where σ 0 is the static flow stress, σ d 0 is the dynamic flow stress, ε is the strain rate, and C and q are material-dependent empirical coefficients. Cerik et al. [112] state that the average mechanical properties of the material are close to that of mild steel. Thus, these coefficients were defined as C = 40.4s -1 and q = 5, as provided by Jones [START_REF] Jones | Structural impact[END_REF].

Both the impactor and tubular member were discretized using Belytschko-Tsay shell elements with one and five integration points through-thickness, respectively. According to Cerik et al. [112], based on a convergence analysis, 6mm is an appropriate minimum element size for the tubes, whereas 4mm is sufficient for the impactor. Nevertheless, in order to ensure that this mesh size was appropriate, a convergence analysis was also conducted in the present study. Results in terms of final penetration versus element size are presented in Figs. B.1 and B.2, Appendix B.1. Ultimately, the element sizes recommended in the reference were used.

Lastly, the contact behavior of the two impacting bodies was defined using an Automatic Surface to Surface contact algorithm. A friction coefficient of 0.2 was assumed based on recommendations by Villavicencio & Soares [184]. Even though the dissipation of energy through friction seems to be mostly negligible, deformations may be overestimated when this effect is not taken into account [112].

Results

Obtained numerical results for the preliminary validation study are presented in Figs. 4.4a and 4.4b, where the contact force versus penetration of the impactor are compared against experimental results [112].

Despite minor discrepancies, the numerical simulations were capable of accurately predicting the response of the tubular member in both cases. Numerical force-penetration curves correlate well with the experimental reference for the complete deformation pro- cess. Moreover, maximum penetration and contact force values differ less than 2%, as summarized in Table 4.2. 

Conclusion

In summary, the numerical simulations exhibit strong correlation with the experimental data presented in the references, thus demonstrating the reliability of the results. Consequently, the developed numerical models can serve as a solid foundation, particularly in terms of material behavior, contact calibration, and mesh size, for other simulations conducted throughout the thesis. However, it is important to note that certain modifications and supplementary validations may be necessary based on the unique aspects of each model, which will be elaborated upon in their respective sections.

Chapter 5

Elasto-plastic damage analysis of OWT supports

Introduction

Based on the numerical model described in Chapter 4, impact simulations of freestanding OWT support structures idealized as large cantilever tubes were set up. These simulations were aimed at reproducing a typical right-angle ship collision against an offshore wind turbine, allowing for a detailed understanding of an OWT's support impact response and providing a reliable reference with which to validate the simplified analytical model that was developed in this thesis. The OWT's sub and superstructures were idealized as a single constant cross-section tube that was fully clamped at the base. It also supported a lumped mass at its free extremity in order to account for the presence of the RNA (see Fig. 5.1). Simply put, the complete OWT was modelled as a cantilever tube with a tip mass, an assumption that is often applied in the structural design of OWTs and fixed offshore platforms alike [START_REF] Travanca | Dynamics of steel offshore platforms under ship impact[END_REF]141].

A non-exhaustive survey on the typical dimensions of offshore wind turbines within a power range of 5M W to 15M W was carried out in order to determine the cases of interest. This specific range was chosen to encompass a representative variety of support geometries. A particular focus was put on monopiles and floating turbines of the spar type, which are vulnerable to direct ship impacts on the tubular structure itself.

In the case of monopiles, the tube was assumed to be clamped just above the mudline. For spar floating OWTs, the support structure was considered to start approximately at the middle of the floater, assuming that the ballast tank located in the lower part is fully rigid 1 and acts as a clamped boundary condition. This assumption has been used, for instance, in Echeverry et al. [START_REF] Echeverry | Developments in the collision and grounding of ships and offshore structures 85-95[END_REF].

The cross-sectional dimensions of the test tubes (i.e., diameter D and thickness t) were defined as an average of the values encountered for the corresponding foundation/floater and tower components. The tube's length L was simply defined as a sum of each component's length starting from the clamped base up to the top extremity. Lastly, the tip mass was defined with the respective mass of the RNA M rna . Note that for a few cases, some dimensions (e.g. thickness) were arbitrarily chosen based on other OWTs. This was done due to a lack of specific information in the literature concerning these particular models. A total of seven case studies were defined and are summarized in Table 5.1. Regarding the simplifications detailed in the previous paragraph, it can be argued that they might lead to an unrealistic reproduction of the OWT's support response. In reality, these structures are generally composed of several tubular components with different crosssectional properties and internal reinforcements. Besides, the tower is generally tapered lengthwise, as opposed to the constant average cross-section that was adopted for the present models. Although the applied approach does not strictly replicate the geometry of the structure, it is still expected to provide a comprehensive overview of the response and produce reasonably accurate results.

Additionally, effects that are relevant in ship-OWT collisions such as soil flexibility and FSI, for fixed and floating OWTs, respectively, are not taken into account in these models. This, however, does not represent a concern, given that the analytical formulations here 1 Ballast tanks are usually filled with stones and sand. developed are to be integrated into a complete iterative algorithm that will also have the capability of dealing with these effects, but in complementary independent modules.

Model setup

The numerical model consists of a rigid wedge impactor, with an assigned initial velocity and corresponding mass, placed directly above the impact point and allowed only to translate in the z direction. Impact velocities of 2m/s and 5m/s were selected for an impactor with a mass of 6000 tons. This mass corresponds to the average tonnage of an OSV, as defined in Echeverry et al. [START_REF] Echeverry | Developments in the collision and grounding of ships and offshore structures 85-95[END_REF], and yields an impact energy of 12M J and 75M J, respectively. Values which are in line with recent research on ship collisions (see for instance Storheim & Amdahl [191]) and encompass the standard collision scenario defined in Veritas [192]. Furthermore, note that the shape of the vessel's bow was simplified as a wedge. As for the test tubes, they were clamped at one extremity. The mass of the RNA was applied as a lumped mass at the elements on the free side. The complete setup is shown in Fig. 5.2. In real head-on collision events, the shock occurs within a small distance from the waterline relative to the height and draft of the striking vessel. This region generally lies at the top of the foundation or at the base of the tower. However, depending on the type of structure, this location varies with respect to the complete length of the support (see Fig. 5.1).

For instance, in the case of fixed monopile OWTs, which are suited for shallow waters, the impact will likely occur between 20m and 40m from the base of the foundation (at the mudline). On the other hand, for spar type OWTs, most of the floater is submerged, and this part alone is often more than half of the structure's complete length. Given this consideration, two impact locations were selected for all cases: at L/4 and L/2, measuring from the clamped extremity of the test tube.

Concerning the finite element mesh, Belytschko-Tsay elements with one and five integration points through thickness, respectively, were used to discretize the impactor and the test tube. A maximum element size of 25cm was defined for the tube after a preliminary convergence study. For the impactor, 10cm elements were used. Final results of this study are presented in Fig. 5.3.

Figure 5.3: Maximum obtained impactor penetration versus maximum element size. A good compromise in terms of accuracy and computation was found for a 25cm mesh. Depending on the model, the final mesh had from 35000 to 45000 elements.

Material model Mat-024 (piece-wise linear plasticity) was used for the test tubes. However, for simplicity, a bilinear behavior law, defined by the material properties given in Table 5.2, was applied in this case.

In addition, strain-rate effects are not considered, as recommended by Yu & Amdahl [START_REF] Yu | A review of structural responses and design of offshore tubular structures subjected to ship impacts[END_REF] for ship collision analysis. They state that inherent uncertainties and difficulties in realistically modelling these phenomena make it exceedingly complex to include them. Furthermore, their influence tends to be limited, as ship collisions occur at relatively low velocities (lower than 10m/s). This has been demonstrated by Cerik & Choung [193].

Gravity effects were not considered in this model setup. Numerical simulations of ship impacts against a jacket, a spar floater and a monopile OWT performed, respectively, by [START_REF] Bela | Ship collision analysis on offshore wind turbine monopile foundations[END_REF] and Echeverry et al. [START_REF] Echeverry | Developments in the collision and grounding of ships and offshore structures 85-95[END_REF] indicated that gravity does not influence significantly the early-time collision response. However, it may play an important role for the post-collapse behavior. This is, nevertheless, not the interest of this study.

As in the preliminary validation simulations, an Automatic Surface to Surface contact algorithm was used with a friction coefficient of 0.2. Finally, in order to account for possible self-contact effects, the Automatic Single Surface functionality was also applied.

Results

This section is dedicated to the analysis and discussion of results post-processed from the impact numerical simulations described in Section 5.2. A particular focus is put on identifying and characterizing the different deformation mechanisms that take place throughout the process.

The case studies were divided into four groups according to the impactor's kinetic energy upon contact and impact locations. Impact energies of 12M J and 75M J were obtained, respectively, for 2m/s and 5m/s impact velocities. It should be emphasized that the impact energy is, undoubtedly, not the single factor governing the response. Other aspects such as the impact location, the geometry of the impactor and the impacted structure, material properties, among others, also play an important role.

Furthermore, in order to present the analysis in a more concise manner, results illustrated in this section are mostly focused on model 1. This model is largely representative of the complete test sample and provides a good overview of the entire deformation process. Nevertheless, particularities that were observed for certain models will also be discussed.

Mid-length impacts at 2m/s

For a 2m/s mid-length impact (L/2), the collision time-history for model 1 is demonstrated in Figs. 5.4 and 5.5. The first figure provides a more qualitative overview with snapshots of specific time-steps, where relevant mechanisms can be identified. The second gives a quantitative assessment of local and global displacements over time.

Local indentation is measured as the distance between the point at the center of the contact region and its diametrically opposite node with respect to the tube's longitudinal axis. Global beam displacement is measured at the point opposite to the contact region. Additionally, the displacement measured at the tip of the tube is also presented (see Fig. In Fig. 5.4, the undeformed tube is shown right before impact at t = 0s. As the impactor collides with the tube's surface, an indentation starts to develop in the contact region. Soon after, at t = 0.1s, the tube's wall reaches its plastic capacity and the region begins to plastify. This purely local mode lasts for a very short period: at around t = 0.2s the tube also starts to deflect. A combined local plastic denting/global elastic bending mechanism takes place and continues until approximately t = 1.1s, moment at which the local deformation mode has already practically ceased, as seen in Fig. 5.5.

Following the combined deformation phase, the cross-section of the tube at the impact region starts to unload elastically, and two different behaviors were identified among the tested tubes.

In the case of model 1, for which the fully plastic bending moment capacity is considerably lower, the compression side of the tube at the clamped base begins to buckle with its global rotation. This compression buckling mode, depicted in detail in Fig. 5.6a, resembles the so-called "elephant foot" mechanism [135]. In this case, even though plastification is limited to this specific region and a full plastic hinge does not appear to form, the "elephant foot" deformation pattern is still quite pronounced. In the case of models 2 through 7, plastic strain seems to be practically negligible at the base, as exemplified in Fig. 5.6b for model 2. Note that the figure shows the final deformation of the tubes at the end of impact.

The final phase of the deformation process consists of a combination of local and global unloading that was observed for all cases. Essentially, when the impactor's initial kinetic energy is fully absorbed, the tube starts to rebound, pushing it back. The last snapshot (t = 3.9s) in Fig. 5.4 illustrates the moment when the impactor has already completely lost contact with the tube and is moving backwards. From this point on, the tube's remaining energy is absorbed and restored elastically in the form of global vibrations.

Quarter-length impacts at 2m/s

For a 2m/s quarter-length impact (L/4), the evolution of the collision process for model 1 is depicted in Figs. 5.7 and 5.8. The first phase, similarly to the previous case, consists of a local elastic indentation that develops at the contact zone for the first 0.2s. Around this time, the indentation begins to plastify. At approximately t = 1.1s, while the local plastic indentation continues expanding, the tube starts to deflect more significantly. This dual mechanism is analogous to the one observed for the second phase of a mid-length impact.

Note, however, that in the present case, the tube's global displacement remains quite limited throughout the whole process. It is, in fact, more clearly noticeable from the measurement taken at the tip (see Fig. 5.8). As the distance between the impact point and the clamped base is much shorter as compared to an L/2 impact, the tube's global bending resistance increases considerably. In other words, as the bending arm is shortened, the applied moment decreases and the tube is able to withstand a higher load.

After the second phase combined mode, the impactor's kinetic energy has been almost completely absorbed and the tube starts to unload locally and globally, beginning at around t = 1.4s. Local unloading proceeds until t = 2.3s, when the impactor finally loses contact (illustrated in Fig. 5.7). Global unloading, on the other hand, persists until all the tube's remaining energy is absorbed and restored through global elastic oscillations. In the current case, the tube initially rebounds in the opposite direction of the impactor, differently from what occurs for mid-length impacts. On a final note, compression buckling was not observed near the clamped extremity in any of the models for this impact condition.

Mid-length impacts at 5m/s

The collision time-history for a 5m/s mid-length impact is shown in Figs. 5.9 and 5.10. Figure 5.9: Collision time-history for a 5m/s mid-length impact (Model 1). Color mapping display of effective plastic strain levels up to 2%. The second and third frames, t = 0.05s and t = 0.55s, show the moments at which plastic capacity is reached at the contact zone and at the base, respectively.

The process seems to follow the same two initial phases observed for mid-length impacts at 2m/s. First, an indentation is formed at the contact area. It remains in the elastic domain until t = 0.05s. Second, at roughly t = 0.2s, the tube starts to deflect, and the combined mode takes place. It continues up to t = 0.55s, when the fully plastic bending capacity of the specimen is reached. Note, however, that as the impactor travels considerably faster, deformations develop more rapidly and plastic capacity thresholds are reached much earlier in comparison to the previous case.

From this point onwards, the process differs remarkably. The impactor has enough kinetic energy such that the deformation process carries on beyond the second phase. The local plastic indentation continues to expand further, even after the tube's fully plastic bending capacity has been reached and the "elephant foot" buckling mechanism has started. In fact, by the time local plastic denting ceases and the contact region begins to unload (t = 1.95s), a plastic hinge seems to have been completely formed and the "elephant foot" has already developed quite extensively. Regarding the "elephant foot" deformation, it actually evolves into what resembles the diamond pattern dynamic progressive buckling mode described in Jones [START_REF] Jones | Structural impact[END_REF]. This deformation pattern can be more clearly distinguished in Fig. 5.11, where the characteristic ripples are quite visible at the compression zone. It is also interesting to observe the development of membrane forces at the upper surface of the tube between the impact point and the base. This effect is identifiable in Fig. 5.12a from the band of plastic strain concentration seen along the region. Furthermore, since the tube deflects quite severely, the impactor seems to slide away laterally from the initial contact zone. Such an effect is likely to increase the energy Effective plastic strain levels up to 2% are displayed.

dissipation through friction. This will be further discussed in Section 8.3.

Lastly, it should be pointed out that none of the specimens were able to absorb the complete kinetic energy of the impactor in the first impact. Consequently, secondary collisions were observed in all cases. Nevertheless, these subsequent strikes were, in general, limited in terms of magnitude. Therefore, for the sake of simplicity, this study will focus exclusively on the primary impacts.

Quarter-length impacts at 5m/s

The collision time-history for a 5m/s quarter-length impact is demonstrated in Figs. 5.13 and 5.14. The process appears to follow a somewhat similar sequence as the one presented for a 5m/s mid-length impact. First, a local indentation is induced upon contact. It develops elastically until t = 0.05s, when the plastic capacity of the tube's wall is exceeded. From Fig. 5.14, it is possible to see that the local indentation expands quite rapidly during the first second of the process.

On the other hand, due to a higher bending resistance as compared to a mid-length impact, a substantial global beam displacement initiates only after t = 0.4s, approximately. This second phase, consisting of a combined global elastic bending/local plastic denting mechanism, carries on for a short period, until plastic limit is reached. At this mark, around t = 0.6s, the "elephant foot" mode begins to take shape and plastic strain levels have already increased to considerable levels at the tension side of the base (see Fig. 5.13).

While local plastic denting continues until roughly t = 2.35s, when the contact region finally stabilizes and starts to unload, global displacement reaches its maximum reasonably later, at t = 3.05s. During this period, a fully formed plastic hinge develops and the "elephant foot" progresses into the diamond pattern progressive buckling mechanism previously described. Additionally, in this case, the membrane effect appears to be less pronounced as demonstrated in Fig. 5.12b, but is still present.

On a final note, for all the models observed with this impact setup, the tube was capable of absorbing the complete kinetic energy of the impactor during a single collision, contrary to what occurs for 5m/s mid-length impact.

Conclusion

This section describes the numerical impact tests campaign that was conducted in the scope of this thesis. The goal was to provide a thorough qualitative understanding of the deformation process of single support tubes for OWT applications that are subjected to impact. A particular effort was put on identifying the deformation mechanisms that are involved in such events.

In order to simplify the collision setup and focus results on the structural behavior, the OWT support was idealized as a constant cross-section cantilever tube with a tip mass that was impacted by a rigid wedge-shaped indenter. An assessment of typical dimensions of monopile and spar supports for OWTs within a range of 5 to 15M W was performed. A total of seven specimens were tested with two defined impact velocities and impact locations.

Three main deformation mechanisms were identified:

1. Local elastic denting at the impact point; 2. Local plastic denting combined with global beam-like elastic bending;

3. Plastic buckling at the base of the structure.

The simplified method developed in this thesis relies on these preliminary observations in order to adequately define the analytical formulations to be applied and integrated in the final algorithm. This stage will be further detailed and discussed in Chapter 8.

Chapter 6

Ship-monopile OWT collision: RNA kinematics

Introduction

In order to test the effectiveness of the methodologies presented in this thesis in the context of real ship-OWT collision accidents, numerical ship impact simulations using LS-DYNA's explicit solver were conducted. The case study consisted of a collision between a 6000-ton OSV approaching at a low speed and a monopile OWT, which is a common scenario for routine maintenance operations. This specific setup was chosen for the expected pronounced dynamic elastic response of the structure, as this is a key focus of the study. Given the availability of literature on this particular model, the NREL 5MW baseline offshore wind turbine [194] was selected.

Results for the contact force, energy balance time-histories, and the dynamic response of the RNA (i.e., acceleration over time) were obtained. They enabled an observation of the OWT's structural response in such scenarios, and were also further used to test and validate the proposed methodology for the global elastic dynamic response (Chapter 9).

It should be noted that the goal here was not to conduct a comprehensive study of all the factors that may influence a collision of this type, as this perspective has already been covered, for instance, by Bela et al. [START_REF] Bela | Ship collision analysis on offshore wind turbine monopile foundations[END_REF]. Rather, the goal was to provide a real collision situation reference with which to assess the reliability of the proposed RNA kinematics assessment methodology presented in Chapter 9.

Model setup

The general arrangement of the collision simulation is presented in Fig. 6.1. The bow shaped impactor (mass = 6000 tons) was positioned at a height of 27m with respect to the bottom of the monopile. It was only allowed to translate in the x-direction. To account for the water added mass in the surge direction, a coefficient of C a = 1.05 was used based on the recommendation by Zhang et al. [START_REF] Zhang | Probability and Mechanics of Ship Collision and Grounding[END_REF].

A simulation with an impact energy of 3.15M J, equivalent to an initial velocity of 1m/s, was performed. This specific value is within the velocity range at which supply and maintenance vessels normally carry out approach maneuvers (between 0.5 and 6 knots or 0.3 and 2.8m/s) [START_REF] Dai | Risk of collision between service vessels and offshore wind turbines[END_REF].

The OWT is composed of a monopile, a transition piece, and a tower, for which general dimensions are presented in Fig. 6.1a. The thickness and length of the monopile were determined based on the dimensions provided in Kooijman et al. [186] for a 6M W turbine, as they were not specified in Jonkman et al. [194].

Both structures were discretized using Belytschko-Tsay shell elements with one and five integration points through-thickness for the impactor and for the OWT, respectively. A minimum element size of 0.125m was used at the OWT's impact region, whereas the rest of the structure was meshed using 0.25m elements. The impactor had a uniform mesh with 0.25m elements.

The OWT is made of low-carbon steel, which was modelled in LS-DYNA using Mat-024 material. A bilinear behavior law, defined by the material properties given in Table 6.1, was applied. Strain-rate effects and failure were not considered, for simplicity. Additionally, to account for paint, bolts, welds and stiffeners in the structure, an increased density of 8500kg/m 3 was assigned to the material. The impactor was defined with a fully rigid material behavior. Two different setups were used for the OWT's boundary conditions at the mudline: one with a fully fixed base, and another with a soil-structure interaction model. As demonstrated by Bela et al. [START_REF] Bela | Ship collision analysis on offshore wind turbine monopile foundations[END_REF], SSI plays a significant role in the OWT's response, and therefore, an assessment of the influence of this factor for this particular collision scenario was considered relevant.

In order to model the soil stiffness, the bottom edge of the monopile was fixed to a single central node via CNRB connectors, as illustrated in Fig. 6.3. This reference node was then linked to external fixed nodes using a set of translational and rotational springs that simulate the flexibility of the supporting soil, similarly to what is done in the Coupled Springs SSI modelling approach (see Section 2.7). In this case, however, the springs were uncoupled. Their stiffness values are presented in Table 6.3. Additionally, the fixed base setup was modelled by blocking the nodes around the monopile's edge at the mudline in all degrees-of-freedom.

Contact behavior was defined using the Automatic Surface to Surface contact algorithm with a friction coefficient of 0.2. A structural damping ratio of 1% [194] was defined by using LS-DYNA's Damping Frequency Range across a frequency range of 0 -30Hz for all OWT components. 

Results

Results obtained for the 1m/s collision are presented in this section.

Energy balance time-histories for both cases, with a fixed base and with the consideration of SSI, are shown in Figs. [START_REF] Kowl | World's largest floating windfarm fully operational[END_REF].4a and 6.4b respectively. From the energy balance, it is possible to confirm that the simulations correspond to the expected energy transfer process for such a collision event. Upon contact, the impactor's kinetic energy K imp is rapidly absorbed in the OWT through deformation U and friction E f ric . After a few seconds, the impactor is completely decelerated and starts to be pushed back by the OWT support until it loses contact entirely and continues its backwards motion with a constant velocity. This can be observed from the plateau in K imp that ensues after contact loss.

In both cases, a considerable amount of deformation energy appears to be absorbed through global and local elastic mechanisms. This is evident from the deformation energy curve U . It exhibits a maximum peak just after impact and then rapidly decreases to a relatively constant plateau, which is associated with plastic deformations.

For a fully clamped OWT (Fig. 6.4a), the difference between the maximum peak corresponding to the elastic process and the average constant plateau is approximately 70%. When SSI is considered (Fig. 6.4b), this value reaches around 280%, as the soil flexibility further contributes to the elastic dissipation. Echeverry et al. [START_REF] Echeverry | Developments in the collision and grounding of ships and offshore structures 85-95[END_REF] have also noted the occurrence of a similar process during low-speed collisions involving a spar FOWT and a ship.

For the SSI case in particular, a significant global beam-like motion is induced, which is clearly reflected in its kinetic energy curve K owt . In contrast, this global behavior appears to be less pronounced for the fixed OWT. Instead, as the structure is stiffer in this latter case, the impactor's energy seems to be absorbed locally through deformation. In both cases, damping (E damp ) has a moderate contribution to the energy balance.

In Fig. 6.5a, where local penetration over time is presented for the fixed OWT, a maximum penetration of 0.24m is observed. After elastic restoring, it soon decreases to an average permanent penetration of 0.1m. In comparison, for the SSI case, values of 0.14m and 0.04m for maximum and average permanent penetrations, respectively, are observed in Fig. 6.5b. In terms of the contact force, presented in Fig. 6.6, a maximum of approximately 3.5MN and 2.4MN, is observed, respectively, for the fixed and SSI conditions. A reduction of around 35% occurs when considering soil-structure interaction, which confirms the significance of this factor on the response. Finally, Figs. 6.7a and 6.7b show the acceleration time-history of the RNA. As expected, the peak accelerations occur a few seconds after impact, when the shock wave reaches the top extremity of the tower, creating a "whipping" rebound effect. This behavior is in pair with what has been observed in the numerical ship-monopile OWT collisions simulations carried out by Pedersen [START_REF] Pedersen | Ship collisions against wind turbines, quays and bridge piers. Collision and grounding of ships and offshore structures[END_REF] and Bela et al. [START_REF] Bela | Ship collision analysis on offshore wind turbine monopile foundations[END_REF].

Maximum values of 1.43m/s 2 and 3.64m/s 2 are observed for the fully fixed OWT and SSI cases, respectively. Although the resulting collision force is considerably higher for the fully fixed OWT, the acceleration is comparatively lower. In fact, it is approximately 85, 5% higher for the SSI case, where operational safety limits of 0.2g [START_REF] Yu | Numerical modelling and dynamic response analysis of a 10 MW semi-submersible floating offshore wind turbine subjected to ship collision loads[END_REF] are effectively exceeded.

Conclusion

Results presented in this section corroborate investigations carried out by Bela et al. [START_REF] Bela | Ship collision analysis on offshore wind turbine monopile foundations[END_REF] and Echeverry et al. [START_REF] Echeverry | Developments in the collision and grounding of ships and offshore structures 85-95[END_REF], where a pronounced global elastic dynamic response is observed for low-speed impacts. At a velocity of 1m/s, the impact did not result in significant damage at the contact zone. However, potentially hazardous acceleration levels were observed in the RNA, in particular when accounting for SSI.

Additionally, the influence of the soil-structure interaction has been shown to play a relevant role in the dynamic response. Soil flexibility appeared to decrease the resulting collision force considerably, while increasing peak RNA accelerations. It also had an influence on local damage, greatly minimizing penetration when taken into account.

This case study will be further discussed in Chapter 9, where obtained results are used as a reference in the validation of the methodology developed in this thesis for the OWT's dynamic impact response.

Chapter 7

LS-DYNA/MCOL energy balance investigation 7.1 Introduction

As part of the ColFOWT project, Echeverry et al. [START_REF] Echeverry | Developments in the collision and grounding of ships and offshore structures 85-95[END_REF] simulated ship collisions against a spar platform FOWT employing the LS-DYNA/MCOL package. This highly complex coupled model has served as a primary reference for the project, enabling a detailed understanding of the collision process and providing guidelines for future simulations that will be used to validate the rapid collision tool currently underway.

However, despite the overall quality of the preliminary results, these numerical simulations were not yet fully reliable. Significant energy loss was observed in the global energy balance of the system. Although MCOL has been proven to be reliable for ship-ship collisions, some issues appeared when applying the code to this specific case, where strong hydrodynamic effects combined with large surge and pitch motions of the floating platform add complexity to the problem. In addition, Rudan et al. [175] recently confirmed that the rigid body movement of the struck floater may become unrealistic for long duration simulations applying MCOL. Therefore, it became a necessity to understand the source of these issues in order to fully rely on these models for future applications.

The objective of the study reported in this section was to assess the reliability of the LS-DYNA/MCOL package for ship-spar FOWTs, providing a detailed explanation for the inconsistency observed in the energy balance and providing guidelines for future applications of this methodology. This was achieved with the use of simplified ship-FOWT collision models, where governing parameters could be isolated, and thus their individual influence more clearly observed.

Problem description

As previously explained in Section 2.2, in a ship-FOWT collision event, the energy balance of the system is described by the following equation:

K 0 = U ship + U f owt + K ship + K f owt + E hydro (7.1)
where K 0 is the total initial kinetic energy of the system, U is the energy absorbed through deformation and friction in both structures and in the mooring lines, K are residual postimpact kinetic energies, and E hydro is the work performed by the surrounding fluid. Other energy dissipation mechanisms may also occur, but are generally negligible.

It should be noted that the energy of the surrounding fluid E hydro can be further decomposed into the work performed by hydrostatic restoring forces, viscous drag forces and wave radiation damping forces. Moreover, if the FOWT is at rest when the collision occurs, K 0 equals the initial kinetic energy of the impacting ship.

Within the LS-DYNA/MCOL coupling algorithm, at each time-step, deformation energies associated to the ship, the FOWT and the mooring lines are computed via the finite element solver, whereas kinetic and hydrodynamic energies associated to rigid body motions are calculated by MCOL. This has been previously discussed in Sections 2.5.2 and 3.2.2.

Preliminary simulations using this approach for ship collisions against a spar FOWT have shown an inconsistency in the final energy balance, where the sum of all energy contributions does not equal the initial kinetic energy of the system throughout the complete simulation. In other words, energy seems to be lost or incorrectly calculated when LS-DYNA is used in conjunction with MCOL for this particular case.

Two main hypotheses may explain this issue:

• Due to the slender geometry and vertical positioning with respect to the waterline of these types of FOWT, resulting pitch and surge motion components are highly coupled. This characteristic behavior, which differs considerably from what is generally observed for collided ships, may be problematic for MCOL. Even though the program has been designed to deal with large rotations, the degree of pitch a spar may experience during a collision event had not yet been tested until the study carried by Echeverry et al. [START_REF] Echeverry | Developments in the collision and grounding of ships and offshore structures 85-95[END_REF].

• The kinetic energy calculated by MCOL accounts exclusively for the rigid body motions of the structures with respect to their CoGs (including inertia effects arising due to water added masses). However, in LS-DYNA, the nodes that are subjected to deformation, and consequently a certain amount of displacement, also gain kinetic energy (see Fig. 7.1). This contribution, which is not taken into account either by LS-DYNA or MCOL, may be significant and could explain the energy loss in the final balance. It will be referred to from now on as the "deformed nodes kinetic energy".

In the present study, three simplified versions of the collision model developed by Echeverry et al. [START_REF] Echeverry | Developments in the collision and grounding of ships and offshore structures 85-95[END_REF] were proposed. As the original simulation is complex and requires high computation time, employing adapted models was deemed the most convenient approach for this particular application. Main characteristics of these simplified models are listed below:

1. Coarse finite element meshes were employed in order to reduce computation time and allow for a more straightforward analysis process;

2. Geometries of both ship and FOWT were simplified in order to limit deformations. For the same purpose, fully rigid and high stiffness deformable materials, in addition to spring elements, were employed; 3. Gravity loads and mooring lines were disregarded, since they were most likely not related to the issue;

4. The motion of the FOWT was limited or induced in specific ways with the use of constraints or by changing the impact location. This was done in order to mitigate the coupling of motion components.

Making use of these simplifications, not only could computation time be reduced, allowing for a more straightforward analysis process, but also a higher control could be exerted over the main effects that take part in the collision process.

Assessment

The description of each model is presented in the following section. Obtained results are presented and discussed. For a complete overview of the original model with detailed dimensions and configurations, please refer to Echeverry et al. [START_REF] Echeverry | Developments in the collision and grounding of ships and offshore structures 85-95[END_REF].

Model 1 Model setup

Model 1, illustrated in Fig. 7.2, is a direct simplification of the model used in Echeverry et al. [START_REF] Echeverry | Developments in the collision and grounding of ships and offshore structures 85-95[END_REF]. It consists of a deformable FOWT and a rigid striking bow. The FOWT's bottom part is defined as rigid. This is necessary as MCOL requires the definition of a rigid part to which it associates rigid body calculations, as explained in MCOL's manual [196]. The ship impacts the FOWT at a high location relative to the structure's CoG, traveling with a velocity of 5m/s. A constraint blocking the translations in all three directions and rotations around y and z axes was applied to the nodes adjacent to the FOWT's CoG, as indicated and illustrated in Fig. 7.2. This configuration was intended to induce a large pitch movement of the FOWT, while completely restricting any motion in surge.

Results and Discussion

The time evolution of energies over a duration of 60s is demonstrated in Fig. 7.3, with impact occurring at around t = 17s. Curves for the internal energy U , kinetic energies K and work associated to hydrostatic restoring forces H in both bodies are presented. The sum of these components is denoted by E total and the impactor's initial kinetic energy is denoted by K 0 .

Upon impact, K 0 rapidly decreases and the ship practically stops moving after 25s. As expected, the impact induces an oscillatory pitch motion on the FOWT that is gradually dampened by buoyancy forces, as indicated by K f owt and H f owt curves. The internal energy U reaches a plateau, at approximately 65M J, when plastic deformations on the FOWT cease and only minor elastic vibrations remain.

The gap between initial kinetic energy K 0 (before impact) and E total (during and after impact) can be clearly observed. Note that the work performed by wave radiation and viscous drag damping forces is not plotted in the balance, as it was initially thought that these components would be negligible. This matter is addressed in the following section.

Model 2 Model setup

Model 2, depicted in Fig. 7.4, is a simplified version of model 1, which is designed to investigate the influence of the "deformed nodes kinetic energy" on the energy balance. To prevent structural deformations, the FOWT is modelled as a rigid cylinder with similar dimensions and mass distribution to the original structure. No constraints were applied to the cylinder, which is allowed to move freely. Its rigid body motion is calculated via MCOL.

In order to avoid potential instabilities resulting from rigid-rigid contact, the impactor is defined as a rigid plate connected to a deformable semi-cylinder by means of a translational spring. The semi-cylinder's modulus of elasticity and thickness were deliberately increased to avoid any plastic deformation. The stiffness of the connecting spring was adjusted experimentally to ensure that it would not compress excessively. This also allowed for a certain degree of control over the resulting internal energy. Moreover, the impactor was only allowed to move in the y direction and was not associated to MCOL.

The contact condition was intentionally limited to 10s, after which it ceased, and the impactor was allowed to freely go through the FOWT. This feature avoided a secondary impact and facilitated the observation of the FOWT's undisturbed pitch motion. By applying this configuration, kinetic energy results calculated for the FOWT via MCOL were expected to be correct, since no deformation would occur, theoretically eliminating the supposed "deformed nodes kinetic energy" from the system.

Results and Discussion

The energy balance time-history for a 140s running time is demonstrated in Fig. 7.5. The work associated to wave radiation W f owt and viscous drag V f owt forces were also added to the energy balance. At around t = 1.7s, the impactor collides with the FOWT, causing the semi-cylinder to move backwards and compress the spring. This process continues until the spring reaches its maximum deformation at about t = 5s, moment at which the deformation energy reaches its peak (≈ 20M J). After this point, the FOWT starts moving along the impact direction and the spring slowly decompresses, returning to its initial length at t ≈ 8s.
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The total energy of the system remains constant and equal to its initial kinetic energy during the entire process, which confirms that in the absence of the "deformed nodes kinetic energy" contribution, the energy balance inconsistency is indeed prevented. Despite this, results were still unrealistic, as both W f owt and V f owt largely surpassed the initial energy of the system.

From the kinetic energy curves, it is possible to observe that the impactor rapidly decelerates after contacting the FOWT. At the same time, the FOWT experiences an increase in angular acceleration that continues until around t = 7.5s. This pitch rotation motion is countered by hydrostatic restoring forces, but an unexpected behavior is observed from the profiles of K f owt and H f owt : oscillations increase after contact loss before starting to decay, when in reality wave radiation and viscous drag forces would immediately start dampening the FOWT's motion. This problematic behavior was reported the developers of LS-DYNA at LSTC (Ansys, Inc.). They found a coding error in the software version that was used in the project and that was the latest version at the time (R10.2). The error generated an inconsistent calculation of wave radiation forces when the number of matrices included in MCOL's input was not exactly 60. The problem has been corrected in recent versions of LS-DYNA. As an example, the energy balance for the current simulation performed in LS-DYNA version R13 is demonstrated in Fig. 7.6. All the energy components are clearly consistent with the expected physical behavior. In conclusion, these simulations demonstrate that the gap occurring in the energy balance just after impact is indeed due to the absence of the so-called "deformed nodes kinetic energy", which is not included in the kinetic energy calculated by MCOL. Furthermore, a software error associated to the calculation of wave radiation damping forces calculations was found in LS-DYNA version R10.2. The issue has been corrected by the developers.
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Model 3 Model setup

Model 3, presented in Fig. 7.7, was developed in order to confirm the origin of the energy balance gap. In this model, the deformable semi-cylinder was attached to the rigid FOWT via a spring. As for the impactor, it was modelled as a rigid semi-cylinder. This new configuration was designed to simulate the FOWT's deformation in an isolated and controlled manner. By measuring the resulting velocity of the node v def that connects the deformable semi-cylinder to the spring element, and knowing the assembly's mass (1000 tons), it was possible to calculate the associated kinetic energy. This kinetic energy component, denoted here K def , was expected to exactly match the missing energy in the overall balance. 

Results and Discussion

Results for K def over time are presented in Fig. 7.8. Just after impact, the reference node translates back and forth with the whole assembly. Minor vibrations are also observed. This behavior is clearly reflected on the K def curve.

When K def is added to the final energy balance, presented in Fig. 7.9, the total energy equals K 0 as expected. Finally, it is possible to confirm that the kinetic energy associated to the velocity of the nodes displaced in the deformation of the FOWT is significant. This component is, however, not calculated by MCOL, which explains the incomplete energy balance found previously. 

Conclusion

Preliminary simulations of a ship-FOWT collision implemented using LS-DYNA's NLFE solver in conjunction with the rigid body code MCOL presented an incorrect energy balance, where the total energy did not equal the initial kinetic energy of the system. In order to gain a detailed understanding of the involved mechanisms and a solid comprehension of the issue and its origin, three simplified ship-FOWT collision models have been developed.

In the first model, a rigid ship bow impacts a deformable spar FOWT, inducing a large pitch movement on the latter. Results obtained provided an overview of the impact mechanism in terms of energy dissipation and, most importantly, clearly showed a significant gap between total and initial kinetic energies.

In the second model, a fully rigid simplified version of the FOWT is struck by an adapted impactor, a semi-cylinder connected via a spring to a rigid plate. The motion of the FOWT, limited to pitch rotation around its CoG, was governed by MCOL, while the impactor's motion was controlled by LS-DYNA. During and just after the impact, the energy balance was consistent, which indicated that the energy gap observed in the first model probably corresponded to the kinetic energy of the FOWT's nodes that were subjected to deformation. In addition, by extending the simulation time, it was demonstrated that the wave radiation damping forces were not correctly handled in MCOL. As a result, an unrealistic pitch motion of the FOWT was observed.

The third simplified model consisted of a rigid semi-cylinder impactor and a rigid simplified FOWT with an adapted deformable plate connected by a spring. This design enabled the kinetic energy of the FOWT's deformed section to be easily assessed, which could further confirm the initial hypothesis for the energy balance gap.

From these case studies, the following conclusions were drawn:

• As the kinetic energy associated to the relative velocity (with respect to the CoG of the structure) of the deformed nodes is not accounted for by MCOL, the energy balance will present a gap between the total energy and the initial kinetic energy.

• Although wave radiation damping forces seem to have a small effect in short-term collision analysis, the underlying theory was not implemented correctly in LS-DYNA versions prior to R13. The issue has been investigated in collaboration with developers at LSTC (Ansys, Inc.) and corrected for the latest versions.

Part III

Development of a rapid collision assessment tool

Chapter 8

Elasto-plastic damage analysis

Introduction

Numerical simulations presented in Chapter 5 demonstrated the presence of three distinct phases in the deformation process of the analyzed standalone tubular OWT supports. These consisted of an initial local elastic indentation mechanism, local plastic indentation combined with global elastic bending, and a final buckling process.

One of the main objectives of this research was to develop a structural solver capable of modelling the entire collision deformation process, which included these three mechanisms. For this purpose, theoretical formulations were employed to model each phase and integrated into a comprehensive time-stepping algorithm. In this approach, the OWT support is idealized as cantilever tubes with a constant cross-section, as previously discussed in Chapter 5. A tip mass is placed at its top extremity to represent the RNA.

The developed algorithm was then implemented in a Matlab code. This elasto-plastic quasi-static structural solver is capable of estimating force-penetration and energy balance time-history curve for standalone OWT tubular supports that are subjected to impacts at mid-length and at quarter-length. Impact locations that generally correspond to typical spar floaters and monopiles, respectively. The code was validated against results obtained for the aforementioned numerical simulations. This chapter is dedicated to describing the overall algorithm, with detailed explanations of the analytical derivations applied for each deformation phase. Finally, a validation study is presented to confirm the accuracy and reliability of the solver.

Analytical development

The developed methodology is based on a time-step iterative algorithm, where the impactor's penetration δ is incremented at each step.

According to the observations presented in Section 5.3, the tube's impact response can be divided into three main phases with distinct dominant deformation mechanisms:

• Phase 1 : Local elastic denting at the contact region;

• Phase 2 : A combined mode consisting of simultaneous local plastic denting at the contact region and global elastic bending of the overall tubular beam;

• Phase 3 : A compression buckling mechanism at the clamped base of the tube, here denominated the "elephant foot" mechanism.

At each step, the tube's impact resistance F is evaluated as a function of the ship's displacement δ. For this purpose, different analytical formulas are applied depending on the mechanism that governs the ongoing phase. A similar approach has been proposed by Echeverry [START_REF] Echeverry | Numerical and analytical study of a spar-like floating offshore wind turbine impacted by a ship[END_REF].

Note that the separation between phases is not strictly delimited in reality and a small amount of overlap has been observed in the simulations. In the proposed approach, phase transitions are assumed to occur in an abrupt, well-defined manner, triggered by a threshold value. These are calculated at the beginning of the routine and will be later explained.

It is important to highlight that the analytical formulas used in our approach are based on a quasi-static behavior of the impacted structure (i.e, inertial forces are neglected). This assumption is motivated by the fact that the acceleration of the tube's wall at the impact point remains limited, given the impact velocity of the striking ship. Besides, neglecting dynamic effects still yields accurate results, suitable for the intended applications of this method. This is demonstrated in Section 8.3, where the methodology's limitations and advantages are discussed.

The next sections are dedicated to the analytical models that are applied in each phase. For a detailed description of the general algorithm, please refer to 

Phase 1 -Local Elastic Denting

The fundamental problem of a finite length cylindrical shell that is subjected to small elastic deformations has been treated by an extensive number of authors [197]. Therefore, a variety of approximated solutions are available in the literature, in particular for local concentrated loads. However, as stated by Brooker [198], a solution for the specific condition of an asymmetric load, as in the current case, is definitely not trivial.

In order to simplify the required mathematical developments, a commonly used alternative relies on idealizing the load as a pair of diametrically opposed punctual forces, as depicted in Fig. 8.1. A closed-form solution for this problem is available in Ting & Yuan [199] and has been used, for instance, by Gresnigt & Karamanos [200] to calculate the response of steel pipes under lateral indentation loads. Consider the radial displacement w 1 (x, φ) of the cylindrical shell illustrated in Fig. 8.1a. A closed-form solution can be obtained by expressing the general differential equation in the form of a Fourier series. For the loaded cross-section (x = 0), the radial displacement is given by:

w 1 (0, φ) = 1.117 F 1 R 3 B r R R t ∞ n=2,4,6,... t R cos(n) A n (8.1)
where F 1 is the local elastic denting load, R is the tube's mean radius and t is its thickness.

Coefficients A n are dependent on the geometric characteristics of the tube.

Lastly, the parameter B r denotes the ring bending stiffness of the tube's wall per unit length under plane strain conditions, given by:

B r = Et 3 12(1 -ν 2 ) (8.2)
where E is the material's modulus of elasticity and ν is its Poisson's ratio.

Truncation of the series in Eq. 8.1 leads to the following force-displacement relationship at the load application point w 1 (0, 0). Further details on this mathematical development can be found in Ting & Yuan [199].

w 1 (0, 0) = 0.056 F 1 R 3 B r R R t (8.3)
Assuming that the local indentation is equal to twice the displacement δ l = 2w 1 (0, 0) at the load application point1 , Eq. 8.3 can be rewritten in terms of the local elastic resistance force F 1 as a function of local indentation δ l :

F 1 (δ l ) = 8.928   B r R t R 2   δ l (8.4)
The threshold for the local elastic denting mechanism is defined by the characteristic collapse resistance of the tube's wall F c l . This value marks the initiation of plastification at the contact zone. Thus, Phase 2 is triggered once

F 1 ≥ F c 1 .
The latter parameter is given by Eq. 8.5:

F c 1 = σ y t 2 4 D t (8.5)
where σ y is the yield strength and D is tube's diameter.

Phase 2 -Combined Mode

Phase 2 is the most complex in that it consists of a combination of modes, specifically, local plastic denting and global beam-like elastic bending. Their joint occurrence is, however, not the only complicating factor. According to the simulations reported in Section 5.3, it is evident that these modes are strongly coupled, and interact through a highly non-linear dynamic that appears to be particularly sensitive to the tube's characteristic geometry, the impact location and the impactor's kinetic energy. With that said, developing a simplified analytical method that is capable of reproducing this elasto-plastic coupled behavior with all its inherent complexities can be exceptionally challenging.

Typically, methodologies that deal with somewhat similar interactions between local denting and global bending mechanisms rely on reduction coefficients to account for the loss of global strength induced by local deformations [102,126,201]. However, these formulations focus on impact conditions for which elastic bending can be conveniently disregarded, enabling the use of plastic limit analysis. Furthermore, as some of these are only concerned with residual bending capacities, local and global mechanisms are essentially decoupled, which considerably simplifies the problem. This approach is, unfortunately, not suitable for the current case, where resistances associated to each mechanism affect one another in a more dynamic way.

Therefore, in this study, a practical strategy that takes advantage of the calculation algorithm on which this complete methodology is based has been adopted. Applying existing closed-form solutions for each individual mechanism, corresponding resistances can be evaluated independently and in parallel at each time-step. A resultant force is then obtained by combining these two values. This method has two main benefits: the necessity of devising a complex coupled doublemechanism formulation is avoided, and analytical models for both local and global modes are already available in the literature. There is, however, one complication that arises nonetheless: how can the resultant resistance be derived?

The solution to this relies on observations of the numerical simulations and will be further detailed in Section 8.2.2, dedicated to the integration procedure and calculation of the resultant resistance force for Phase 2. The analytical formulations selected to model the local plastic denting and global elastic bending mechanisms are described, respectively, in Sections 8.2.2 and 8.2.2.

Local Plastic Denting

The mathematical model applied to calculate the local plastic denting resistance is based on the formulation developed by Buldgen et al. [127] for the local crushing resistance of a tubular jacket member. It relies on plastic limit analysis, assuming that the tube is made of a rigid-perfectly plastic material characterized by a flow stress σ 0 . The resistance is then derived by applying the upper bound theorem [START_REF] Jones | Structural impact[END_REF] to a pre-defined displacement field that approximates the deformation pattern expected for such a mechanism, as depicted in Fig. 8.2a. The initial step consists in defining the displacement field2 . A convenient way to achieve this is via the approach taken by Wierzbicki & Suh [122]: the tube is assumed to be composed of a series of generators supported by independent rings that are allowed to freely slide along them without any shearing resistance, as illustrated in Fig. 8.2b. The total deformation energy rate Ė2 is then calculated by the sum of the energy rates of the rings and the generators, respectively, Ė2r and Ė2g : Ė2 = Ė2r + Ė2g (8.6) The energy rate of the rings Ė2r is given by the following equation:

Ė2r = 0 -ξ 2 Ė2b 1 + x ξ 2 dx + ξ 1 0 Ė2b 1 + x ξ 1 dx = Ė2b ξ 1 + ξ 2 2 (8.7)
where Ė2b is the energy rate associated to both the change in curvature and the bending of the plastic hinges that develop in the ring-like indented cross-section. A schematic representation of this geometry with all relevant geometrical parameters is presented in Fig. 8.2a. For a more detailed description of its derivation, please refer to Wierzbicki & Suh [122] and Buldgen et al. [127].

The parameter Ė2b is obtained using the following equation: 8.8) where m 0 = σ 0 t 2 /4 is the tube's bending capacity per unit length. The first and second terms in Eq. 8.8 correspond to the energy dissipated on hinges A and B, indicated in Fig. 8.2a. These terms are characterized by their deformation velocities V A and V B . The third and fourth terms describe the change in curvature of arcs C 1 and C 2 , respectively, where

Ė2b = 2m 0   V A R 2 + 1 R 2 - 1 R 1 V B + C B χ1 dc + B A χ2 dc   ( 
χ 1 = 1/R 1 and χ 2 = 1/R 2 .
Regarding the energy rate of the generators Ė2g , it is assumed to be entirely dissipated through membrane strains that develop within the generators. According to Buldgen et al. [127], as the simultaneous contribution of bending and membrane effects is quite complex to evaluate, a more convenient and conservative approach relies on neglecting the former. Therefore, given that there is no shear, the only contribution to the energy dissipation comes from membrane effects associated to the axial elongation of the generators. The membrane deformation energy rate Ė2m given for a particular generator is:

Ė2m (φ, δ l ) = n 0 ξ 1 -ξ 2 εm (x, φ, δ l )dx (8.9)
where εm is the deformation rate of a generator at a particular position (x, φ, δ l ). After integration, Eq. 8.9 becomes: 8.10) where n 0 = σ 0 t is the axial resistance of the tube per unit length. Here, w 2l (φ, δ l ) is the displacement field of the central cross-section and ∂w 2l /∂δ l is the corresponding velocity. Note that Eq. 8.10 refers to a single generator.

Ė2m (φ, δ l ) = n 0 δl 1 ξ 1 + 1 ξ 2 w 2l (φ, δ l ) ∂w 2l ∂δ l ( 
The energy rate for the complete tube Ė2g is given by: 8.11) which leads to: 8.12) According to Buldgen et al. [127], finding a closed-form solution for Ė′ 2m is not trivial. Therefore, a numerical integration scheme is recommended to solve Eq. 8.12.

Ė2g = C Ė2m dx = 2Rn 0 δl 1 ξ 1 + 1 ξ 2 2π 0 w 2l (φ, δ l ) ∂w 2l ∂δ l dφ ( 
Ė2g = 1 ξ 1 + 1 ξ 2 Ė′ 2m ( 
The last step of the process consists in applying the Virtual Velocity Principle [START_REF] Jones | Structural impact[END_REF] to the total energy rate described by Eq. 8.6, rearranged with Eqs. 8.7 and 8.12: 8.13) Consistent with this principle, the internal energy rate Ė equals the external power associated to the local plastic denting resistance F 2l of the tube. Thus, for a given local penetration rate δl : 8.14) which can be rewritten in the form: 8.15) where E 2b = Ė2b /δ l and E ′ 2m = Ė′ 2m /δ l . Finally, it remains to evaluate parameters ξ 1 and ξ 2 . This can be achieved by minimizing Eq. 8.15 with respect to these parameters: 8.16) thus:

Ė2 = Ė2b ξ 1 + ξ 2 2 + 1 ξ 1 + 1 ξ 2 Ė′ 2m ( 
F 2l δl = Ė2b ξ 1 + ξ 2 2 + 1 ξ 1 + 1 ξ 2 Ė′ 2m ( 
F 2l (δ l ) = Ė2b ξ 1 + ξ 2 2 + 1 ξ 1 + 1 ξ 2 Ė′ 2m 1 δl ( 
∂F 2l ∂ξ 1 = 0; ∂F 2l ∂ξ 2 = 0 (
ξ 1 (δ l ) = min   2E ′ 2m E 2b ; L 1   ; ξ 2 (δ l ) = min   2E ′ 2m E 2b ; L 2   (8.17)
Note that, for the sake of conciseness, the explanation on how to derive some of the presented parameters has been omitted here. A detailed explanation can, however, be found in Buldgen et al. [127] and Wierzbicki & Suh [122].

Global Elastic Bending

Consider the tubular cantilever beam depicted in Fig. 8.3. It is subjected to a lateral punctual force F 2g and undergoes a deflection w 2g (x) given by the following load-deformation relationship based on classical beam theory [202]:

w 2g (x) = F 2g x 2 (3L 1 -x) 6EI (8.18)
where E is the elastic modulus, I is the second moment of area, L is the length of the tube, L 1 is the longitudinal distance from the base to the impact point and x is the point where deflection is measured, also with respect to the clamped base.

At x = L 1 , the global beam displacement δ g caused by the impactor is w 2g (x = L 1 ) and Eq. 8.18 can be rearranged in terms of the global elastic beam bending resistance as follows:

F 2g (δ g ) = 3EI L 3 1 δ g (8.19)

Local/Global Mode Integration

The integration of the local plastic denting and global elastic bending mechanisms is done through a simple procedure. During Phase 1, the resistance forces associated to local plastic denting F 2l and global elastic bending F 2g are calculated in parallel with the dominant mechanism, local elastic denting resistance F 1 .

When the characteristic collapse resistance of the tube's wall F c l is reached and Phase 2 is triggered, the values of F 2l and F 2g at this specific step are saved and used to calculate local C l and global C g correction coefficients. These are given respectively by: 

C l = F c 1 F 2l (δ 2 ) (8.20)
C g = F c 1 F 2g (δ 2 ) (8.21)
where δ t is the impactor's penetration at the transition time step. These coefficients are stored, and during Phase 2, the parallel calculation of F 2l and F 2g as a function of the current impactor's penetration proceeds.

The tube's resistance force is calculated considering the following observations:

• For mid-length impacts, the numerical simulations showed that during Phase 2, the contribution of the global elastic bending mode to the total deformation energy appears to be less significant compared to the local plastic denting counterpart. During this phase, intentionally neglecting the contribution of the global mode to the overall resistance was found to yield satisfactory results in the majority of the cases. The resulting force F 2 is then calculated as:

F 2 = F 2l (δ l )C l (8.22)
The evolution of each force component and the corresponding resultant as a function of the penetration is presented schematically in Fig. 8.4:

• On the other hand, for quarter-length collisions, numerical results indicate that during Phase 2, both local plastic and global elastic modes contribute significantly to the energy absorption. It was also found that applying a simple average between the two components led to results that were consistent with the ones obtained numerically. Therefore, the tube's resistance force F 2 is computed as:

F 2 = F 2l (δ l )C l + F 2g (δ g )C g 2 (8.23)
A schematic force-penetration diagram for a quarter-length impact is illustrated in Fig. 8.5.

It may be counter-intuitive that global elastic bending was found to contribute less to the energy absorption in mid-length impacts than in quarter length impacts. To explain this result, it is important to note that:

1. The applied algorithm works by imposing a penetration/displacement increment and calculating the resultant resistance force as a combination of the two involved modes at each time step. The local plastic denting resistance force does not vary substantially in function of the distance between the clamped base and the impact location (L 1 ), whereas the global elastic bending resistance, which is inversely proportional to L 3 1 in Eq. 8.19, is as expected significantly affected by this parameter. Therefore, while the local plastic denting resistance seems to remain approximately the same in both cases, global bending resistance is eight times lower for mid-length impacts as compared to quarter-length impacts. Thus, it is intentionally neglected in Eq. 8.22.

2. In terms of the energy balance, for a given penetration increment, the global bending mode contributes less to the energy absorption than the local plastic one for mid-length impacts. Moreover, as the global bending resistance is lower, part of the impactor's kinetic energy is transferred to the tube (including its tip mass) as kinetic energy associated to an induced global bending This is further demonstrated in Section 4.3.

Finally, the transition to Phase 3 occurs when the plastic collapse load of the cantilever tube

F c 2 is reached (F 2 > F c 2 )
. The value of F c 2 is given by: 8.24) where M 0 = D 2 tσ 0 is the tube's fully plastic bending moment.

F c 2 = M 0 L 1 ( 

Phase 3 -Elephant Foot Buckling

The "elephant foot" asymmetric buckling mode is observed at the base of the tube, where the region under compression sustains successive folding. Pire et al. [135] proposed a semi-analytical methodology to assess the resistance force of an analogous mechanism observed in jacket foundations under ship impact. This method follows a similar approach to the one used for local plastic denting. By assuming a rigid-perfectly plastic material and defining a displacement field that reproduces the expected deformation pattern, the upper bound theorem of plastic limit analysis [START_REF] Jones | Structural impact[END_REF] can be applied to derive the associated deformation energy rate.

The displacement field is postulated according to the geometry presented in Figs. 8.6a and 8.6b. As done previously, the tube is idealized as a composition of rings and generators. The length of the generators is assumed to remain constant, while the rings are allowed to expand and to freely slide without shearing. The following mechanisms compose the deformation process: three plastic hinges (numbered 1, 2 and 3 in Fig. 8.6b) that develop as a consequence of the generator's folding, the elongation of the rings located between hinges 1 and 3 that introduce membrane strain in the cross-section, and a fourth plastic hinge (numbered 4 in Fig. 8.6b) that develops at the clamped base on the non-folded side of the tube due to its overall rotation. The relationship between ring and generator deformations is defined by parameters β, α and l. The latter, denominated the folding length, will be discussed later on.

For values of β ∈ [-π/2; π/2], the displacement field of the generators is depicted in Fig. 8.6b. For values outside this range, their deformation is assumed to be negligible. If β = 0, the assumption of a non-elongation of generators allows for the following definition:

2l cos α + R tan θ = 2l ⇒ α = cos -1 1 - R 2l tan θ (8.25)
If β ̸ = 0, the relationship writes:

α(β) = cos -1 1 - R cos β 2l tan θ (8.26)
Given these initial considerations, the deformation energy rate Ėh1 3 associated to the rotation of plastic hinge 1 is given by:

Ėh1 3 = 2m 0 π/2 0 α(β)Rdβ = 2m 0 π/2 0 ∂α(β) ∂θ Rdβ θ (8.27) with ∂α(β) ∂θ = 1 1 -1 -R cos β 2l tanθ 2 R cos β 2l cos 2 θ (8.28)
In Eq. 8.27, m 0 is the tube's bending capacity per unit length, previously defined in Section 8.2.2.

For plastic hinge 2, the deformation energy rate Ėh2

3 writes:

Ėh2 3 = 4m 0 π/2 0 α(β)dsdβ = 4m 0 π/2 0 ∂α(β) ∂θ Rdβdsdβ θ (8.29)
where s is a vector defining the position of an arbitrary point P belonging to the tube's cross-section. The derivation of ds is lengthy and will not be reported here. For more detail, please refer to [135].

For the case of plastic hinge 3, the deformation energy rate Ėh3 3 is given by: 8.30) where θ(β) = θ cos β and ∂θ(β)/∂θ = cos β.

Ėh3 3 = 2m 0 π/2 0 ( α(β) + θ(β))Rdβ = 2m 0 π/2 0 ∂α(β) ∂θ + ∂θ(β) ∂θ Rdβ θ (
The deformation energy rate Ėh4 3 associated to the rotation of plastic hinge 4 writes: (8.31) where the plastic bending moment M p of the non-folded section β ∈ [π/2; 3π/2] can be computed as: 8.32) in which R e and R i are, respectively, the external and internal radii of the tube and σ 0 is the material flow stress.

Ėh4 3 = 1 2 M p θ
M p = 2 π 0 dβ Re R i σ 0 r sin βrdr = 4σ 0 R 3 e -R 3 i 3 (
The last deformation energy rate component is associated to the membrane deformation of the rings Ėm 3 and is given by: (8.33) In Eq. 8.33,

Ėm 3 = 4n 0 θ S 0 l 0 π/2 0 ∂S ∂θ dsdβdx = 4n 0 θ πR ∂ ∂θ l 0 S β (x)dx
S β (x) = π/2 0
dsdβ is the length of the deformed part of the cross-section of a ring located at a position x along the tube. The axial resistance of the tube per unit length n 0 was defined in Section 8.2.2.

The total deformation energy rate Ė3 is obtained by summing all the deformation energy rates of hinges and rings:

Ė3 = Ėh1 3 + Ėh2 3 + Ėh3 3 + Ėh4 3 + Ėm 3 (8.34)
Note that the integral in Eqs. 8.27, 8.29, 8.30 and 8.33 cannot be solved analytically. Therefore, a numerical trapezoidal method is applied. Finally, by applying the Virtual Velocity Principle [START_REF] Jones | Structural impact[END_REF] to the total energy rate given by Eq. 8.34, the resistance force associated to the "elephant foot" buckling mechanism F 3 is obtained for a given penetration rate δg by:

F 3 (δ g ) = Ė3
1 δg (8.35) It is also worth noting that, according to Pire et al. [135], the folding length was defined based on numerical simulations as l = √ Dt/1.5. In the current cases, numerical simulations indicated an improvement in accuracy when a value of l = √ Dt/4 is applied.

Implementation and validation

This section is dedicated to the validation of the simplified analytical method presented in Section 8.2. Results retrieved from numerical impact simulations described in Section 5.3 are compared against results obtained analytically with the use of this simplified method, which was implemented in a Matlab routine.

Mid-length impacts at 2m/s

For a mid-span collision with an impact velocity of 2m/s, force-penetration curves, as well as penetration and energy balance time history plots for all models are presented in Fig. 8.7. In addition, maximum resistance forces, penetrations and deformation energies are compared in Table 8.1. The discrepancy in percentage between numerical and analytical results is calculated in the following manner: 8.36) Note that individual discrepancies are given as relative values in order to indicate whether the results are over (Disc.>0) or underestimated (Disc.<0). The average discrepancy is given in terms of absolute values |Analytical -N umerical|. The force-penetration curves generally match the expected impact response detailed in Section 5.3. Initially, the curves follow an approximately linear trajectory with a relatively steep slope that is associated to the local elastic denting mode (Phase 1 ). As the plastic capacity of the tube's wall is reached, the slope decreases considerably, indicating the initiation of the combined local plastic/global elastic mode (Phase 2 ). This profile is observed for all models.

Discrepancy = Analytical -N umerical N umerical 100 (
From the penetration time histories, it is clear that the analytical method is generally conservative. On average, the maximum penetration δ max is overestimated by 4.54%, with the highest difference observed for model 7 (12.13%) and the lowest for model 4 (2.55%). As previously explained in Section 8.2.2, for mid-length impacts, the analytical method deliberately neglects the resistance associated to global bending in Phase 2. As a result, maximum penetrations tend to be overestimated. This strategy was adopted for two reasons: first, a conservative simplified analytical method is actually desirable; second, obtaining an accurate way of modelling the local/global mechanism interaction proved exceedingly difficult. In conclusion, neglecting the global bending resistance ends up being advantageous in this case, both simplifying and establishing a safer methodology.

Still, it is worth mentioning that the reliability of the method seems to depend in some measure on the geometry of the tubular member. For stockier tubes, such as model 7, the discrepancy in final penetration is higher, as the contribution of the global bending mode appears to be more significant. On the other hand, for relatively slender tubes such as model 4, discrepancies between analytical and numerical penetration results are lower. In general, however, the analytical model produces a reasonable estimate of the penetration evolution over time and gives reliable maximum penetrations.

Moreover, due to the conservative assumption made in Phase 2, the analytical model does not reach the plastic collapse limit in the case of model 1, for which buckling was observed. As a result, this mechanism (Phase 3 ) is not triggered.

In terms of the maximum resistance force F max , it should be pointed out that the numerical force-penetration curves contain a fair amount of high-frequency oscillations that are related to either localized dynamic effects or small numerical instabilities. These artifacts do not significantly influence the overall quality of the results. In spite of that, it was more appropriate to estimate the maximum force as an average at a limited region around the peek force. Given this consideration, the maximum force is generally underestimated (except for models 3 and 6) with an average discrepancy of about 4%.

Lastly, regarding the energy balance plots depicted in Fig. 8.7, an excellent approximation between analytical and numerical results is obtained for the kinetic energy of the impactor K imp in all cases. In terms of the energy transferred to the tube through deformation U tube , the analytical curves correlate almost perfectly for the initial stages of the collision. However, they start to diverge towards the end. While the analytical curves continue to increase until complete energy transfer is achieved, the numerical curves reach a generally lower maximum and start decreasing to a stable plateau. This can be explained by the fact that the numerical method is able to capture the dynamic characteristic of the response, as opposed to the analytical method, which is based on a purely quasi-static approach.

In other words, a portion of the impactor's initial kinetic energy is, in reality, transferred to an impulse-induced motion that the tube and its tip mass gradually initiate after contact. This is evident from the presence of a (sometimes) significant kinetic energy component associated to the tube and its tip mass K tube in the NLFEA results. Despite this limitation, the analytical method produces good results when it comes to the maximum absorbed energy U max . An average discrepancy of less than 10% is obtained, which is a reasonable conservative overestimation. Finally, it is observed that the sliding energy E f ric post-processed from the numerical simulations remains very small (in general less than 2% of the total energy E total ). Therefore, neglecting friction in the analytical model has a limited effect on its accuracy.

Quarter-length impacts at 2m/s

For a quarter-length collision with an impact velocity of 2m/s, force-penetration curves, presented in Fig. 8.8, follow a similar profile to the one observed for mid-length impacts. Two distinct slopes are identified: an initial part with a steeper slope, related to the local elastic denting mode (Phase 1 ), and a second part with lower inclination, associated to the combined local/global mode that follows (Phase 2 ). Maximum resistance forces, penetrations and deformation energies are compared in Table 8 (f) Model 6.

(g) Model 7.

Figure 8.8: Force-penetration, penetration over time and energy balance over time curves obtained numerically and with the simplified analytical method for a 2m/s quarter-length impact.

Comparing analytical and numerical curves, it appears that the analytical model is, in general, slightly stiffer during Phase 2. This reflects on the penetration history profiles, which are either slightly underestimated or very close to the numerical reference. As explained in Section 8.2.2, for quarter-length impacts, the resistance force is calculated as an average of global bending and local denting resistances. In reality, however, this interaction is more complex and the contribution of global bending seems to be marginally less significant.

Let us now consider the maximum values reported in Table 8.2. The maximum resistance force F max is underestimated for most cases (except cases 2 and 6). Despite that, the highest discrepancy remains around 5% and the average is lower than 3%. Final penetrations δ max are also mostly underestimated, with the exception of models 4 and 7, for which the analytical model slightly overestimates. Nonetheless, the maximum discrepancy remains around 6% and the average is under 3%.

Regarding the energy balance time histories, an excellent correlation is obtained between numerical and analytical results. Given that for this particular impact setup, most of the impactor's kinetic energy K imp is directly transferred into deformation energy U tube , the tube's kinetic energy K tube and friction energy E f ric are practically negligible (both components represent less than 2% of E total ). Thus, the analytical model is able to match almost perfectly the impactor's kinetic energy as well as the tube's deformation energy. On average, U max is overestimated by less than 2%.

Mid-length impacts at 5m/s

The resulting curves for a mid-length 5m/s impact are presented in Fig. 8.9. Maximum resistance forces, penetrations and deformation energies are compared in Table 8.3. Table 8.3: Comparison of the maximum resistance force, penetration and absorbed energy obtained numerically and with the simplified analytical method for a 5m/s mid-length impact. From the force-penetration curves in Fig. 8.9, it seems that during Phase 1 and roughly the first half of Phase 2, the responses resulting from 2m/s and 5m/s mid-length impacts are quite similar.

Model F max [MN] δ max [m] U max [MJ] NLFEA Analytical Disc. [%] NLFEA Analytical Disc. [%] NLFEA Analytical Disc. [
However, for 5m/s, the behavior diverges towards the second half of Phase 2. A major spike appears leading up to the plastic collapse of the tube. This effect, as observed from the numerical simulations, occurs when the local mechanism ceases and the participation of the global elastic bending mode to the overall resistance rapidly increases. As a result, the force rises abruptly. Note that this behavior is not reproduced by the analytical method.

For all cases, except 3 and 6, the plastic collapse capacity is reached and Phase 3, the "elephant foot" mechanism is initiated. This mode is easily distinguishable by the sudden drop that is followed by a sequence of steep peaks. These are related to the folding process that takes place in the compressed side of the tube's base. The analytical model is able to capture this mechanism with reasonable accuracy, matching the average profile of the numerical curves. Alternatively, for models 3 and 6, Phase 2 continues until the impactor loses contact with the tube.

Maximum resistance forces, summarized in Table 8.3, are generally overestimated. While the maximum discrepancy (approximately 13.3% for model 7) is relatively high as compared to results for a 2m/s mid-length impact, the average discrepancy, of less than 6%, is within an acceptable range.

It is important to highlight that secondary impacts were observed for all cases. This can be clearly identified from the additional peaks that ensue in the penetration over time curves. As the analytical model is limited to the first contact, final penetrations presented in Table 8.3 refer to the values measured at first contact loss. With that said, the analytical model overestimates maximum penetrations by 4.23% on average. The highest discrepancy is obtained for model 3 at less than 10%.

In terms of deformation energy U tube , the correlation between numerical and analytical results is fairly good within the initial interval between Phase 1 and the first half of Phase Figure 8.9: Force-penetration, penetration over time and energy balance over time curves obtained numerically and with the simplified analytical method for a 5m/s mid-length impact.

2. After this period, however, the numerical curve follows a lower path and then gradually increases towards a maximum value. At the same time, a corresponding rise occurs in the tube's kinetic energy K tube . This indicates that a significant dynamic response is induced by the sudden spike in the tube's resistance. It is also important to mention that the impactor's kinetic energy K imp is not completely depleted, which is expected considering that the impactor continues moving after the first contact. Moreover, friction energy E f ric is practically negligible (less than 2% of E total for all cases). Lastly, the simplified analytical method is able to predict the tube's maximum deformation energy with a discrepancy of approximately 3% on average.

In conclusion, even though the extension of the deformation process throughout Phase 2 and Phase 3 introduces new uncertainties in the calculation, the simplified method is still fairly accurate. This is particularly so in the prediction of maximum penetrations and energy absorption.

Quarter-length impacts at 5m/s

For a 5m/s quarter-length impact, force-penetration curves (Fig. 8.10) show a fairly similar profile to that observed in the previous case, with one major difference: during Phase 2, the curve is continuous and no change in slope is observed. As a consequence, the analytical method seems to be able to predict the complete deformation process rather accurately, including Phase 2. However, as expected for this particular phase, the analytical model is slightly stiffer.

During Phase 3, the numerical curves present oscillations that are not reproduced by the analytical model. The average profile is, however, well captured. A good correlation is also observed for the penetration over time curves. Regarding maximum forces, an average discrepancy of less than 4% is obtained (see Table 8.4). The analytical model tends to generally overestimate this value. In terms of final penetrations, analytical results are also mostly overestimated (except for models 3 and 6), with the highest discrepancy lower than 6.2%. The average discrepancy for maximum penetrations remains around 3%. Energy balance time histories (Fig. 8.10) demonstrate that in this case, most of the impactor's kinetic energy K imp is directly transferred into deformation energy U tube . Components associated to the tube's kinetic energy K tube and friction energy E f ric are practically negligible (less than 3% at most). It is also interesting to observe the contribution of the elastic restoring effect to the energy profiles. After K imp and U tube reach their respective minimum and maximum values, the curves gradually increase/decrease to a steady plateau. As explained in Section 5.3.4, when the impactor's kinetic energy is fully absorbed, the tube rebounds, pushing the impactor back.

Lastly, the maximum deformation energy, shown in Table 8.4, is on average overestimated by 2.43%, with the highest discrepancy remaining around 3%.

Conclusion

In this chapter, a simplified analytical method to estimate the response of a standalone tubular OWT structure to a ship bow impact was proposed. This method integrates distinct analytical models into a time-stepping algorithm that is capable of predicting the overall deformation process, including purely local and combined modes. Its main purpose is to provide a rapid and easy-to-use assessment tool, suitable for risk-based damage stability analyses and crashworthiness optimization. It will serve as an alternative to computationally intensive NLFEA in early design stages, where time is a major constraint.

The method is based on the assumption that the OWT can be approximated to a tubular cantilever tube with a constant equivalent cross-section and a tip mass. In order to thoroughly understand its response to a ship impact, a series of numerical finite element simulations were performed using the NLFEA software LS-DYNA. In total, seven test tubes, with dimensions based on typical OWTs, were analyzed. The collision of a conventional OSV was replicated using a 6000-ton rigid wedge impactor with approaching velocities of 2m/s and 5m/s, and impact locations at mid-length and quarter-length with respect to the tube's base. Three main deformation phases were observed: (i) local elastic denting, (ii) local plastic denting combined with global elastic bending and (iii) plastic buckling at the base of the structure.

The proposed methodology resorts to existing analytical formulations to model each of these individual mechanisms. Modelling the combined mode (ii), however, proved particularly challenging. It comprises a strong interaction between local plastic denting and global bending which depends on several parameters like the impact location, the impactor's kinetic energy and the tube's geometry. Furthermore, this type of mode interaction had not yet been treated in the literature to the author's knowledge.

The strategy adopted to estimate the resisting force related the combined mode (ii) relies on reduction coefficients, derived with respect to the tube's wall plastic capacity, to account for the resistance loss induced on each mechanism by the participation of their counterpart on the overall resistance. The latter depends on the impact location. For mid-length impacts, global elastic bending was found to contribute less to the energy absorption compared to local plastic denting, and was ultimately neglected. In the case of quarter-length impacts, for which the contribution of the beam-like bending mode is more pronounced, the overall resistance of the OWT was assumed to be equally distributed between local plastic denting and global elastic bending.

Validation of the proposed simplified method was carried out by confrontation with numerical results post-processed from LS-DYNA simulations. For most studied cases, analytical and NFLEA final penetrations results correlated well. Similar results were also observed for energy balance plots. In terms of maximum penetration and maximum deformation energy, an average discrepancy of less than 4.54% and 9.30%, respectively, was obtained for all impact conditions. Overall, the developed method accurately approximates the impact response. It also presents a considerable advantage in terms of computation time, running in a few seconds as opposed to around three hours in the case of NLFEA3 .

Nevertheless, the main limitations of the proposed approach must be highlighted:

• For stockier tubes subjected to mid-length impact at 2m/s, neglecting the global elastic bending deformation in Phase 2 leads to a significant underestimation of the resisting force, as observed for model 7 in Fig. 8.7g. For the same reason, in case of 5m/s mid-length impacts, Fig. 8.9 clearly shows that the peak of the resisting force given by the proposed approach is reached at a larger penetration compared to numerical simulations. As a consequence, the final penetration is generally overestimated by the proposed model, keeping in mind that the discrepancy does not exceed 10% (see Table 8.3).

• It is worth noting that the developed model is suitable for ship bow impacts. For side and stern impacts, the deformation patterns of the struck OWT would not be the same, and therefore, the analytical formulas considered for phases 1 and 2 would need to be adapted.

Furthermore, in reality, the deformability of the striking ship may have an important influence in the energy transfer process: as part of the impact energy would also be absorbed through the deformation of the ship bow, the damage sustained by the OWT would likely be less severe. In the present study, for the sake of simplicity, the impactor was assumed to be rigid. This was sufficient as a first approach, because the focus was placed on the deformation process of the tubular support.

However, it is important to recall that the developed methodology will be implemented as part of a larger and more comprehensive collision tool that will encompass external dynamics, mooring dynamics for FOWT and the deformability of the impactor.

Chapter 9

RNA kinematics assessment

Introduction

In this chapter, a methodology to estimate the global dynamic elastic response of an OWT that is subjected to ship impact is presented. The main objective of this method is to provide a time-domain rapid assessment of RNA accelerations for a given collision force. It will serve as a complementary module for the elasto-plastic quasi-static damage analysis methodology described in Chapter 8.

The proposed methodology is inspired by the Idealized Structural Unit Method [203] in the sense that it idealizes a complete structure as a set of large sub-elements. Exact solutions are used to describe the dynamic behavior at the element level, and an assembly procedure is performed by enforcing continuity and compatibility conditions at element interfaces. Finally, a characteristic matrix is constructed for the complete structure, from which modal properties are available and can be used to calculate the structure's response. This approach can, in theory, significantly reduce modelling efforts and computational cost compared to FEM. Moreover, the use of exact solutions can be advantageous in terms of accuracy and reliability.

The RNA kinematics assessment methodology is based on a two-step framework:

1. Modal analysis: The OWT's support structure is discretized with Euler-Bernoulli beam elements, while the RNA is modelled as a concentrated mass. Corresponding exact solutions are then assembled through a variation of the Transfer Matrix Method (TMM) [204,205] proposed by Stanton & Mann [155] for beams with multiple discontinuities.

2. Impact response: Obtained mode shapes are used to calculate the impact response of the structure to a given collision force by employing a modal superposition method. A particular interest is placed on the acceleration levels of the RNA.

This chapter details both steps of this framework, describing corresponding analytical derivations and validation studies that were carried out. Lastly, the proposed method is applied to the collision case study presented in Chapter 6.

Modal analysis: analytical derivation

The first step of the framework consists in obtaining natural frequencies and mode shapes for the idealized structure. These properties are essential in predicting the dynamic behavior of the OWT and serve as an input in the second step, where its dynamic response to a given collision force is assessed. Therefore, the accuracy of the final results are highly dependent on the outcome of the modal analysis.

While performing modal calculations of single beam elements may be trivial, for a beam assembly, the required algebraic manipulations become increasingly complicated and unwieldy depending on the number of used elements. To simplify this process, the approach proposed by Stanton & Mann [155], which can be readily adapted for algorithmic applications, is employed.

The method is a variation of the so-called Transfer Matrix Method, commonly used in modal analysis. In this technique, a transfer matrix relating the state variables (e.g., displacements and forces) at the beginning of each element to the state variables at the end of that element is calculated for each segment. By performing a chain multiplication of the transfer matrices for all segments, the overall transfer matrix for the system can then be obtained.

The TMM can be particularly useful for analyzing structures composed of beams with different cross-sectional and material properties that are connected and aligned longitudinally, such as offshore wind turbines, as it can capture the effects of changes in properties on the overall structural behavior. It also enables the use of exact solutions to model each element, which ensures a high level of accuracy.

Additionally, the method offers advantages in terms of computational cost as compared to other methodologies. This is due to the fact that the characteristic matrix's dimensionality is independent of the number of elements, and the transfer matrix's order for the complete structure remains constant, regardless of the complexity of the beam arrangement. Conversely, in other techniques, such as FEA, the matrix's order varies according to the number of nodes and their degrees-of-freedom, while in meshless methods (e.g, Rayleigh-Ritz), it depends on the number of shape functions that are used in the approximation [206]. Details on this procedure are presented in the following sections.

Transfer matrix method

Consider a beam assembly composed of N beam elements with different material and geometrical properties, as depicted in Fig. 9.1. A lumped mass M is located at the extremity of the beam element N . The equation of motion that governs the dynamics of each Euler-Bernoulli beam element i writes:

E i I i ∂ 4 u i (y i , t) ∂y i 4 + ρ i A i ∂ 2 u i (y i , t) ∂t 2 = 0 (9.1)
where E is the modulus of elasticity, I is the moment of inertia about the neutral axis, ρ is the material density, A is the cross-sectional area and u(y, t) is the transverse displacement as a function of the vertical position y and time t.

The classical Euler-Bernoulli beam equation (Eq. 9.1) can be derived by applying the principle of virtual work, based on Hamilton's principle, to the Lagrangian of the beam system with arbitrary variations of the kinetic and potential energy [START_REF] Meirovitch | Fundamentals of vibrations[END_REF].

The displacement u(y, t) can be expressed in terms of an expansion of harmonic mode shapes, as previously explained in Section 2.4. In vector form, this expression writes:

u i (y i , t) = q i (t)X i (y i ) (9.2)
where q i (t) is a n × 1 vector of normal displacements and X i (y i ) is a 1 × n eigenvector that contains the mode shapes of the system. By separating the variables in Eq. 9.1, one obtains the following equation for the spatial terms:

∂ 4 X i ∂y 4 i -β i X i = 0 (9.3)
Here, β i is the wave number parameter given by:

β i = ω 2 n ρ i A i E i I i 1/4 (9.4)
where ω n denotes the natural frequency associated to mode n.

The solution to Eq. 9.3 has the general form:

X i (y i ) = a i sin β i y i + b i cos β i y i + c i sinh β i y i + c i cosh β i y i (9.5)
where constants a, b, c and d can be determined by defining boundary conditions and solving the resulting system of equations, represented by a characteristic square matrix.

The non-trivial solution can be obtained by setting the determinant of the matrix equal to zero and solving the resulting transcendental equation, either graphically or numerically, to obtain the eigenfrequencies of the beam. While this operation is relatively simple for a single beam element, it can be quite cumbersome for multiple-beam assemblies. Therefore, to simplify the mathematical manipulations required in such cases, this methodology applies the strategy proposed by Stanton & Mann [155].

The procedure initiates by applying the boundary conditions prescribed for beam element i = 1 at location y 1 = 0. For a fixed base, displacement and slope, respectively denoted by X 1 and X ′ 1 , need to be set to zero. Alternatively, for a free base, moment (X 1 ) and shear (X ′′′ 1 ) are zero.

Considering, for example, a fixed base beam assembly, boundary conditions are defined as:

X 1 (0) = 0 (9.6) X ′ 1 (0) = 0 (9.7)
which ultimately yields a 1 = c 1 and b 1 = d 1 , reducing Eq. 9.5 to:

X 1 (y 1 ) = a 1 [sin β 1 y 1 -sinh β 1 y 1 ] + b 1 [cos β 1 y 1 -cosh β 1 y 1 ] (9.8) 
From this point, it is convenient to express Eq. 9.5 for an arbitrary beam element in vector form, as follows:

X i (y i ) = ϕ i (y i ) α i (9.9)
where ϕ i (y i ) is a vector of mode shape functions:

ϕ i (y i ) = sin β i y i cos β i y i sinh β i y i cosh β i y i (9.10)
and α i is a vector of constants defined by the boundary conditions:

α i =     a i b i c i d i     (9.11)
For beam element i = 1, Eq. 9.8 is written as:

X 1 (y 1 ) = sin β 1 y 1 -sinh β 1 y 1 cos β 1 y 1 -cosh β 1 y 1 a 1 b 1 (9.12)
whereas for beam element i = 2, it takes the form:

X 2 (y 2 ) = sin β 2 y 2 cos β 2 y 2 sinh β 2 y 2 cosh β 2 y 2     a 2 b 2 c 2 d 2     (9.13)
Note that this will be the general form for elements i = 2 to i = N .

Another necessary step is to group ϕ i and its derivatives ϕ ′ i , ϕ ′′ i and ϕ ′′′ i , respectively associated to displacement, slope, moment and shear force, for each element, into a matrix: (9.14) This enables the enforcement of continuity and compatibility at the interface between consecutive elements in terms of the boundary conditions initially applied at the location y 1 = 0.

Φ i (y i ) =     ϕ i ϕ ′ i E i I i ϕ ′′ i E i I i ϕ ′′′ i    
At the interface between elements 1 and 2, where (y 1 = L 1 ; y 2 = 0), continuity/compatibility is defined by the following relation:

Φ 1 (L 1 ) α 1 = Φ 2 (0)α 2 (9.15)
from which α 2 can be obtained through matrix inversion as follows:

α 2 = Φ 2 (0) -1 Φ 1 (L 1 ) α 1 (9.16)
The product Φ 2 (0) -1 Φ 1 (L 1 ) results in a 4 × 2 matrix, here denominated P 2 :

P 2 = Φ 2 (0) -1 Φ 1 (L 1 ) (9.17)
This procedure is repeated for each beam interface by using the generalized form of Eq. 9.17:

P i = N -1 i=1 Φ N -i+1 (0) -1 Φ N -i (L N -i ) (9.18)
To determine α i for each remaining element in terms of α 1 , the following equation, which is analogous to Eq. 9.16, is applied:

α i = P i α i (9.19)
The term P i derived from Eq. 9.18, can be partitioned into 4 × 1 vectors T i and V i :

P i = T i V i (9.20) 
which are later used to calculate the mode shapes associated to each beam element.

The final step of the procedure requires boundary conditions to be applied at the extremity of the last beam element i = N . Assuming a concentrated mass M with rotational inertia J and eccentricity e at the assembly's free end, the bending moment and shear force are, respectively, denoted by:

X ′′ N (L N ) -J + M e 2 ω 2 n X ′ N (L N ) -M eω 2 n X N (L N ) = 0 (9.21) X ′′′ N (L N ) + M eω 2 n X ′ N (L N ) + M ω 2 n X N (L N ) = 0 (9.22)
Leading to the characteristic system of equations for the global assembly:

Z (ω n ) α 1 = 0 (9.23)
where Z is a 2 × 2 matrix:

Z (ω n ) = Z 1,1 Z 2,1 Z 2,1 Z 2,2 (9.24) 
composed of the following terms:

Z 1,1 = ϕ ′′ N (L N ) T N -(J + M e 2 )ω 2 n ϕ ′ N (L N ) T N -M e 2 ω 2 n ϕ N (L N ) T N Z 2,1 = ϕ ′′ N (L N ) V N -(J + M e 2 )ω 2 n ϕ ′ N (L N ) V N -M e 2 ω 2 n ϕ N (L N ) V N Z 2,1 = ϕ ′′ N (L N ) T N + M eω 2 n ϕ ′ N (L N ) T N + M ω 2 n ϕ N (L N ) T N Z 2,2 = ϕ ′′ N (L N ) V N + M eω 2 n ϕ ′ N (L N ) V N + M ω 2 n ϕ N (L N ) V N (9.25)
The characteristic equation of the assembly is obtained by setting the determinant of the matrix in Eq. 9.24 to zero:

det[Z (ω n )] = 0 (9.26)
Natural frequencies are then calculated by applying a root-finding algorithm to the resulting transcendental equation.

Mode shapes associated to each beam i and eigenmode n are given by:

X i (y i ) = ϕ i P i α i = a 1 [ϕ i T i -b 1 ϕ i V i ] : 0 ≤ y i ≤ L i (9.27)
where b 1 = -Z 1 /Z 2 is the mechanical impedance of the assembly and a 1 is the modal amplitude coefficient defined by normalizing orthogonal modes according to:

a 2 1 N i=1 L i 0 ρ i A i [X i (y i )] 2 dy i + M [X N (L N )] 2 + J[X ′ N (L N )] 2 = 1 (9.28)
The presented method was implemented as a numerical algorithm in Matlab. The builtin fzero root-finding algorithm was used to obtain natural frequencies. The developed code was validated and adapted for the modal analysis of OWT structures. This process is discussed in the following sections.

Preliminary validation

To ensure the reliability of their methodology, Stanton & Mann [155] compared results of the developed TMM procedure to results obtained experimentally via modal hammer impact tests for a three-beam assembly. These results were also employed in the current study to validate the implemented TMM Matlab code for the present methodology.

Additionally, an FEM modal analysis of the test specimen was conducted using a beam finite element model in LS-DYNA's implicit solver (20 Hughes-Liu beam elements [START_REF] Hallquist | DYNA Theory Manual[END_REF] were used for each section of the test specimen). It served as a secondary validation reference, as well as an accuracy comparative between the proposed approach and FEM. The test specimen consisted of a machined solid 2024 aluminum rod with circular sections of different dimensions, as illustrated in Fig. 9.2. To simulate a free-free boundary condition, the specimen was suspended from a taut thread. An accelerometer weighing 1.8g was placed at the extremity of the smaller section. The material had a density of approximately 2800kg/m 3 and a modulus of elasticity of 73.1GPa. For more details on the experimental setup, please refer to Stanton & Mann [155]. Table 9.1 summarizes natural frequencies of the first four modes obtained from the reference and the current study. Results acquired using the TMM method in both studies were found to match exactly, confirming the correct implementation of the code. Overall, calculated results align well with experimental measurements. A maximum discrepancy of 2.5% and 2.6% for mode 4 was achieved with the TMM and FEM approaches, respectively. However, it should be noted that the discrepancy appears to increase as the mode number increases. This trend was expected for the FEM results due to the method's tendency to produce stiffer models that are less sensitive to higher modes. As for the TMM method, some deviation was anticipated due to the presence of shear and rotary inertia, which are neglected in the underlying Euler-Bernoulli theory. Experimental uncertainties may have also contributed to the observed discrepancies, although they were not discussed in Stanton & Mann [155]. Despite this, the excellent agreement between the calculated and experimental results indicates that the method has been successfully validated for eigenfrequency calculations.

Lastly, a comparison of mode shapes acquired experimentally and calculated using each of the employed methods is presented in Fig. 9.3. In general, the TMM method is capable of accurately predicting the mode shapes, matching closely both experimental and FEM results. 

Impact response: analytical derivation

Once the modal analysis procedure described in the previous section is completed, and eigenfrequencies and eigenmodes become available, the dynamic response of the structure to an arbitrary transient force can be assessed using a modal superposition approach.

The transient response of an arbitrary structure to an external force is governed by the following equation of motion [START_REF] Géradin | Mechanical vibrations: theory and application to structural dynamics[END_REF]: M ü(y, t) + C u(y, t) + Ku(y, t) = F (t) (9.29) where M , C and K are respectively mass, damping and stiffness matrices of the structure, and F (t) is the applied external force over time.

Owing to the orthogonality between eigenmodes, one can substitute Eq. 9.2 into Eq. 9.29 and pre-multiply it by the eigenvectors, which yields:

X n M X T n qn + X n CX T n qn + X n KX T n q n = X T n F (9.30)
where X n is the eigenvector of the complete beam assembly obtained according to Eq. 9.27 and q n is the vector of generalized displacements.

The mass normalization of eigenvectors (Eq. 9.28) conveniently allows us to avoid dealing with matrices M , C and K. The associated terms in Eq. 9.30 then become, respectively:

X n M X T n = 1 X n CX T n = 2ξω n X n KX T n = ω 2 n (9.31)
Substituting these terms in Eq. 9.30 yields a set of n uncoupled normal equations:

qn + 2ξ n qn + ω 2 n q n = X T n F (t) (9.32) where ξ n is the critical damping ratio for mode n, which is assumed to be constant for all modes in the present method.

Assuming a transient force of the form:

F (t) = F f (t) (9.33)
where the term F is the maximum force amplitude and f (t) is a time-variation law.

For a system initially at rest that is subjected to an impulse, the solution to Eq. 9.32 is expressed in terms of Duhamel's integral [START_REF] Meirovitch | Fundamentals of vibrations[END_REF] as: (9.34) where τ is the instantaneous impulse application time and h(t-τ ) is the impulse response function, understood physically as the dynamic response of the system at time t to a unit change of velocity at time τ [START_REF] Géradin | Mechanical vibrations: theory and application to structural dynamics[END_REF]. In the present case, it is denoted by:

q n (t) = X T n F ω d n t 0 f (τ )h(t -τ )dτ
h(t -τ ) = e -ξωn(t-τ ) sin [ω n (t -τ )] (9.35)
The term ω d n in Eqs. 9.34 and 9.35 is the damped natural frequency, defined as:

ω d n = 1 -ξ 2 (9.36)
Finally, by solving the convolution integral in Eq. 9.34 for each mode and calculating Eq. 9.2, displacements over time for a given transient impact force can be obtained. Resultant velocities and accelerations are readily available, respectively, as u and ü.

Application to a real monopile OWT

In this section, the proposed RNA kinematics assessment framework is applied to a real monopile offshore wind turbine, specifically the baseline NREL 5MW OWT, previously discussed in Chapter 6. The main goal is to evaluate the suitability of the method for the modal analysis of real OWTs.

The first step consists in modelling the OWT according to the general arrangement encompassed by the TMM modal analysis method: as a beam assembly composed of a small number of elements, fixed at the base, and carrying a concentrated mass at the topside to represent the RNA. There are, however, a few considerations regarding this idealization that should be highlighted:

• An optimal scenario in terms of computational cost would require each component of the structure (i.e., monopile, transition piece and tower) to be modelled using a single element. However, the tower is tapered, with a decreasing diameter and thickness from the base up to the topside. Given that this characteristic may greatly affect the structure's dynamic behavior, it is important to adapt the model in order to include this feature.

• Assuming that the monopile is fixed at its base can lead to less conservative results, as demonstrated in Chapter 6. Thus, accurately modelling the soil-stiffness at the base of the monopile element can greatly improve the reliability of the method.

• The submerged section of the monopile is subjected to hydrodynamic effects (i.e., water added mass, radiation damping, vortex shedding and turbulence), which may be significant depending on the depth of the water column.

Additionally, it should be mentioned that as OWT supports are very slender, the effects of shear and rotary inertia can, in principle, be safely neglected. This assumption enables the use of Euler-Bernoulli beam elements. Lastly, although the flexibility of the wind turbine blades may significantly influence the dynamic behavior of the structure, idealizing the RNA as a concentrated mass is a commonly used approach that is suitable for simplified methods such as the one presented here [START_REF] Arany | Design of monopiles for offshore wind turbines in 10 steps[END_REF]141].

These topics and the manner in which they were approached in the present methodology are discussed in the next sections.

Tower modelling

As mentioned above, the OWT's tower has a tapered cross-section with varying diameter and thickness from the base up to the topside. However, the proposed methodology primarily relies on constant cross-section beam elements. Therefore, to enable an accurate modelling of the tower, three different approaches may be applied within the present methodology:

1. Piecewise Constant (PC) cross-section elements: in this approach, the tower is divided into multiple sections with constant cross-sections, and each section is mod-elled with a different element. The diameters and thicknesses of these sections are determined based on the actual tower geometry. While this approach is expected to effectively capture the behavior of the tapered tower, its accuracy depends on the number of elements used, which in turn reflects on computational cost.

2. Equivalent Constant (EC) cross-section elements: in this approach, a single equivalent constant cross-section element is used to model the entire tapered tower. The equivalent element's diameter and thickness are determined based on the tower's average properties, which are calculated using a suitable method (Arany et al. [142] suggests that the equivalent tower diameter D e should be defined as an average of the top D t and base D b diameters, whereas the equivalent thickness is defined as t e = m t /(πρ t D e L t ), with m t , ρ t and L t being, respectively, the tower mass, material density and length). This method reduces computational cost compared to the piecewise constant approach, but is generally less accurate.

3. Single Tapered (ST) element: another strategy for the modal analysis of slender tapered beams consists in applying Bessel functions in the solution of the underlying Euler-Bernoulli differential equation (Eq. 9.1). This strategy, which has been used in numerous applications (see [206,207]), allows for an exact modelling of the tower section with a single element. However, the advantage in computational cost comes with a drawback: algebraic manipulations of Bessel functions are complex, and their implementation into the developed TMM code would require additional effort.

Therefore, in order to determine the most efficient strategy among the ones presented, a sensitivity analysis was conducted. This involved comparing tower natural frequencies using both the piecewise approach with different discretization degrees and the equivalent cross-section approach to reference values retrieved from the literature. The third approach, using a conical section beam element, was primarily not assessed, as its implementation would be too complex and is beyond the scope of this work.

The study carried out by Bir & Jonkman [195] was selected as a reference, as it provides detailed results on the modal properties of a land-based NREL 5MW wind turbine. This model only included the tapered tower and was assumed to be fixed at the base, which was convenient for this particular assessment. In addition, the studied turbine served as a design basis for the NREL 5MW monopile-supported OWT presented in Jonkman et al. [194] and uses a tower with similar dimensions, albeit slightly taller, which will be later used for the monopile analysis.

Dimensions of the land-based wind turbine are detailed in Fig. 9.4. Properties of the RNA are listed in Table 9.2. Table 9.2: Properties of the RNA [195]. Note that these properties have been presented previously in Table 6.2. Nevertheless, given that the present calculations are restricted to the z-x plane, for the sake of convenience, corresponding properties are listed here. Bir & Jonkman [195] applied BModes in their study, a high-fidelity finite element code for modal analysis of onshore and offshore wind turbines that includes the capability of modelling flexible towers, and rotating or non-rotating blade components. This software enables the calculation of coupled modes and is able to capture Coriolis and centrifugal effects of the rotating blades by applying a special a 15-DOF finite element [208]. The model used by Bir & Jonkman [195] was composed of 50 elements.

Property

Obtained natural frequency results for the first five fore-aft modes obtained with the present method using the equivalent constant and piecewise constant cross-section tower modelling approaches are summarized and compared to the reference in Table 9.3. For the piecewise constant cross-section approach, [START_REF] Scotland | [END_REF][START_REF]Recommended practice for determining design loads for offshore wind turbines Recommended Practice DNVGL-RP-C204[END_REF][START_REF] Bai | Offshore Structures Under Impact Loads[END_REF][START_REF] Zhang | Plastic behavior of circular steel tubes subjected to low-velocity transverse impact[END_REF][START_REF] Masciola | Extending the capabilities of the mooring analysis program: A survey of dynamic mooring line theories for integration into FAST[END_REF], 100 and 200 elements were tested. Calculation time is also provided. Table 9.3: Natural frequencies for the first five fore-aft modes obtained in Bir & Jonkman [195] and with the present method. For the equivalent constant cross-section approach, defined dimensions were: D e = 4.935m and t e = 0.0232m. The current TMM method applying the EC approach, although quite simple and straightforward, is not capable of capturing the natural frequencies of the tower with sufficient accuracy for every mode. Even though the discrepancies for modes 2, 4, and 5 were small, ranging from 1.9% to 3.4%, the values for modes 1 and 3 were quite significant, at 23.0% and 11.9% respectively.

Conversely, the PC approach yields overall good approximations, with discrepancies not exceeding 9%. As the number of elements is increased, accuracy is improved for all calculated modes, except mode 1. For this particular mode, discrepancies increase up to a maximum of 8.1% when using 200 elements. This effect can be explained by the way the RNA is modelled in the current TMM method and in BModes: while in the former, it is represented as a concentrated mass, in the latter, rotor and hub components are explicitly modelled using a combination of rigid beam elements and a punctual mass. As the RNA has an important influence in the turbine's dynamic behavior and, in particular, in its first bending mode, more significant resulting discrepancies are generated. This can be further confirmed by comparing natural frequencies of the tower with no RNA included, as provided in the reference. A maximum discrepancy of 1.3% was found for mode 1. Results are summarized in Table 9.4, presented below: Finally, it should be noted that obtained frequencies for the complete land-based turbine including RNA seem to converge (Table 9.3), suggesting that the resulting maximum discrepancy is likely to remain acceptable at around 8.1%. In terms of computational cost, the presented methodology is extremely efficient, with a running time of less than 20s when using 200 elements. Moreover, model preparation is extremely straightforward, only requiring the input of geometrical and material parameters, which can also be an advantageous. Overall, the TMM approach applying the piecewise constant approach is suitable for modelling tapered wind turbine towers and can be confidently applied in the following developments.

Soil-stiffness modelling

In Section 2.7, different simplified approaches for modelling soil-structure interaction (SSI) in monopile offshore OWTs were discussed. The Effective Fixity approach, chosen for the current study, involves modelling the part of the monopile driven into the soil as an equivalent cantilever beam. Its rigidity and inertia properties can be calibrated to replicate the actual stiffness of the soil-pile system for a particular set of conditions. This approach was selected due to its simplicity. In addition, it aligns well with the modelling principle of the TMM modal analysis framework (i.e., idealizing the OWT as a set of beams). Moreover, its accuracy is expected to be suitable for the proposed applications of this methodology, although it is not a high-fidelity approach.

Fluid-structure interaction modelling

For monopile OWTs, which are typically installed in shallow waters (≤ 30m), the influence of hydrodynamic forces on the system's dynamic response is generally negligible, as demonstrated in Chen & Duffour [163]. Since the submerged part of the structure is closely connected to the seabed, and the water column is relatively small, minimal water displacement occurs. Hence, water added mass effects can be disregarded. In addition, the study's results indicate that, for the current size of offshore wind turbines, viscous and radiation components of hydrodynamic damping are considerably lower than the values commonly reported in the literature. As a result, for all practical purposes, viscous and radiation damping can be safely ignored.

Furthermore, in the event of a collision, hydrodynamic effects are generally not expected to significantly impact the dynamic response of the monopile OWT. This is due to the fact that the period of the governing bending mode of the monopile is much larger than the duration of the impact [START_REF] Zhang | Probability and Mechanics of Ship Collision and Grounding[END_REF]. Thus, the impact duration is much shorter than the natural period of the structure, and the hydrodynamic effects can be considered negligible in such scenarios.

In conclusion, for the particular case study of a fixed-bottom monopile OWT, hydrodynamic effects were not considered. It should be noted, however, that this assumption may not apply for floating turbines of the spar-type, for instance, or fixed turbines installed in deeper waters. In these cases, further analysis is required.

Modal analysis: NREL 5MW Monopile

Given the considerations previously discussed, the TMM approach can be applied to a real OWT; in this case, the NREL 5MW monopile presented in Chapter 6. The analysis will encompass both the fixed model and the SSI model. Results obtained with the current methodology were compared to FEM results calculated in LS-DYNA (modal analysis was carried out on the models described in Chapter 6 using LS-DYNA's implicit solver). These results will later be used for the impact response procedure.

Dimensions of the OWT are summarized in Fig. 9.5. For the SSI model, a process of calibration of the element representing the pile below the mudline was conducted using the TMM method, according to the EF approach for soil-stiffness modelling (dimensions shown in Fig. 9.5b). RNA properties are listed in Table 9.2.

Natural frequencies for the first six fore-aft modes of the fixed base model are presented in Table 9.5. A good agreement is obtained with a maximum discrepancy of 7.4% for mode 4 and a minimum of 1.1% for mode 1. It should be noted that the Belitschko-Tsay shell elements used in the FEM model consider the effects of shear and rotary inertia, which is not taken into account by the TMM model and may have contributed to the level of divergence observed. Furthermore, damping included in the FEM model is also likely to have contributed to the differences. Mode shapes, compared in Fig. 9.6, appear to be in very good accordance for all calculated modes. For the second case, considering SSI, natural frequencies for the first six fore-aft modes are summarized in Table 9.6. As previously mentioned, a preliminary calibration of the TMM equivalent pile stiffness was performed in an attempt to approximate the modal characteristics of the FEM model. This process ensured a good correlation of natural frequencies and mode shapes between the two methods. It is important to mention, however, that adjusting the properties of the pile to approximate simultaneously for all calculated modes proved rather difficult. Therefore, when performing the calibration process, a focus on the governing modes is advised. Nevertheless, obtained results were overall in good agreement, presenting a maximum discrepancy of 7.1% for mode 3 and a minimum of 0.6% for mode 5. The mode shapes shown in Fig. 9.7 exhibit more significant discrepancies compared to the previous case, especially for higher modes, which can be attributed to the use of different SSI modeling approaches. While the TMM method with an equivalent beam pile (EF approach) accounted not only for the soil stiffness, but also for the inertial properties of the pile, the FEM model with equivalent springs only included soil stiffness. As a result, the latter yields a slightly more compliant structure than the former. Nevertheless, despite the observed differences, the mode shapes present a similar profile and are suitable for use in subsequent dynamic response assessments. It is also worth noting that for a more realistic FEM analysis, a high-fidelity SSI method such as the DS approach or a soil finite element mesh using special geomaterials should be employed. However, the objective of this study was not to achieve the highest level of accuracy, but rather to provide reasonable results for collision response. In that regard, if required, the EF approach offers an advantage in that it can be tuned in accordance with a high-fidelity SSI model. In conclusion, the TMM modal analysis methodology provides a simplified and accurate way of calculating the modal properties of an OWT. It has been successfully validated for the NREL 5MW monopile, for which natural frequencies and mode shapes were obtained and can be used as input for the second step of the RNA kinematics assessment framework. This is discussed in the following sections.

Impact response: NREL 5MW Monopile

This section applies the impact response procedure to the case study introduced in Chapter 6, which involves a 6000-ton OSV colliding against the NREL 5MW monopile OWT. The collision forces obtained from the numerical simulations serve as input for this step in the RNA kinematics assessment framework. To validate the method, RNA acceleration results are compared with those presented in Chapter 6 obtained in the numerical study.

Fixed base

The RNA acceleration time-history for the fixed base model is presented in Fig. 9.8, where results obtained both in LS-DYNA and using the current RNA kinematics assessment method are compared. A very good correlation is observed between the two methods, and the general profile of the curves match well. The present methodology slightly underestimates the maximum acceleration value predicted in LS-DYNA (1.43m/s 2 and 1.51m/s 2 respectively), but the discrepancy is rather low at around 5%. A gradual period increase is observed in LS-DYNA's curve, in particular after t ≈ 5s, when it noticeably starts to deviate with respect to the present method's curve. According to LS-DYNA's User's Manual [START_REF] Hallquist | DYNA Theory Manual[END_REF], the damping method underlying the used card Damping Frequency Range1 can reduce the dynamic stiffness of the model, especially at low frequencies. In an attempt to minimize this effect, adjustments were made to the elastic modulus of the structure in LS-DYNA, but the divergence still persisted. Furthermore, as previously explained, the current methodology assumes a constant damping ratio for all modes, which may have also contributed to this behavior difference. Despite that, this effect is quite limited and can be neglected for this case.

It is possible to observe that the response is mostly dominated by the first and third bending modes, which is clearly demonstrated in the frequency spectrum graph obtained by applying a Fast Fourier Transform to the acceleration results (Fig. 9.9). Nevertheless, it appears that all modes up to mode 6 have an appreciable influence on the response. In fact, for this particular dynamic response, around 90% of the structure's total modal mass is represented by these modes (confirmed both in LS-DYNA and applying Eq. 9.28). Regardless, in order to ensure good accuracy to the results produced by the RNA kinematics assessment method, ten modes were included in the calculation. Finally, the methodology that was presented seems to offer a reliable way to estimate the dynamic response of an OWT to a ship collision, specifically for a fixed base model. Although it slightly underestimated the maximum acceleration, the difference was still acceptable.

SSI model

For the SSI model simulation, RNA acceleration time-history plots are provided in Fig. 9.10. In this case, the overall profile of the curves present a more noticeable divergence. As previously discussed, different SSI modelling strategies were used in both models, and this clearly had an important influence on the final response. Despite that, acceleration amplitudes are generally in accordance. Moreover, maximum RNA accelerations approximate well at 3.62m/s 2 and 3.64m/s 2 respectively for the FEM simulations and the presented method, an underestimation of just 0.5%. It appears that the response calculated via the RNA kinematics assessment methodology has an important contribution of higher modes (as seen from the high-frequency oscillations that occur), whereas the LS-DYNA model with equivalent springs is largely governed by the additional mode associated to the springs. This becomes evident from the frequency spectrum plot presented in Fig. 9.11a, where a clear peak is observed at the frequency of 1.1Hz. For the present method, the response is more distributed between the first 6 modes, in particular modes 1, 2, 3 and 5. Overall, while the response was not exactly matched, maximum acceleration amplitudes were accurately estimated. Results greatly depend on how SSI is modelled. In that respect, the present method can be advantageous as it allows for a certain degree of calibration of the pile model. However, further validations against more realistic FEM simulations using high-fidelity SSI modelling approaches are necessary to assess the degree of reliability that the method provides.

Conclusion

A two-step framework to assess the dynamic response of a monopile OWT subjected to a ship impact was presented. Particular focus is placed on calculating RNA kinematics, more specifically the acceleration at the turbine's topside. The first step of the framework is concerned with a preliminary modal analysis of the structure. It idealizes the OWT as a set of constant Euler-Bernoulli beams with different geometrical and material properties, from which natural frequencies and mode shapes are obtained via exact solutions and a concise Transfer Matrix Method. In the second step, obtained modal properties are used as input in the assessment of the OWT's impact response. The procedure is based on a modal superposition technique and requires a pre-calculated collision force curve.

The present method's assumptions for its applicability to real offshore OWTs were discussed. A major concern revolved around the fact that OWT towers are typically tapered, and this characteristic has a significant effect on the structure's modal properties. It was shown that by using a piecewise constant cross-section discretization approach (i.e., several gradually decreasing constant cross-section beam elements are used to reproduce the tapered tower), a realistic tower can be accurately modelled with no significant increase in computational cost. For future developments, applying a single tapered element described using Bessel functions, for instance, could be beneficial in terms of calculation cost. Soil-structure interaction and fluid-structure interaction were also discussed.

Lastly, the method was applied to a real OWT, specifically the baseline NREL 5MW monopile [194]. Two cases were observed: when the OWT is assumed to be fixed at the base and when soil-stiffness is considered. The present methodology was capable of capturing natural frequencies with a very good accuracy in both cases, with a maximum discrepancy of less than 8%. Mode shapes, however, were less accurate when SSI was taken into account. Different modelling approaches were used in the present method and in LS-DYNA, and this resulted in a clear divergence in mode shapes.

For the impact response, collision forces obtained with the numerical simulations presented in Chapter 6 were applied in the presented method and resulting accelerations were compared. In the case of a fixed base monopile an excellent agreement was obtained, both in terms of RNA acceleration time-histories and maximum acceleration amplitudes. In the case of the SSI model, responses estimated via FEM and the present method exhibited poorer correlation. Despite that, maximum acceleration amplitudes were captured with good accuracy in both cases, with a discrepancy of less than 5%.

It is worth noting that further numerical simulations applying more realistic SSI modelling techniques could provide a better validation reference for the present methodology. This was, however, out of scope for the present thesis. Furthermore, the SSI modelling approach utilized in the present methodology offers a certain degree of calibration that can theoretically be adjusted and serve as way to improve results.

In conclusion, the proposed model has the capability of capturing the overall dynamic response of the structure with a reasonable degree of precision, fulfilling the stipulated objective for its designed purposes in preliminary analyses. Further developments, such as the implementation of a single tapered tower element, are possible and can improve the method.

Chapter 10

Summary, contributions and perspectives

Summary of the research

The offshore wind energy industry is experiencing rapid growth as the world moves to decarbonize energy production. However, this expansion presents a significant challenge for maritime safety due to the increased risk of collisions between OWTs and ships, either passing by or actively approaching during maintenance operations.

In order to ensure the crashworthiness of these structures, engineers commonly use NLFEA, which allows for an accurate modelling of the complex phenomena involved in ship-OWT collision events (e.g., large deformations, plasticity, hydrodynamic effects, soilstructure interaction and mooring dynamics). Although reliable and accurate, NLFEA can be computationally expensive, and thus impractical for applications that require simulating numerous collision scenarios such as pre-project risk assessments, probabilistic damaged stability analyses, and structural optimization routines. In these situations, simplified approaches that strike a balance between accuracy and computational cost are a practical solution. Currently, simplified methods exist for OWT jacket foundations and fixed monopiles, the latter of which addresses only high-energy impacts where plastic deformation dominates and elastic mechanisms can be ignored.

Therefore, this thesis aims to develop simplified methodologies for assessing the ship collision response of standalone offshore wind turbines, such as monopile supports and spar floaters, that include elastic contributions and can address both low and high-energy impacts. The research was conducted in the context of the ColFOWT (Collision against Floating Offshore Wind Turbines) project, which aims to develop a comprehensive rapid assessment tool for ship-OWT collisions. The tool will integrate simplified approaches to predict the multi-mechanism energy transfer process that takes place during a collision event, including local and global deformation mechanisms, hydrodynamic effects, and mooring dynamic response.

The first part of this manuscript, dedicated to the context and physics of ship-OWT collisions, establishes the theoretical basis for this research. It was divided in three chapters. An introduction to the context of this research with a description of its main objectives and scope was presented in Chapter 1. In Chapter 2, a discussion on the main physical phenomena that compose a ship-OWT collision event was provided. It includes an overview on the external dynamics and internal mechanics aspects of the process, coupling approaches, material modelling, soil-structure and fluid-structure interactions, and mooring dynamics. Chapter 3 presented a synthetic state of the art on methodologies that are applied to general ship collision analysis, with a particular focus on simplified methods. In addition, coupling methodologies were also discussed.

The second part of the manuscript presented a detailed description of the numerical studies that were carried out in this research. These simulations served as a reference to validate the simplified methodologies developed in the second part of this work. In Chapter 4, the experimental impact test on offshore tubular member specimens conducted by Cerik et al. [112] was reproduced numerically. This procedure served as a preliminary calibration for the numerical simulations that were subsequently performed in the scope of this thesis. The validity of aspects such as applied material models and finite element meshes were assessed.

In Chapter 5, a campaign of numerical impact simulations for standalone tubular OWT supports was carried out. These simulations were aimed at reproducing a typical rightangle ship collision against an OWT support, which was idealized as a constant crosssection cantilever tube with a tip mass. An assessment of typical dimensions of monopile and spar supports for OWTs within a range of 5 to 15MW was performed. In total, seven specimens were tested with two defined impact velocities and impact locations. Results were used to identify the main deformation modes that compose the response, confirming the presence of three main deformation mechanisms: (i) local elastic denting at the impact point, (ii) local plastic denting combined with global beam-like elastic bending, and (iii) plastic buckling at the base of the structure.

Chapter 6 presents a real ship-OWT collision case study, specifically an impact involving a 6000-ton OSV approaching the NREL 5MW baseline monopile offshore wind turbine [194] at a low speed. Results for the contact force, energy balance time-histories, and the dynamic response of the RNA (i.e., acceleration over time) were obtained and used to validate the proposed methodology for the RNA kinematics assessment (presented in Chapter 9). This study also confirmed the importance of considering SSI for such collision scenarios. By neglecting this aspect, the maximum RNA acceleration was underestimated by as much as 85%. Furthermore, even at very low speed (1m/s), an OSV impact can result in acceleration levels that exceed the safety limit of 0.2g. In Chapter 7, an assessment of the LS-DYNA/MCOL energy balance issue was carried out. Preliminary simulations of a ship-FOWT collision performed by Echeverry [START_REF] Echeverry | Numerical and analytical study of a spar-like floating offshore wind turbine impacted by a ship[END_REF] using LS-DYNA's NLFE solver in conjunction with the rigid body code MCOL presented an incorrect energy balance, where the total energy did not equal the initial kinetic energy of the system. As these simulations will be further used as a reference to validate the ColFOWT tool, it was of utmost importance to understand the source of this inconsistency and ensure the reliability of the model. Therefore, an assessment was conducted in this thesis using simplified LS-DYNA/MCOL numerical impact simulations. It was found that the kinetic energy associated to the relative velocity (with respect to the CoG of the structure) of the nodes that undergo deformation in the structure is not accounted for by MCOL. In some cases, as for instance, in ship-spar FOWT collisions, this energy contribution can be significant. Moreover, the underlying theory for wave radiation damping was not implemented correctly in LS-DYNA for versions prior R13. The issue was investigated in collaboration with developers at LSTC (Ansys, Inc.) and corrected for the latest versions.

The third and last part of the manuscript is separated into two chapters. Chapter 8 describes in detail the simplified methodology that was developed in this thesis to calculate the quasi-static elasto-plastic impact response of a standalone OWT support, including the three governing phases that were identified in Chapter 5.

The method consists of a comprehensive time-stepping algorithm that integrates theoretical formulations for each of the phases. The OWT support is idealized as cantilever tubes with a constant cross-section and a tip mass placed at its top extremity to represent the RNA. The developed algorithm was then implemented as a Matlab-based structural solver capable of estimating force-penetration and energy balance time-history curve for impacts at mid-length and at quarter-length.

Devising a way to estimate the combined action of local plastic denting and global elastic bending constituted the main challenge in this development, which was overcome with the following strategy: reduction coefficients, derived with respect to the tube's wall plastic capacity, are applied to account for the resistance loss induced on each mechanism by the participation of their counterpart on the overall resistance. These coefficients depend on the impact location. For mid-length impacts, global elastic bending was found to contribute less to the energy absorption compared to local plastic denting, and was ultimately neglected. In the case of quarter-length impacts, for which the contribution of the beam-like bending mode is more pronounced, the overall resistance of the OWT was assumed to be equally distributed between local plastic denting and global elastic bending.

The code was validated against results obtained for the numerical simulations presented in Chapter 5. It was shown to accurately predict the structure's impact response in terms of energy balance and force-penetration curves. Discrepancies of no more than 10% for maximum penetration values were obtained between the present method and numerical results, with the former being generally conservative. It also presented a considerable advantage in terms of computation time running in a few seconds as opposed to few hours for the LS-DYNA simulations. Nevertheless, it should be noted that the methodology tends to be overly conservative for stockier tubes subjected to mid-length impacts, where global elastic bending seems to have a more significant contribution that cannot be neglected. Moreover, the method is limited to ship bow impacts. For side and stern impacts, the deformation patterns of the struck OWT would not be the same, and therefore, the analytical formulas considered for phases 1 and 2 would need to be adapted.

In Chapter 9, a simplified methodology to assess the global elastic dynamic response of the OWT to an impact force was developed. A particular focus was placed on obtaining the RNA acceleration. This method is based on a two-step framework whereby the structure is idealized as a set of Euler-Bernoulli beam elements with a tip mass to represent the RNA. First, a transfer matrix method is used to assemble the complete structure and to calculate its modal properties. Once natural frequencies and mode shapes are available, the second step of the procedure consists in applying a modal superposition technique to calculate the response to a pre-calculated collision force.

The first part of the method was validated against numerical and experimental results. It showed good accuracy in estimating modal properties for multiple-beam assemblies, while also being very efficient computationally. A discussion on its application for real OWT structures was also provided with remarks on tapered tower, SSI and FSI modelling approaches using the present methodology. Excellent results were obtained for a fixed base OWT model, both in terms of modal properties and dynamic response. On the other hand, when SSI is considered, more significant discrepancies are observed, specially regarding mode shapes. This ultimately affected the quality of calculated dynamic response results. However, in both cases, calculated maximum acceleration values still remained within a reasonable accuracy, with discrepancies lower than 5%. Moreover, as different modelling approaches for the soil flexibility were utilized in the present and numerical calculations, further investigations are required for a more conclusive analysis.

Overall, the presented method is capable of a good approximation of an OWT's modal characteristics and provides a reasonable estimate of its dynamic response to given ship impact. Additional improvements are possible (e.g, implementation of a single conical tower element) and could enhance its applicability and reliability.

Personal contributions

The main purpose of this PhD thesis was to develop a reliable and fast structural solver to assess the resistance of standalone tubular OWT supports to ship impacts. Main personal contributions are detailed below:

• A campaign of numerical impact simulations considering a series of tubular members based on typical OWT support dimensions was performed. This analysis provided a detailed reference to comprehend the impact behavior of such structures, enabling the identification of the main involved deformation mechanisms: (i) local elastic denting, (ii) combined local plastic denting and global elastic bending, and (iii) buckling at the base. As far as the author is concerned, an extensive study on the impact of tubes with such dimensions and boundary conditions (cantilever) had not yet been conducted.

• A time-stepping structural solver based on existing theoretical formulations for each of the observed deformation mechanisms was developed. The applied quasi-static elasto-plastic methodology is capable of a very good accuracy for impacts at quarterlength and mid-length (corresponding to typical impact locations on monopiles and spar-type floaters respectively), providing force penetration curves and energy balance time-history plots.

• The developed elasto-plastic method constitutes an improvement on the approach presented by Echeverry [START_REF] Echeverry | Numerical and analytical study of a spar-like floating offshore wind turbine impacted by a ship[END_REF]. By including the elastic mechanisms that compose the response, not only more accurate results were possible, but estimation for both high and low-energy impacts were enabled.

• A calculation strategy was devised to model the interaction between local plastic denting and global elastic bending in phase 2 of the OWT's response. This innovative approach was one of the main challenges in the development of the structural solver. Moreover, formulations for this particular combined mechanism were not yet available in the literature.

• A simplified method to assess the dynamic global elastic response of an OWT to a ship impact was developed (RNA kinematics assessment). The method provides a simple and rapid calculation procedure to retrieve the structure's modal properties and RNA acceleration to a given collision force. It is intended as a complementary module to the elasto-plastic structural solver.

• A thorough analysis of the applicability of the transfer matrix method on the assessment of real OWT modal properties was carried out. Considerations on tower tapering, SSI and hydrodynamic effects were presented.

• A detailed case study of a collision involving a 6000-ton OSV colliding against the baseline NREL 5MW monopile OWT [194] was presented. Particular focus was placed on RNA kinematics, with special attention to acceleration levels. The importance of considering SSI for this type of OWT foundation is confirmed. This case study also served as a validation reference for the RNA kinematics methodology.

• An assessment of the LS-DYNA/MCOL energy balance issue primarily observed by Echeverry [START_REF] Echeverry | Numerical and analytical study of a spar-like floating offshore wind turbine impacted by a ship[END_REF] was carried out. The aim was to investigate the source of this inconsistency, ensuring the reliability of MCOL for further application on FOWT.

The LS-DYNA/MCOL package will serve as a main validation reference for the final ColFOWT tool, and guaranteeing its accuracy was critical.

• A comprehensive review on methodologies to assess the structural response of offshore wind turbines subjected to ship impacts was conducted. The outcome of this work has been published (see Ladeira et al. [209]).

Publications: • Currently, the structural solver is limited to impacts with a rigid bow-shaped striker.

The possibility of considering a deformable striking ship and other types of collisions (e.g. side and stern impacts) would widen its applicability. Analytical methodologies, such as the one proposed by De Oliveira & Wierzbicki [START_REF] De Oliveira | Crushing analysis of rotationally symmetric plastic shells[END_REF] for the rigid-plastic crushing of a hemisphere, could be applied to model the force-displacement relationship of a deformable bow, for example.

• A more general approach to simulate Phase 2 is desirable. Despite its validated capabilities, being able to (i) define arbitrary impact positions (not limited to midlength and quarter-length or to head-on impacts) and (ii) simulate multiple impacts (as observed in 5m/s mid-length impact scenarios) would considerably expand the methodology's versatility.

• For mid-length impacts on stockier tubes, assuming that global elastic bending was negligible leads to overly conservative penetration results. This limitation could be overcome with a more comprehensive strategy for modelling the combined modes' interaction in mid-length impacts that would consider this mechanism instead. This requires additional research.

• The elasto-plastic structural solver assumes a constant cross-section for the complete structure. However, sub-diving the structure according to its actual dimensions and associating these parameters to the specific location where each of the governing mechanisms occurs would be a more realistic approach.

• The influence of the compressive load generated by the RNA on the overall deformation behavior of the OWT support was primarily neglected. However, this effect may influence the response both from a quasi-static and from a dynamic perspective, and needs to be further investigated.

• The RNA kinematics assessment methodology requires a more detailed validation campaign, including numerical simulations with more realistic SSI modelling approaches.

• The development of a conical tower beam element applying solutions based on Bessel functions would enable the use of a single element for the tower component and further enhance the method's efficiency.

• The RNA kinematics assessment method can theoretically be applied to a spar-type OWT with a few modifications, for instance, regarding hydrodynamic effects. This application needs to be examined. 

B.3 Local elastic denting

The assumption used for this analytical model comes from the work of Gresnigt & Karamanos [200]. Their analytical model was adapted from the derivations of Ting & Yuan [199], which were based on the idealization of a cylindrical shell that is subjected to diametrically opposite concentrated loads. However, the case study by Gresnigt & Karamanos [200] concerned a laterally supported tube, where one load was concentrated and the other was an equivalent-distributed load applied to the whole extent along the surface immediately opposite to the contact. Therefore, the initial idealization needed to be adapted (see Fig. B.4). Since the supported side does not undergo any local displacement, for the same concentrated force (in the present thesis F 1 would be the impact force), the local displacement at the impact side has to be doubled in order to account for this lack of deformation on the opposite "surface". This can also be explained in terms of elastic deformation energy. The used closed form expression (Eq. 8.4) applies to the situation depicted in Fig. B.4a. By assuming the loading condition illustrated in Fig. B.4b, the displacement w 1 (0, 0) needs to be doubled so that elastic deformation energy that corresponds to the mechanism in Fig. B.4a is maintained. It should be noted that for the current application, the actual boundary condition is exactly like the ones presented here and is, in fact, much more complex. Nevertheless, the applied model seems to provide a good approximation, as demonstrated in Chapter 9.

B.4 Local plastic denting

Detailed derivations for the local plastic denting mechanism adapted from Buldgen et al. [127] are provided in the following sections. Note that in Fig. 8.2a presented in Chapter 8, the tube was displayed in the horizontal position, following the orientation used for the numerical impact simulations performed in this thesis. For the derivations presented in this appendix, the positioning presented in Buldgen et al. [127] has been applied. This alteration only reflects in the way the reference coordinates system is set. Also note that the relative size of the tube and the stem are not realistic in this figure, which has been defined in this manner for a better visualization.

According to Fig. B.5, the uppermost deck of the ship stem is idealized as a parabola described by its two radii p and q, as well as its center S, which is considered as the origin of the local coordinate system (x S , y S , z S ). The stem and side angles are referred to as ϕ b and ψ b , respectively, while the vertical distance between the lowest and the considered decks is denoted as h b . Using these notations, the equation of the curve P that results from the intersection of the ship's front and a horizontal plane at z s can be expressed as follows:

P ≡ x 2 s (q -z s cot ϕ b ) 2 + y 2 s (p -z s cot ψ b ) 2 = 1 ; -h b ≤ z s ≤ 0 (B.1)
In addition, the cylinder geometry is described by its radius R, its thickness t, its length L and its inclination angle ζ with respect to the horizontal plane (X, Y ), as depicted in Fig. B.5. The curve C that defines the tube's cross-section is given as:

C ≡ x 2 R 2 + y 2 R 2 = 1 (B.2)
By tracking the point S, it is possible to define the trajectory of the ship's front in the reference frame (X, Y, Z). The vessel is assumed to move along an oblique straight line ℓ that intersects the plane (Y, Z) at a point Y P and makes an angle α with the horizontal X axis. The values of Y P and α are enough to determine the location of a point S along X and Y axes. However, the position of the point S along the vertical Z axis is not known and is simply referred to as Z S . Therefore, the three parameters (α, Y P , Z S ) are necessary to fully define the relative position of the ship's front in relation to the tube.

The collision configuration illustrated in Fig. B.5 shows that the cylinder is first impacted by the uppermost deck. The impact kinematics is therefore analyzed in the horizontal plane located at Z = Z S (or z s = 0). In the present case, the resulting force that corresponds to the local plastic indentation mechanism is assumed to originate from a punctual load. Therefore, parameters p and h b are assumed to approximate zero (not exactly zero for p as this would result in a mathematical inconsistency in Eq. B.1), while ψ b and ϕ b equal π/2. Furthermore, as the tube is considered to be vertical and the impactor strikes it head-on, ζ = π/2 and α = 0. In any case, the derivations presented here follow the generalized case from Buldgen et al. For a given value of δ, the section of the cylinder is crushed by an amount a(δ) = AI ≤ δ. The crushing distance a(δ) is found by calculating the intersection A between the current position of the stem P(δ) and the straight line OI relating the origin O to the initial contact point I.

The coordinates (x A , y A ) of point A are the particular values for which the two equations in Eq. B.4 are simultaneously satisfied, so x A is given by:

x A = q 2 x S -p 2 (δ -y S ) cot β -pq sgn (x S ) q 2 + p 2 cot 2 β -(x S cot β + δ -y S ) 2 q 2 + p 2 cot 2 β (B.5) which may be used to calculate a(δ) = |(x I -x A ) / sin β|.

As soon as the crushing distance is known, the next step consists in imagining a realistic deformation pattern for the cylinder cross-section. To do so, let us consider the straight line d that is tangent to P, as depicted in Let us start by considering the straight line ED perpendicular to BC and such that BD = CD. In fact, ED is the bisection of BC and E is located at the intersection of the initial cylinder cross-section C (Fig. B.7b). By imposing a symmetry condition with respect to ED, we can simply analyze the upper half EF BD of the deforming cross-section, which may be split into three different portions:

• The circular arc C 1 ≡ EF , characterized by its radius R 1 and its center O 1 . For a given value of δ, the current opening of C 1 is equal to π -ψ.

• The circular C 2 ≡ BF , characterized by its radius R 2 and its center O 2 . For a given value of δ, the current opening of C 1 is equal to ψ.

• The straight segment BD having the same inclination γ as the tangent line d and characterized by a total length equal to (R 1 -R 2 ) sin ψ.

Considering such a deformation pattern requires the calculation of R 1 , R 2 and ψ for defining correctly the deformed cross-section. To do so, we can start by deriving the coordinates (x B , y B ) of point B. From Fig. B.7b, it can be shown that:

x B = (R 1 -R) cos γ + (R 1 -R 2 ) cos(γ + ψ) y B = (R 1 + R 2 -R) cos γ + (R 1 -R 2 ) + (R 1 -R 2 ) cos(γ + ψ) (B.7)

B.4.2 Displacement field

The goal of this section is to define the displacement field associated with the deformation pattern of the tube's cross-section (ring), as reproduced in As the mathematical derivation of w(θ, δ) is particularly fastidious and has been extensively covered [122,213,214], it will not be presented here. The velocity field ẇ(θ, δ) can be obtained by taking the time derivative of Eq. B.14.

Resumé substantiel des travaux

Présentation du contexte L'industrie de l'énergie éolienne offshore connaît une croissance rapide alors que le monde se dirige vers la décarbonisation de la production d'énergie. Cependant, cette expansion présente un défi considérable pour la sécurité maritime en raison du risque accru de collisions entre des plateformes éoliennes offshores et des navires passant à proximité des champs éoliens ou lors des opérations d'installation ou de maintenance.

Afin d'assurer la résistance aux chocs de ces structures, les ingénieurs utilisent couramment le calcul non linéaire par éléments finis, qui permet une modélisation précise des phénomènes complexes rencontrés dans des collisions entre un navire et une éolienne offshore : grandes déformations, plasticité, chargements hydrodynamiques, interaction solstructure et dynamique des systèmes d'ancrage. Cependant, le calcul non linéaire par éléments finis, basé sur des schémas d'intégration explicites, peut être coûteux en temps de calcul, et donc peu pratique pour les applications qui demandent de simuler de nombreux scénarios de collision : analyses de risque, études d'avant-projet, analyses de stabilité après endommagement, optimisation structurelle. Dans ces situations, des approches simplifiées qui allient précision suffisante et coût de calcul faible trouvent tout leur bénéfice. À ce jour, des méthodes simplifiées ont été développées pour analyser des impacts de navires contre des éoliennes offshores supportées par des fondations de type jacket et monopieu. Pour les supports de type monopieu, ces méthodes, basées sur l'analyse limite plastique, ne permettent de traiter que des impacts à haute énergie, pour lesquels la déformation plastique domine, ce qui permet de négliger les mécanismes élastiques.

Dans ce cadre, la présente thèse vise à développer des méthodes simplifiées pour évaluer la réponse d'éoliennes offshores à supports tubulaires, telles que les monopieux et les flotteurs de type spar, à l'impact de navires, en incluant les déformations élastiques afin de traiter des impacts à faible et à hautes énergies. Les travaux de recherche présentés ont été menés dans le cadre du projet ColFOWT (Collision against Floating Offshore Wind Turbines), dont le but est d'obtenir à terme un outil complet d'évaluation rapide des collisions entre navires et éoliennes offshores flottantes. L'outil intégrera des approches simplifiées pour prédire le processus de transfert d'énergie multi-mécanismes se produisant lors d'une collision, y compris les mécanismes de déformations locale et globale, les chargements hydrodynamiques et la réponse dynamique des lignes d'ancrage.

Contexte, théorie et état de l'art

Le premier volet de ce manuscrit, consacré au contexte et à la physique des collisions entre navires et éoliennes en mer, pose les bases de cette recherche. Il est divisé en trois chapitres. Dans le Chapitre 1, une introduction au contexte de cette recherche, comprenant une description de ses principaux objectifs et de son champ d'application, est présentée. Au Chapitre 2 sont discutés les principaux phénomènes physiques mis en jeu lors d'une collision entre un navire et une éolienne en mer. Y sont présentés la dynamique externe des corps flottants, la mécanique interne (déformations structurelles), les approches de couplage, la modélisation des matériaux, les couplages sol-structure (éoliennes fixes), les interactions fluide-structure ainsi que la dynamique des systèmes d'amarrage (éoliennes flottantes). Le Chapitre 3 présente un état de l'art synthétique des méthodologies utilisées pour l'analyse des collisions entre navires, en mettant particulièrement l'accent sur les méthodes simplifiées. De plus, les méthodes de couplage entre mécanique interne et dynamique externe sont également discutées.

Simulations numériques

La deuxième partie du manuscrit présente une description détaillée des études numériques menées dans le cadre de cette recherche. Ces simulations servent ensuite de référence pour valider les méthodes simplifiées développées dans ce travail de recherche. Au chapitre 4, le test d'impact expérimental sur composants tubulaires offshores mené par Cerik et al.

[112] est reproduit numériquement, ce qui permet de calibrer les simulations numériques réalisées par la suite. La validité des lois de comportement matériaux et des maillages éléments finis utilisés est évaluée.

Au Chapitre 5, une campagne de simulations numériques d'impacts contre des supports tubulaires d'éoliennes est réalisée. Ces simulations visent à reproduire une collision typique entre un navire et une éolienne offshore, idéalisée par un tube à section constante encastrélibre avec une masse à son extrémité. Sont considérés des supports monopieux et des flotteurs de type spar utilisés classiquement pour les éoliennes offshores de 5 à 15M W . Au total, des impacts contre sept éoliennes de dimensions différentes sont simulés en considérant deux vitesses et deux points d'impact distincts. Les résultats issus de ces simulations servent essentiellement à identifier les principaux mécanismes de déformation, à savoir : (i) enfoncement élastique local au point d'impact, (ii) enfoncement plastique local combiné à une flexion élastique globale de type poutre, et (iii) flambement plastique localisé près de l'encastrement de la structure.

Le Chapitre 6 présente la simulation d'un navire de service de 6000 tonnes percutant à faible vitesse l'éolienne monopieu de référence NREL 5MW [194]. La force de contact, l'évolution temporelle des énergies et la réponse en accélération de la nacelle sont post-traités puis utilisés pour valider la méthode proposée permettant le calcul de la cinématique de la nacelle (présentée dans le chapitre 9). Cette étude confirme l'importance de prendre en compte l'interaction sol-structure dans de tels scénarios de collision. En négligeant cet aspect, l'accélération maximale de la nacelle est sous-estimée jusqu'à 85%. De plus, on constate que même à très faible vitesse (1m/s), la collision d'un navire de service peut entraîner des niveaux d'accélération dépassant la limite de sécurité de 0.2g. Dans le cadre de sa thèse de doctorat, des simulations de collision d'un navire contre une éolienne flottante de type spar ont été réalisées par Sara Echeverry [START_REF] Echeverry | Numerical and analytical study of a spar-like floating offshore wind turbine impacted by a ship[END_REF] en utilisant le code de calcul LS-DYNA couplé au solveur de dynamique de corps rigide MCOL. Elles ont révélé que l'énergie totale du système, initialement égale à l'énergie cinitique du navire avant impact, ne restait pas constante. Au Chapitre 7, l'origine de cette perte d'énergie est clairement démontrée. En fait, il s'avère que l'énergie cinétique associée à la vitesse relative (par rapport au CoG de la structure) des noeuds subissant une déformation n'est pas correctement prise en compte par LS-DYNA/MCOL dans le bilan d'énergie. Dans certains cas, tels que la collision d'un navire contre une éolienne de type spar, ce défaut d'énergie peut être significatif. Enfin, un bug associé au calcul MCOL de l'amortissement radiatif des vagues a été identifié dans la version R10.2 de LS-DYNA/MCOL. Le problème a été discuté avec l'équipe de développement de LS-Dyna (Ansys, Inc.) puis corrigé dans la dernière version du logiciel.

Développement d'un outil d'évaluation rapide de collision

Le troisième et dernier volet du manuscrit comprend deux chapitres. Le Chapitre 8 décrit en détail la méthode simplifiée développée dans cette thèse pour calculer la réponse à l'impact quasi-statique élasto-plastique d'un support tubulaire d'éolienne, incluant les trois phases successives présentées au chapitre 5.

La méthode proposée est basée sur un algorithme "pas à pas" construit à partir des formulations théoriques associées aux différents mécanismes de déformation. Le support d'éolienne est idéalisé par un cylindre encastré-libre à section constante et une masse représentant l'ensemble nacelle-turbine située à son extrémité libre. L'algorithme développé est ensuite implémenté dans un solveur développé sous Matlab permettant d'estimer les courbes force-pénétration et les bilans d'énergies pour des impacts de navires situés à mi-hauteur et au quart de la hauteur du cylindre.

Trouver un moyen de simuler un enfoncement plastique local combiné à une flexion élastique de type poutre a constitué le principal défi de ce travail. Le problème est résolu de la façon suivante : des coefficients de réduction, construits à partir de la force résistante plastique de la paroi du tube, sont appliqués pour prendre en compte la perte de résistance d'un mécanisme due à l'action de l'autre mécanisme. Ces coefficients dépendent de l'emplacement de l'impact. Pour des impacts à mi-hauteur, on constate que la flexion élastique globale contribue bien moins à l'absorption d'énergie que l'enfoncement plastique local et peut ainsi être négligée. Dans le cas d'un impact au quart de la hauteur, pour lequel la contribution du mode de flexion élastique de poutre est plus prononcée, on fait l'hypothèse que la résistance globale de l'éolienne est répartie équitablement entre l'enfoncement plastique local et la flexion élastique globale.

Le code est validé par comparaison aux résultats issus des simulations numériques présentées au Chapitre 5. On montre qu'il est capable de prédire avec une assez bonne précision la réponse à l'impact de la structure. Les bilans d'énergies ainsi que les courbes force-pénétration sont bien reproduits. Les écarts sur la déformation totale du support de l'éolienne n'exèdent pas 10%, la méthode analytique proposée étant généralement conservatrice. Le code développé présente également un avantage considérable en termes de temps de calcul : la simulation d'un scénario de collision ne dure que quelques secondes, là où un calcul LS-DYNA peut prendre plusieurs heures. Néanmoins, on peut constater que la méthode proposée tend à être trop conservatrice pour des structures tubulaires ramassées (rapport diamètre sur longueur important). Dans le cas d'un impact à mihauteur, la flexion élastique globale semble avoir une contribution plus importante et ne peut plus être négligée. De plus, la méthode proposée dans le cadre de ce travail de thèse est limitée aux impacts d'étraves de navires. Pour les impacts latéraux ou arrières, les champs de déplacement postulés lors la construction des formules analytiques ne sont plus valables, ce qui fait que les modèles locaux considérés pour les phases de déformation 1 et 2 doivent être entièrement revus.

Au Chapitre 9, une méthode simplifiée pour évaluer la réponse dynamique élastique de l'éolienne à une force d'impact est développée. Un accent particulier est mis sur l'obtention de l'accélération au niveau de la nacelle. La structure est idéalisée comme un ensemble d'éléments continus de poutres Euler-Bernoulli avec une masse située à l'extrémité pour représenter l'ensemble nacelle-turbine. Dans un premier temps, une méthode de matrice de transfert est utilisée pour assembler les quelques éléments continus utilisés pour représenter la structure complète et calculer ses propriétés modales. Une fois fréquences propres et déformées modales calculées, on applique dans un second temps une technique de superposition modale pour calculer la réponse à une force de collision pré-calculée.

L'analyse modale est validée par confrontation à des résultats numériques et expérimentaux. La méthode proposée montre une bonne précision dans l'estimation des propriétés modales des assemblages de poutres multiples, tout en étant très efficace du point de vue temps de calcul. Son applicabilité aux structures d'éoliennes réelles est également discutée, et notamment à des supports coniques ainsi qu'aux interactions solstructure et fluide-structure. D'excellents résultats sont obtenus pour un modèle d'éolienne à base fixe, tant en termes de propriétés modales que de réponse dynamique. En revanche, lorsque l'on considère l'interaction sol-structure, des écarts avec les résultats numériques plus importants sont observés sur les formes modales et, par suite, sur les amplitudes de réponse dynamique. Les valeurs d'accélération maximale calculées restent néanmoins dans une précision raisonnable avec des écarts inférieurs à 5% par rapport aux résultats éléments finis. De plus, comme différentes approches ont été utilisées pour modéliser la flexibilité du sol, l'origine des écarts entre le modèle proposé et le modèle éléments finis reste incertaine. Des investigations supplémentaires s'avèrent donc nécessaires pour une analyse plus concluante. Dans l'ensemble, la méthode présentée permet une bonne approximation des caractéristiques modales d'une éolienne et fournit une estimation raisonnable de sa réponse dynamique à une force d'impact donnée. Des améliorations sont bien entendues possibles (par exemple, la mise en oeuvre d'un seul élément de tour conique) afin d'accroitre son applicabilité et sa fiabilité.

Titre : Développement d'un solveur analytique fiable et rapide pour l'analyse de la réponse d'éoliennes offshores tubulaires impactées par un navire.

Mots clés : Collision de navire, éolienne offshore, éléments finis, méthodes analytiques Résumé : Cette thèse traite du développement de méthodes analytiques pour l'analyse de la réponse aux collisions de navires d'éoliennes offshores tubulaires telles que les monopieux et les flotteurs de type Spar, en considérant les déformations non seulement plastiques mais aussi élastiques, ceci afin de traiter des impacts à faible et à haute énergies. Le travail de recherche s'articule en deux parties. La première concerne la réponse à l'impact d'éoliennes classiques tubulaires en déformation élastoplastique quasi-statique. Un algorithme « pas à pas » est développé sur la base de formulations théoriques puis implémenté dans un solveur permettant de prédire le processus de déformation complet de l'éolienne.

Dans la seconde partie, la réponse dynamique élastique d'un monopieu impacté par un navire est étudiée. Une méthode basée sur des matrices de transfert est développée pour quantifier la réponse de l'éolienne à une charge impulsionnelle donnée et en particulier l'accélération vue par la nacelle. Ce travail de thèse s'inscrit dans le cadre du projet de recherche ColFOWT, qui vise à développer un outil complet et rapide d'analyse de collisions navire-éolienne offshore. L'outil permettra à terme de modéliser le processus de transfert d'énergie multi-mécanismes qui a lieu lors d'une collision de navire, y compris les modes de déformation locaux et globaux ainsi que l'effet des chargements hydrodynamiques et des lignes d'ancrage.

Title: Development of a fast and reliable solver based on analytical formulae to assess the response of standalone tubular Offshore Wind Turbine supports subjected to ship impact. Keywords: Ship Collision, Offshore Wind Turbine, NLFEA, Simplified Methods Abstract: This thesis focuses on the development of simplified methodologies to assess the ship collision response of offshore wind turbines (OWT) supported by standalone tubular members such as monopiles and spar floaters, with the inclusion of elastic contributions, and the capability to address both low and high-energy impacts The research is divided into two parts. The first part concerns the quasi-static elasto-plastic impact response of typical OWTs. A timestepping algorithm was developed based on theoretical formulations and implemented in a structural solver that is capable of predicting the OWT's complete deformation process.

The second part examines the dynamic elastic response of a monopile to a ship impact. A simplified two-step framework based on transfer matrices was developed to assess the response of the OWT to a given collision load, in particular the RNA acceleration. This thesis was conducted in the framework of the ColFOWT project, which aims to develop a comprehensive and rapid assessment tool for ship-OWT collisions. The tool will be capable of modelling the multi-mechanism energy transfer process that takes place during a collision event, including local and global deformation mechanisms, hydrodynamic effects, and mooring response.
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  Furnes & Amdahl [100], Soreide et al. [101], Ellinas & Walker [102], and Amdahl [121]. These models are based on experimental observations and rely on a simple idealization of the tube's deformed cross-sectional geometry. Wierzbicki & Suh [122] derived the first closed-form expression for the local resistance of tubes subjected to combined lateral indentation, bending and axial loading. They idealized the tube as a set of rings and generators, essentially decoupling bending and membrane effects. More recently, this model has been extended by Yu & Amdahl [123] to account for a distributed loading along a defined contact width. Regarding the global bending mode, Soreide & Amdahl [103] and Soares & Søreide [124] presented analytical expressions for the global bending resistance, taking into account the effects of local geometry changes and finite deflections. They neglected local denting resistance, however. Models that contemplate the interaction between local and global modes can be found in the works of Ellinas & Walker [102], Paik et al. [105], and Cho
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  Fig. B.3 in Appendix B.2.

  (a) Side view.(b) Cross-section.

Figure 8 . 1 :

 81 Figure 8.1: Idealization of the local elastic denting mode with two diametrically opposed concentrated loads.

Figure 8 . 2 :

 82 Figure 8.2: Definition of the displacement field as presented by [127] for the local plastic denting mode.

Figure 8 . 3 :

 83 Figure 8.3: Idealization of the global elastic beam bending mode. The tube is clamped at the left extremity and a punctual force is applied at a distance x = L 1 from the base.

Figure 8 . 4 :

 84 Figure 8.4: Schematic representation of the evolution of each force component and the corresponding resultant for a mid-length impact. The curve associated to the local plastic mechanism is presented in green. The resultant force is shown in red.

Figure 8 . 5 :

 85 Figure 8.5: Schematic representation of the evolution of each force component and the corresponding resultant for a quarter-length impact. Local and global mechanisms are presented, respectively, in green and blue. The resultant force is shown in red.

Figure 8 . 6 :

 86 Figure 8.6: Schematic representation of the displacement fields defined for the deformation pattern at the base of the tube, the "elephant foot" mechanism.

Figure 8 . 7 :

 87 Figure 8.7: Force-penetration, penetration over time and energy balance over time curves obtained numerically and with the simplified analytical method for a 2m/s mid-length impact.

Figure 8 . 10 :

 810 Figure 8.10: Force-penetration, penetration over time and energy balance over time curves obtained numerically and with the simplified analytical method for a 5m/s quarter-length impact.

Figure 9 . 1 :

 91 Figure 9.1: Beam assembly of N beam elements with different material and geometrical properties.

Figure 9 . 2 :

 92 Figure 9.2: Dimensions of the experimental test specimen provided in Stanton & Mann [155].

Figure 9 . 3 :

 93 Figure 9.3: Mode shapes comparison for modes 1 to 3 of the beam test specimen.

Figure 9 . 4 :

 94 Figure 9.4: Dimensions of the NREL 5MW land-based wind turbine analyzed in Bir & Jonkman [195].

Figure 9 . 5 :

 95 Figure 9.5: Dimensions of the OWT for the fixed base case and SSI model used in the present method. Dimensions of the equivalent pile are shown in (b).

Figure 9 . 6 :

 96 Figure 9.6: Comparison of mode shapes from 1 to 6 obtained in LS-DYNA (blue) and with the present TMM approach (red) for the fixed base NREL 5MW monopile OWT.

Figure 9 . 7 :

 97 Figure 9.7: Comparison of mode shapes from 1 to 6 obtained in LS-DYNA (blue) and with the present TMM approach (red) for the SSI base NREL 5MW monopile OWT.

Figure 9 . 8 :

 98 Figure 9.8: Comparison of RNA acceleration results for the fixed base model.

Figure 9 . 9 :

 99 Figure 9.9: Frequency response spectrum of the RNA acceleration for the fixed base OWT.

Figure 9 . 10 :

 910 Figure 9.10: Comparison of RNA acceleration results for the SSI model.

Figure 9 . 11 :

 911 Figure 9.11: Frequency response spectrum of the RNA acceleration for the SSI model.

Figure B. 3 :

 3 Figure B.3: Schematic diagram of the algorithm applied for the structural solver. In the Update Kinematics box, parameters v imp and a imp denote, respectively, the velocity and acceleration of the impactor.
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 4 Figure B.4: Idealizations for a thin-walled cylinder that is subjected to a punctual load. The parameter B is the effective indentation length, detailed in Gresnigt & Karamanos [200].
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 41 Overall geometryThe first step in deriving the displacement field associated to the local indentation mechanism resulting from the impact of a conventional ship stem consists in defining the geometry of the impactor. Consider the arrangement depicted in Fig.B.5. 
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 8 Figure B.8: Definition of the displacement field. From Buldgen et al. [127].
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Table 3 .

 3 1: Types of tubular members typically used in offshore structures. Adapted from: Ellinas & Valsgard [95].

	Platform	Member	D/t	L/D	Stiffening Type
	Semi-sub	Column Brace	500-1000	3-10 10-30	Rings, stringers, bulkheads Ring, bulkheads
	Jack-up	Chord Brace	10-30 10-30	20-40	Rack No
	Jacket	Chord Brace	20-50 30-60	10-15 15-30	No No
	OWT supports Standalone tube 100-200 10-25	Rings, stringers

  conducted tests using a hemispherical indenter. Other experimental investigations on steel tubular members subjected to quasi-static lateral loads are detailed in Furnes & Amdahl [100], Soreide et al. [101], and Ellinas & Walker [102], leading to the development of crashworthiness design recommendations against local denting. Furthermore, Soreide & Amdahl [

  Abrate[START_REF] Abrate | Vibration of non-uniform rods and beams[END_REF], Lau [147], Auciello & Ercolano [148], Auciello & Nole [149], and Ece et al. [150]. Other studies, such as Jang [151], Biondi & Caddemi [152], Naguleswaran [153], Koplow et al. [154], and Stanton & Mann [155] focus on stepped beams with discontinuous material or geometrical properties. In applications where FSI can significantly influence dynamic responses, exact solutions for partially submerged cantilever beams have been formulated by researchers such as Uści lowska & Ko lodziej [156], Öz [157], and Wu & Chen [158], and more recently, De Rosa et al.

,

Rossi et al. [145]

, and

White & Heppler [146]

. For non-uniform beams, in particular linearly tapered beams, examples can be found in:

Table 4 . 1 :

 41 Dimensions of the used tubular members. Diameter D, thickness t and length L of the brace and the chord are given, as well as the D/t and L/D ratios of both components.

	Specimen Member D [mm] t [mm] L [mm] L/D D/t
	OWT-B3	Brace Chord	89 114	3.68 4.04	886 1300	10 11	24 28
	OWT-D1	Brace Chord	76 114	1.85 4.04	1686 1300	22 11	41 28

Table 4 .

 4 

		OWT-B3	
		Max. Penetration [mm] Max Force [kN]
	Experimental	101.01	84.62
	NLFEA -Present	101.04	86.23
	Disc. [%]	0.03	1.90
		OWT-D1	
		Max. Penetration [mm] Max Force [kN]
	Experimental	56.64	198.42
	NLFEA -Present	55.91	197.34
	Disc. [%]	1.28	0.54

2: Comparison of obtained maximum penetration and contact force results for the preliminary validation study.

Table 5 .

 5 1: Selected OWT support structures and their main dimensions. Seven test models covering a range of 5M W to 15M W OWTs were defined.

	1 Damiani 5MW	Fixed	5.8	37	120	350	156	21
	2 DOWEC 6MW	Fixed	5.3	47	110	272	113	21
	3 DTU 10MW	Fixed	8.4	60	145	675	140	17
	4 IEA Wind 15MW	Fixed	8.3	40	180	820	206	22
	5 NREL 5MW OC3	Float.	6.5	39	140	350	179	20
	6 Hywind Scotland 6MW Float.	9.0	60	160	350	150	18
	7 Hywind Tampen 8MW Float.	7.2	40	105	480	180	13

Model

Type

D [m] t [mm] L [m] M rna [tons] D/t L/D References: 1) [185], 2) [186], 3) [187], 4) [4], 5) [188], 6) [189],

7) [190]

.

Table 5 .

 5 2: Material properties used for the finite element test tubes. Note that the yield strength σ y is assumed to be equal to the average flow stress σ 0 . Le Sourne et al. [116], Bela et al.

	Property	Notation Unit	Value
	Yield stress	σ y	MPa	363.7
	Poisson's ratio	ν	-	0.33
	Young's modulus	E	MPa 207000
	Tangent modulus	E t	MPa	5500
	Density	ρ	kg/m 3	8500

Table 6 .

 6 1: Material properties used for the OWT[START_REF] Pire | Development of a code based on the continuous element method to assess the crashworthiness of an offshore wind turbine jacket[END_REF] 194]. at the structure's tip to a single, separate node situated precisely at the RNA's CoG, as shown in Fig.6.2. The inertial properties of the RNA which were assigned to this node are outlined in Table6.2.

	Property	Notation Unit	Value
	Yield stress	σ y	MPa	240
	Poisson's ratio	ν	-	0.33
	Young's modulus	E	MPa 210000
	Tangent modulus	E t	MPa	1018
	Density	ρ	kg/m 3	8500

To model the RNA, Constrained Nodal Rigid Bodies (CNRB) were employed to connect the nodes Figure 6.2: Rotor-nacelle assembly representation. Constrained Nodal Rigid Bodies are shown as red lines. The position of the RNA's CoG is marked.

Table 6 . 2

 62 

	Property	Unit	Value
	Rotor mass	kg	110000
	Nacelle mass	kg	240000
	RNA CoG location downwind of yaw axis	m	2.35
	RNA CoG location above yaw bearing	m	1.97
	Inertia about roll axis through CoG	kgm	

: Properties used for the RNA [195]. 2 4.37 × 10 7 Inertia about pitch axis through CoG kgm 2 2.35 × 10 7 Inertia about yaw axis through CoG kgm 2 2.54 × 10 7

Table 6 .

 6 3: Soil stiffness properties. Obtained from Bela et al. [43]. [MN/m] [MNm/rad] k xx 7.4 × 10 3 θ xx 1.3 × 10 4 k yy 7.4 × 10 3 θ yy 1.3 × 10 4 k zz 1.5 × 10 3 θ zz 3.2 × 10 2

Table 8 .

 8 

		1: Comparison of the maximum resistance force, penetration and absorbed energy
	obtained numerically and with the simplified analytical method for a 2m/s mid-length
	impact.									
	Model	F max [MN] NLFEA Analytical Disc. [%] NLFEA Analytical Disc. [%] NLFEA Analytical Disc. [%] δ max [m] U max [MJ]
	1	8.44	8.12	-3.75	2.20	2.35	6.82	11.25	12.00	6.67
	2	10.69	10.23	-4.30	1.79	1.88	5.03	10.21	12.00	17.53
	3	12.83	13.26	3.35	1.40	1.46	4.37	10.83	12.00	10.80
	4	8.29	8.08	-2.53	2.34	2.40	2.55	10.58	12.00	13.42
	5	9.18	8.33	-9.25	2.17	2.32	7.21	11.23	12.00	6.86
	6	12.53	12.95	3.35	1.44	1.50	3.84	11.10	12.00	8.11
	7	10.43	8.89	-14.74	1.94	2.17	12.13	11.83	12.00	1.44
		Average Disc. [%]	4.04	Average Disc. [%]	4.54	Average Disc. [%]	9.30

Table 8 . 2 :

 82 .2. Comparison of the maximum resistance force, penetration and absorbed energy obtained numerically and with the simplified analytical method for a 2m/s quarter-length impact.

	Model	F max [MN] NLFEA Analytical Disc. [%] NLFEA Analytical Disc. [%] NLFEA Analytical Disc. [%] δ max [m] U max [MJ]
	1	13.49	13.45	-0.30	1.74	1.68	-3.45	11.91	12.00	0.75
	2	17.28	17.47	1.10	1.31	1.23	-6.11	11.94	12.00	0.50
	3	19.96	19.66	-1.50	1.19	1.14	-4.20	11.78	12.00	1.87
	4	12.51	11.97	-4.32	1.87	1.88	0.05	11.91	12.00	0.76
	5	13.68	12.97	-5.16	1.74	1.73	-0.57	11.87	12.00	1.06
	6	18.24	18.76	2.85	1.23	1.19	-3.25	11.77	12.00	1.96
	7	14.74	14.11	-4.26	1.58	1.59	0.63	11.66	12.00	2.92
		Average Disc. [%]	2.78	Average Disc. [%]	2.61	Average Disc. [%]	1.40

Table 8 . 4 :

 84 Comparison of the maximum resistance force, penetration and absorbed energy obtained numerically and with the simplified analytical method for a 5m/s quarter-length impact.

	Model	F max [MN] NLFEA Analytical Disc. [%] NLFEA Analytical Disc. [%] NLFEA Analytical Disc. [%] δ max [m] U max [MJ]
	1	18.83	19.64	4.30	6.69	6.75	0.90	70.81	75.00	5.92
	2	24.99	24.48	-2.04	4.69	4.79	2.35	71.66	75.00	4.67
	3	43.84	47.00	7.20	3.23	3.03	-6.19	74.05	75.00	1.29
	4	23.36	23.01	-1.50	5.99	6.07	1.20	72.80	75.00	3.02
	5	22.86	21.19	-7.31	6.03	6.32	4.98	71.91	75.00	4.29
	6	43.07	45.23	5.02	3.34	3.14	-5.71	73.95	75.00	1.42
	7	29.18	29.26	0.27	4.75	4.78	0.63	73.16	75.00	2.52
		Average Disc. [%]	3.95	Average Disc. [%]	3.14	Average Disc. [%]	3.30

Table 9 .

 9 1: Comparison of natural frequencies obtained in Stanton & Mann [155] and in the current study. Results for the first four modes were provided. Discrepancy between results obtained experimentally and via the TMM and FEM methods are presented.

			Frequency [Hz] (Discrepancy [%])
	Mode Exp. [155] TMM [155] TMM -Present FEM -Present
	1	212.2	212.4	212.4 (0.09)	212.0 (0.09)
	2	547.3	551.9	551.9 (0.85)	552.3 (0.91)
	3	1064.0	1077.6	1077.6 (1.28)	1079.2 (1.43)
	4	1748.2	1791.8	1791.8 (2.50)	1795.0 (2.61)

  Inertia about pitch axis through CoG kgm 2 2.35 × 10 7

		Unit	Value
	Total mass	kg	350000
	CoG vertical eccentricity	m	0.41

Table 9 .

 9 4: Natural frequencies for the first five fore-aft modes obtained inBir & Jonkman [195] and with the present method for the analyzed tower with no RNA included.

	Method	Elem. [#] Time [s]	Mode 1	Frequency [Hz] (Discrepancy[%]) Mode 2 Mode 3 Mode 4	Mode 5
	BModes [195]	50	-	0.891	4.374	11.391	21.865	35.827
	TMM (PC)	200	19.40	0.903 (1.3) 4.388 (0.32) 11.407 (0.14) 21.884 (0.9) 35.856 (0.1)

Table 9 .

 9 5: Natural frequencies for the first six fore-aft modes obtained in LS-DYNA and with the present method for the NREL 5MW monopile OWT with fixed base.

	Method	Mode 1	Mode 2	Frequency [Hz] (Discrepancy[%]) Mode 3 Mode 4 Mode 5	Mode 6
	FEM (LS-DYNA)	0.280	1.847	3.882	7.758	14.060	22.702
	TMM (PC)	0.283 (1.1) 1.878 (1.7) 3.975 (2.4) 8.328 (7.4) 15.026 (6.9) 24.174 (6.5)

Table 9 .

 9 6: Natural frequencies for the first six fore-aft modes obtained in LS-DYNA and with the present method for the NREL 5MW monopile OWT with an SSI model included.

	Method	Mode 1	Mode 2	Frequency [Hz] (Discrepancy[%]) Mode 3 Mode 4 Mode 5	Mode 6
	FEM (LS-DYNA)	0.248	1.744	3.784	7.417	12.786	19.735
	TMM (PC)	0.243 (1.9) 1.653 (5.3) 3.516 (7.1) 7.087 (4.5) 12.708 (0.6) 20.238 (2.5)

  Ladeira, I. et al. Assessment of the energy balance gap for ship-FOWT collision simulations with LS-DYNA/MCOL in Developments in the Analysis and Design of Marine Structures 85864 (CRC Press, 2021), 221-228. doi:https://doi.org/10.

	10.3 Recommendations for future work
	Further steps in the development and improvement of the work presented in this thesis
	are listed below:
	• Coupling of the developed elasto-plastic structural solver with the rigid-body dy-
	namics program MCOL [177] in order to enable collision simulations involving ships
	and spar FOWTs.
	1201/9781003230373

• Ladeira, I. et al. A simplified method to assess the elasto-plastic response of standalone tubular Offshore Wind Turbine supports subjected to ship impact. Ocean Engineering 279, 114313. doi:https://doi.org/10.1016/j.oceaneng.2023. 114313 (2023) • Ladeira, I. et al. A Semi-Analytical Methodology to Assess the Dynamic Elastic Response of a Monopile Offshore Wind Turbine Subjected to Low-Energy Ship Impacts in International Conference on Offshore Mechanics and Arctic Engineering 85864 (2022), V002T02A012. doi:https://doi.org/10.1115/OMAE2022-79672 • Ladeira, I. et al. Review of methods to assess the structural response of offshore wind turbines subjected to ship impacts. Ships and Offshore Structures, 1-20. doi:https: //doi.org/10.1080/17445302.2022.2072583 (2022) •

This assumption is justified in Appendix B.3.

A detailed step-by-step derivation of the assumed displacement fields used inBuldgen et al. [127] is presented in Appendix B.4

Simulations were carried out on an AMD EPYC 7702 64-Core (2GHz) 256 GB RAM workstation using 8 cores.

The Damping Frequency Range card in LS-DYNA defines the frequency-dependent material damping behavior using a combination of viscous damping and hysteretic damping. The latter is defined by specifying the damping ratio at two frequencies, and the damping behavior at other frequencies is interpolated using a power-law function.
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On the other hand, as d has an inclination γ and is going through the point A, its equation may be written as follows:

where x A and γ are respectively given by Eqs. B. 

An additional relation may be found by assuming, as done in references [122,213], that the initial perimeter of C remains unchanged during the crushing process. This may be mathematically translated by the following relation:

Substituting Eq. B.9 in Eq. B.10 leads to an explicit expression for R 1 as a function ψ:

From Fig. B.7b, it appears that ψ = π when the section is completely crushed. If we denote by ψ 0 the initial value of ψ when δ = 0, we may adopt the subsequent linear variation of ψ with the penetration δ :

where δ f is the final value of δ for which the section is completely crushed. The value of ψ 0 is still unknown, but will be fixed later on. The deforming pattern depicted on Fig.

B.7b is entirely characterized with help of Eqs. B.9, B.11 and B.12 and the next step consists in deriving the displacement field associated to this mechanism.

So far, only the displacements taking place in the horizontal plane Z = Z S (Fig. B.5) have been considered. Nevertheless, it is clear that the entire cylinder is deforming during the impact, so we need to extrapolate the velocity ẇ(θ, δ) along the vertical z axis. This can be achieved by proceeding in a similar way than Wierzbicki & Suh [122], who considered that the deforming portion of the tube is progressively growing with the indentation δ. Consequently, looking at the deformation in the plane x = 0 (Fig. B.8b), we can imagine that the cylinder is linearly indented over the portion -ξ 2 ≤ z ≤ ξ 1 , while the other parts -L 2 ≤ z < ξ 2 and ξ 1 < z ≤ L 1 are assumed to remain undamaged. This leads to: [START_REF] Moan | Development of accidental collapse limit state criteria for offshore structures[END_REF] where ξ 1 ≤ L 1 and ξ 2 ≤ L 2 are described by Eq. 8.17 (given in Section 8.2.2).

Once the displacement fields are defined, the derivation can follow the procedure detailed in Section 8.2.2. Note that for convenience, the nomenclature of some of the geometrical entities differs in the aforementioned section.